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Performance Engineer, 
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Leavesden, Watford, 

Herts, England 

Acceleration Performance of 
Helicopter Engines 
The desirability of good acceleration behavior from helicopter gas turbine engines is 
discussed in the context of the increasing demand for helicopter maneuverability and 
safety. Features which result in improved engine handling qualities are discussed and 
reference is made to some analytical techniques which may be employed to assist in 
obtaining the best results. 

Introduction 

The importance of good acceleration and deceleration 
behavior, or handing, from aircraft gas turbine engines is well 
known throughout the industry and particular attention must 
be given to this subject at all phases of an engine's develop­
ment, from initial concept through to the effect of deteriora­
tion during service. 

Nowhere is the transient response of an engine brought 
more sharply into focus than in helicopter power plants. Large 
and rapid changes in power are demanded by the rotor system 
in many flight modes, both normal and emergency. These in­
clude rapid descent to the hover, quick stop maneuvers, "nap-
of-earth" (NOE) flying and, in the case of multi-engined 
helicopters, recovery from a single-engine failure. In all but 
the last of these cases a power change demand is placed on the 
engine via a pilot input to the rotor system which affects its 
blade angle of attack and hence lift and drag. In a conven­
tional rotor droop system a change in drag alters the rotor's 
rotational speed which signals the engine via the control 
system to change power. Poor engine response to this power 
demand will lead to excessive rotor speed variation which 
ultimately limits the helicopter's maneuverability. In the last 
case poor engine response will lead to excessive rotor droop, 
increased height loss and thus can endanger the aircraft itself. 

Currently engine acceleration times are the biggest lag item 
in the response of the helicopter. The aim of the designer of a 
modern helicopter engine must therefore be to provide han­
dling qualities which shift the limitation of helicopter 
maneuverability from the engine/control system combination 
onto the helicopter rotor system itself. This improvement must 
be achieved against a background of lighter, low-inertia, 
highly loaded main rotors (which respond in speed more 
quickly) and the requirements to obtain the best possible 
steady-state performance from the engine at the lowest weight 
and cost. 

Increasing demands for helicopter maneuverability and 
safety are being placed on manufacturers by the customer and 
authorities alike. In order to provide the best possible solution 
some of the traditional measures of engine handling need to be 
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Fig. 1 Typical modern helicopter engine 

reassessed in light of the helicopter's demands and some 
sophisticated analysis techniques are required. 

The Helicopter Engine 

A typical layout of a modern helicopter gas turbine is given 
in Fig. 1. In essence it consists of a one or two-shaft gas 
generator (comprising a compressor, combustion chamber, 
and turbine) and a free power turbine which may either pro­
vide a front drive, usually via a concentric shaft through the 
gas generator shaft, or a rear drive. The power turbine is con­
trolled to a desired speed during all flight modes via the engine 
control system whereas the gas generator varies in speed thus 
altering the air mass flow through the engine and hence the 
power. The free power turbine configuration is chosen for 
helicopter engines because it isolates the gas generator speed 
(and hence the ability to produce power) from the rotor droop 
brought about by the change in power demand. Fixed shaft 
engines can be very dangerous in this respect: Excessive droop 
produces low lift for a given power and low power 
simultaneously, an unstable combination. The ability of the 
control system to maintain a constant rotor speed during load 
changes depends upon the rate at which the engine will re­
spond to the load change. 

What Is Good Handling? 

From the point of view of the helicopter designer, ideal 
handling from an engine would enable the rotor to remain at a 
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chosen speed irrespective of the transient loads. In other 
words, the power demanded by the rotor system would always 
be matched by the power available from the engines. It 
therefore follows that in practical terms the only measure of 
handling ability that is of use is that of rate of change of power 
against time. This rate of change will typically vary during an 
acceleration and it has been shown at Rolls-Royce that within 
a given overall acceleration time, the variation of rate can very 
significantly affect helicopter response. 

A typical power versus time plot for an engine response to a 
load demand might be as shown in Fig. 2. The curve is 
characterized by a pause (interval A) during which the control 
system senses the load change and signals a change to the fuel 
flow; a relatively slow buildup of power (interval B) during 
which the engine moves through conditions unfavorable to 
rapid acceleration; a fast buildup of power (interval C) during 
which conditions are favorable; and arrival at the required 
power (interval D) which may exhibit an overshoot or an 
asymptotic approach as illustrated. 

The effect of the magnitude of these parameters on 
helicopter performance during a "flyaway" maneuver has 
been studied at Rolls-Royce using a simple computer dynamic 
helicopter model. The flyaway maneuver is carried out when a 
multi-engined helicopter suffers a single engine failure in the 
hover and immediate landing is impracticable. The maneuver, 
illustrated in Fig. 3, takes advantage of the relatively low 
power required to fly at moderate forward speed in com­
parison with the power to hover (Fig. 4). Assuming that the 
power available from the remaining engine is insufficient to 

Height 
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Fig. 5 Flyaway prediction: typical input and output 

hover, the pilot gains forward speed by diving the helicopter, 
effectively trading potential energy (altitude) for kinetic 
energy (forward speed), while using collective pitch to reduce 
the rate of height loss as much as possible without reducing the 
rotor speed unacceptably. On reaching a forward speed at 
which the power available exceeds the power required the 
flight may be continued. The computer model simulates this 
maneuver and the response of the remaining engine may be 
varied. Typical input to and output from the model are il­
lustrated in Fig. 5, and a diagram of the logic is shown in Fig. 
6. In the example shown in Fig. 5 it was assumed that the sur­
viving engine reacted half a second after the failure of the first 
engine and reached full power after a further second. The pilot 
was assumed to have taken action after two seconds and to 
have accelerated to 50 kts while endeavoring to maintain the 
rotor speed at 90 percent of its normal value. The effectiveness 
of the maneuver is determined by the overall height loss—a 
very significant factor if the aircraft is close to the ground or 
the sea. 

The investigation revealed the importance of preventing 
rotor speed decay by applying power as quickly as possible. 
That is to say the time before the onset of a rapid power 
change illustrated in Fig. 2 as interval C must be reduced to the 
minimum possible. A high acceleration rate in interval C is 
reduced in effectiveness if it is preceded by a significant period 
during which the power available remains essentially static. 

The effects of engine reaction time and acceleration rate for 
various power recoveries are illustrated in Figs. 7 and 8. As 
would be expected the strongest influence on the height loss is 
the percentage of the original hover power that the second 
engine is able to achieve—the higher the "contingency" power 
the better—but if it arrives too late the helicopter may have 
already hit the ground. 

Factors Affecting Handling Qualities of Helicopter 
Engines: Definitions 

Handling Qualities. The ability of an engine to change from 
one power condition to another rapidly and without surge. 

Compressor Characteristic. A compressor characteristic 
relates the pressure ratio P2/P1, nondimensional inlet air 
mass flow MSTl/Pl, and efficiency of a compressor for given 
lines of constant nondimensional speed NG/^FTl (Fig. 9), 
where 

M is the air mass flow 
71 is the temperature of the air at entry to the compressor 
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Fig. 6 Flyaway program flow diagram 

PI is the pressure of the air at entry to the compressor 
P2 is the pressure of the air at exit from the compressor 

NG is the compressor speed 

Steady-State Running Line. The steady-state running line is 
the locus of points on a compressor characteristic on which the 
engine will operate at a steady condition (Fig. 9). 

Transient Running Line. The transient running line is the 
path followed on the compressor characteristic during a 
change from one condition to another. The variation from the 
steady-state line depends upon the rate of that change (Fig. 9). 

Surge (or Stall). Surge or stall is the breakdown of normal 
flow through the engine. It can lead to overtemperaturing of 
the turbines and structural damage because the pressure falls 
with reduced flow and so the flow status becomes unstable. 

Surge Line. The surge line is the locus of points on the com­
pressor characteristic at or above which the engine will surge 
(Fig. 9). 

Surge Margin. The surge margin is a measure of the separa­
tion of the surge line from the running line. It may be defined 
as the ratio between the pressure ratios of the surge line and 
the running line of a given inlet nondimensional mass flow or 
speed, or a ratio between the outlet nondimensional mass 
flows at the surge line and running line at a given speed. 

The output power from an engine depends at its most basic 
level on the airflow through the power turbine. The 
temperature and pressure of this air are obviously very impor­
tant, but to obtain a significant and sustained change in power 
it is necessary to increase the flow through the engine and 
therefore through the compressor. The relationship between 
flow and power is direct: The temperatures and pressures re­
maining equal, a 1 percent change in flow will give a 1 percent 
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Fig. 7 Typical 12,000 lb helicopter flyaway 
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Fig. 8 Typical 12,000 lb helicopter flyaway 
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Fig. 9 Compressor characteristic 

change in power. Thus the most important single factor in 
determining the ability to change power quickly is the ability 
to change flow quickly. Since flow depends on engine speed 
the rate of change of power is primarily governed by the rate 
of change of flow with speed and the rate of change of speed 
with time. The former is governed by the flow/speed 
characteristic of the compressor and the latter by the spool in­
ertia, the surge margin, and the temperature capability of the 
turbine. When an engine is accelerated the fuel flow and thus 
the turbine entry temperature is increased, thus providing an 
increase in turbine torque resulting in an increase in spool 
speed and hence air flow. However, due to the inertia of the 
spool, instantaneously the speed will not change. Since the tur­
bine nozzle is choked and its capacity measured as MVT/P is 
therefore fixed, the rise in turbine entry temperature (TET) 
must be matched by either a fall in mass flow or a rise in 
pressure ratio. This results in a movement on the compressor 
characteristic toward surge along a speed line (Fig. 10). Thus 
the surge margin limits the ability of the engine to accept a 
rapid increase in TET, assuming that the TET limit is not 
reached first. The inertia of the spool then determines the ac­
celeration. Clearly then, for a given surge margin, the inertia 
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of the gas generator spool determines the rate of change of 
speed—but does this mean that low inertia should be pursued 
at all costs? In practice an exercise aimed specifically at reduc­
ing the shaft inertia of an engine for which overall weight will 
have been of prime importance might yield a reduction of, 
say, 5 percent. This figure would be achieved by magnifying 
the problems associated with stress and life leading to a reduc­
tion in acceptable speeds and temperatures or, at the very 
least, increasing the problems associated with developing the 
engine to higher powers. Against this background an accelera­
tion which would have taken 5 s to complete would not take 
4,75 s—hardly a great prize. Alternatively, should the aim be 
the greatest possible surge margin? The answer to this ques­
tion has to be somewhat more qualified. It is true to say that 
an engine with a poor surge margin will not accelerate well, 
but the determination of what is an acceptable surge margin 
will depend upon other aspects of the compressor 
characteristic, most notably the flow/speed relationship. 

Improvements to the surge margin can be made in several 
ways. The steady-state running line can be lowered by a 
suitable choice of turbine nozzle capacities but this reduces the 
thermodynamic efficiency of the cycle and may cause the com­
pressor to operate at a less efficient part of the characteristic. 
Poor surge margin at low speed may be overcome by use of a 
blow-off valve which bleeds air from the compressor system to 
lower the working line, and the surge line position can be 
greatly improved by the use of casing treatments. Although 
both of these methods are usually effective they inevitably 
result in greater complexity, cost, or weight, and may serve 
only to provide some alleviation to a fundamentally poor posi­
tion caused by a poor rate of change of flow with speed. In ad­
dition, air that is dumped through a bleed valve is not 
available to the power turbine to generate power and so the 
balance of reduced power against improved spool acceleration 
is a delicate one. It is by addressing the aspect of flow/speed 
that satisfactory handling characteristics can be assured from 
the outset. 

It is obvious that the greater the gas generator speed range 
that an engine has to move through to get from one power 
level to another, the longer the acceleration will take. To a 
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Fig. 12 Engine transient performance program—flow diagram 

first order an engine accelerating from a zero power condition 
(no load) at 80 percent of the design speed to full power (at 100 
percent) has effectively twice the inertia—in terms of power 
versus time—of an engine accelerating from no load at 90 per­
cent speed. This argument may be developed further by con­
sidering the compressor flow/speed relationship—in effect the 
distance between the speed lines on the characteristic. Most 
compressors, particularly those with variable geometry, ex­
hibit a marked change in the slope of the flow/speed line near 
the lower end of the operating range (see Fig. 11). Again to a 
first order it can be said that a doubling of the slope of the 
flow/speed line is equivalent for power versus time of a halv­
ing of the inertia. Thus avoiding operating in areas where the 
change of flow with speed is poor is of prime importance. The 
improvement in engine handling which results can be very 
great and for a desired power versus time relationship the 
surge margin required can actually be reduced. 

Transient Modeling Techniques 

After the ground rules have been established, the perfor­
mance engineer requires a method of ascertaining the most ap­
propriate engine configuration from the point of view of tran­
sient operation. At Rolls-Royce non-real-time transient per­
formance programs which are capable of simulating working 
line trajectories and acceleration behavior to a high degree of 
accuracy have been developed from the steady-state programs 
using a method based on very small time intervals. An outline 
flow diagram of the program is shown in Fig. 12. 

These techniques have been applied to some engines with 
such success that the effect of an engine modification on tran­
sient behavior can be predicted so accurately as to make flight 
test virtually superfluous. 

130/Vol. 109, APRIL 1987 Transactions of the ASM E 

Downloaded 01 Jun 2010 to 171.66.16.73. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



Nevertheless work is continuing so that some transient ef­
fects, at present modeled empirically, may be fully understood 
and scientifically applied. The work carried out to date has 
established the potential accuracy of the method but the 
engineer's task with any established engine whose transient 
behavior is known and has been measured is quite different 
from that of trying to establish desirable behavior, from a new 
or study engine. 

In the former instance the fuel schedule is known and the 
problem is to ensure that the computer model behaves the 
same way as the real engine for the same fuel flow schedule. In 
the latter case the actual fuel schedule is, at least at first, irrele­
vant. The task is to discover the potential of the tur-
bomachinery and suggest ways in which this may be improved. 
When the best practicable solution has been worked out, the 
engineer is then in a position to provide appropriate data for 
the control system so that fuel scheduling laws may be 
established. 

To this end some new techniques are being developed for 
new helicopter engines at RR Leavesden. The steady-state per­
formance synthesis has been developed to a high degree of 
sophistication. Separate compressor characteristics for the ax­
ial and centrifugal parts of the compressor are incorporated 
including the effects of the variable geometry schedules in the 
axial compressor, thus allowing the effects of intercompressor 
bleed to be evaluated and enabling one to identify which part 
of the compressor is nearest surge at each part of the accelera­
tion. Also included are separate characteristics of the intake 
protection system, installation effects, etc. The transient 
model has been developed from this using the small time inter­
val technique but, in addition to several methods of scheduling 
fuel flow, accelerations can be run to a specified power versus 
time schedule or to given transient working lines on the com­
pressor characteristics. In this latter technique an upper limit 
to the position of the transient working line on each 
characteristic is defined either as the surge line itself or, more 
usually, at a position a given distance away from the surge line 
so as to provide a safety margin (see Fig. 9). The definition of 
this safety margin, or transient surge margin, can present 
some difficulty particularly when dealing with separate axial 
and centrifugal characteristics on the same shaft. The most 
common definition of surge margin given above is that of the 
ratio of surge pressure ratio to working line pressure ratio at a 
given inlet nondimensional mass flow. From the point of view 
of transient behavior, this approach can present problems. 
First, surge occurs essentially at a constant speed rather than a 
constant flow and thus the important parameter is the distance 
between surge and the steady-state position along the speed 

line. Secondly, the above method takes no account of the 
shapes of the surge line and the speed lines (which may be ver­
tical or near horizontal) and can thus seriously under or 
overestimate the margin (see Fig. 10). Consequently the defini­
tion based on a percentage of outlet flow function at a speed is 
used since it is closely related to overfueling margin, or the 
percentage increase in TET which needs to be applied at a 
speed to reach surge. 

On this basis a transient surge margin allowance is made for 
inlet distortions, engine to engine variations in surge line posi­
tion, deterioration, etc., and the upper limit line plotted on the 
characteristics and input to the program. Superimposed on 
these limits are maximum temperature, fuel flow, and speed 
limits and the program will then run to whichever is the lowest 
limit; providing output of power, fuel flow, limiting 
parameter, or indeed any other relevant parameter against 
time. These data can then be automatically plotted against 
time or each other for analysis and comparison with earlier 
runs. 

Results from the transient testing programs of new 
helicopter engines have been encouraging. From the outset 
modifications to the engine scheduling suggested by the above 
techniques were incorporated and the results have been close 
to prediction with no-load to maximum power times of well 
under 2 s having been achieved without the requirement for 
any handling bleed. Work is now underway to provide still 
more sophisticated modeling of the compressor and the closest 
possible match between the measured behavior and the model. 

In addition, it is intended that it will be integrated with a 
helicopter rotor model so that the full effect of rotor droop on 
the power turbine may be studied. 

Conclusion 

The increasing demand for helicopter maneuverability and 
safety are providing the stimulus for engine manufacturers to 
provide better transient response characteristics from their 
powerplants. In this context it is important that the correct 
emphasis is placed on what constitutes good handling. 
Analysis of the parameters involved enables the engineer to 
define the requirements in terms of power versus time and 
allows him to establish the most appropriate means of achiev­
ing them, whether it be by increasing the surge margin 
available or reducing the surge margin requirement by modify­
ing the flow/speed characteristic of the compressor. A 
sophisticated transient modeling technique is an essential part 
of this process and can greatly reduce the time and effort re­
quired to obtain the best possible handling qualities from an 
engine. 
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CFD for Engine-Airframe 
Integration 
This article provides an assessment of current CFD technology with application to 
propulsion integration, a definition of research and development needed to extend 
the technology, and a discussion of numerical error assessment and control. The 
CFD technology is divided into the elemental areas of the computer system, 
algorithms, geometry and mesh generation, turbulence modeling, and experimental 
validation; the current status and major issues in each of these areas are defined. 
Sources of numerical error are identified and some strategies for determining and 
controlling these are presented. CFD will have an impact on propulsion integration 
equivalent to that of the wind tunnel as CFD technology matures. This maturation 
will lead to a system which integrates the elemental areas of CFD for applications. 

Introduction 

The digital computer has been available to the aerospace in­
dustry for just the last two decades. Over this period, the cost 
of a given calculation has been reduced by a factor of ten every 
eight years; wind tunnel costs have continued to rise; and the 
available computer memory and speed have increased 
dramatically. In the aerospace marketplace, an important ad­
vantage is achieved through offering a superior product. In re­
cent years, CFD has become an important tool for achieving 
this product superiority. These factors are responsible for the 
current trend toward the use of CFD to provide design infor­
mation for configuration selection as illustrated in Fig. 1. 

The primary role of CFD in the aircraft design process is to 
minimize parametric testing through the use of parametric 
analysis. The advantages of using CFD for design are lower 
design cost, time, and risk and better performance because a 
better understanding is obtained of the flow phenomena which 
have a strong influence on the performance [1,2]. Moreover, 
CFD as a tool for aircraft design offers a step advance in 
technology similar to that offered by the wind tunnel. 

Engine airframe integration can be defined as the art of 
combining the propulsion system components with the air­
frame to achieve the overall aircraft mission performance 
goals. This requires finding configurations with both good ex­
ternal aerodynamic performance and good internal perfor­
mance. It is an art rather than a science because success still 
depends on the skill and experience of the designer rather than 
the systematic application of general laws or systematic 
reference to a data base which can be used to guide the design. 
There are several reasons for this. First, the scope of our in­
terest in terms of the range of geometries and flows far 

Contributed by the Gas Turbine Division of THE AMERICAN SOCIETY OF 
MECHANICAL ENGINEERS and presented at the 31st International Gas Turbine 
Conference and Exhibit, Diisseldorf, Federal Republic of Germany, June 8-12, 
1986. Manuscript received at ASME Headquarters January 24, 1986. Paper No. 
86-GT-125. 

Fig. 1 CFD is an emerging technology 

outstrips our ability to acquire an adequate data base. Second, 
the flow phenomena associated with the installation are three 
dimensional and viscous. This means that the flow phenomena 
don't necessarily scale with the geometry and that interpreta­
tion of model scale test results is difficult. Third, these flows 
are difficult and expensive to predict; major reasons for this 
are the need for large meshes and uncertain turbulence 
modeling. 

The typical process by which aircraft are designed is shown 
in Fig. 2. Aircraft design is by component buildup. This ap­
proach arose out of the way the wind tunnel is used to provide 
performance data for the installation components as a basis 
for configuration selection. Performance data are acquired 
for a range of configurations using either parametric analysis 
or testing. From this data base, configurations are selected for 
large or full-scale validation and optimization tests. From 
these results, a final design is chosen for flight test or 
production. 

There are several problems with this process. First, interac­
tions between components are neglected until there is evidence 
of a problem. For supersonic aircraft, the system must per-
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Fig. 2 Design by component buildup 

form well at subsonic as well as supersonic speeds; an addi­
tional data base is therefore necessary. At supersonic speeds, 
adverse pressure gradients can be locally stronger and prop­
agate farther than at subsonic speeds [3]. Neglect of the in­
teractions between components can affect the aircraft perfor­
mance in an unanticipated way from what was predicted using 
the performance of the isolated components. For example, for 
the NASA F-106 nacelle installation research program, the 
overall aircraft drag at M = 0.9 (computed from flight test) 
was 11 percent less than the drag predicted using the test 
results for the isolated nozzle boattail, as shown in Fig. 3. 

If CFD is used to provide performance data for configura­
tion selection, a number of problem elements must be ad­
dressed. These include computer hardware (storage and com­
putational speed) and system limitations; algorithms; 
geometry representation; mesh generation; turbulence model­
ing; validation of the results; and pre- and post-processing. A 
user of CFD for propulsion installation design must suc­
cessfully address each of these problem elements if the design 
process is to be successful. This is usually done within the 
framework of a zonal modeling strategy. The need for zonal 
modeling and a discussion of zonal modeling are contained in 
the next section of this paper. 

The paper has three purposes: 

1 to provide an assessment of current CFD technology for 
propulsion integration based on the authors' experience at 
Boeing, 

2 to define areas where further research and development 
will substantially improve the current capability to use CFD 
for installation design, 

3 to discuss numerical error assessment and control in 
CFD applications. 

The purpose of the paper is not, however, to present the 
results of work completed or underway. Some examples of 
past or present work have been used where appropriate to il­
lustrate a point. 

The remainder of this article is a description of the zonal 
modeling strategy, followed by a section with an assessment of 
current capability and technology issues, a section on 
numerical error assessment and control, and concluding 
remarks. 

Zonal Modeling 

The purposes of this section are to discuss the need for a 
strategy which makes feasible the analysis of propulsion in­
stallation flow within the constraints of the available com­
puter memory and speed; define the zonal modeling strategy 
as a way to satisfy this need; cite examples of the use of zonal 
modeling and provide an assessment of current capability; and 
make some general observations on where further research 
and development will improve the current capability. 

The flow phenomena characteristic of a modern highly in­

variable flap ejector 
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Fig. 3 Installation effect on boattail drag 
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Fig. 4 Zonal modeling for design studies 

tegrated propulsion installation are varied and complex. Most 
of these flow phenomena are three dimensional and viscous 
and there may be a strong interaction between the jet and inlet 
flows and the overall aircraft flow. 

In recent years the time or mass-averaged flow three-dimen­
sional Navier-Stokes equations have been routinely solved for 
specific flow phenomena; why not solve the full equations for 
the flows characteristic of the propulsion integration prob­
lem? It has been estimated that 10 to 100 million grid points 
(with up to 30 quantities stored/point) are needed for ade­
quate resolution of a complex propulsion installation flow. A 
flow calculation on a grid of 106 points might require 104 

iterations. A total of 1013 FLOP (floating point operations) 
would be necessary on a 106 grid to achieve an adequately con­
verged solution for an algorithm which requires 103 

FLOP/point/iteration. The current supercomputers achieve 
computational speeds of about 100 megaflops (108 FLOP/sec-
ond). This suggests that 105 seconds (about 24 hr) on a super­
computer would be required to complete such a calculation. 

A full vehicle flow simulation reported recently by Shang 
and Scherr [5] confirms these computer resource estimates. 
Shang computed the flow about the X24C re-entry vehicle at 
M = 6 with an explicit full Navier-Stokes code. This calcula­
tion was done in 20 hr on the CRAY XMP-22 on a grid of 
500,000 cells. A more ambitious calculation is underway [6]; 
NASA-Ames and the Air Force Flight Dynamics Lab are 
working on a 106 mesh cell simulation of the F-16A aircraft. 
The goal is to complete the initial simulations by 1988 using 
the NASA Numerical Aerodynamic Simulation facility. 

Computer speed and storage are still growing exponentially 
with time. Researchers with NASA and the Air Force have 
demonstrated that many complex flows of interest can be 
solved using three-dimensional Full Navier-Stokes (FNS) 
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codes where the analysis domain is restricted in size. For the 
user, however, solution of the three-dimensional FNS equa­
tions over a large region is at present impractical for most 
design studies. Because of the rapid pace of computer 
technology development, computers with sufficient memory 
and speed for routine cost-effective solution of the full 
Navier-Stokes equations for large regions may become 
available within the next decade. 

A caution to potential CFD users is necessary. It is feasible 
at present to do a "coarse-mesh" solution of the FNS equa­
tions for a large region. Such solutions are useful for 
qualitative estimates of the flow properties but, because the 
computed results are contaminated by an unknown truncation 
error which causes a diffusion effect, the quantitative ac­
curacy is unknown. Predicted flow properties from coarse-
mesh FNS calculations cannot be used to provide performance 
data which are reliable enough to support a design study. 

Three-dimensional viscous effects which require solution of 
the full equations generally occur, however, in only very 
localized regions. About 90 or 95 percent of the flow about an 
aircraft is adequately described by equation sets which neglect 
some or all of the viscous terms. The zonal analysis strategy 
uses this fact to reduce the computer resources required for 
complex flow calculations over the large flow domains 
characteristic of aircraft. 

Zonal analysis allows solution of complex flow problems on 
today's computers. Zonal analysis is the use of multiple 
analyses in several flow regions to take advantage of 
simplifications that are available through the local nature of 
the flow. The analyses are coupled or interacted in a way ap­
propriate for the flow to be predicted as illustrated in Fig. 4. A 
reduction in the computer resources required to achieve a flow 
solution is traded against the increased complexity of the data 
management required with the zonal approach. 

The set of equations which could be solved within the con­
text of a zonal strategy ranges from three-dimensional FNS to 
linear potential as illustrated in Fig. 5. Use of a zonal strategy 
does not exclude the use of FNS as a component analysis of a 
zonal strategy. The zonal strategy is used to minimize the size 
of the solution domain to which the FNS procedure is applied 
and the FNS procedure is interacted in some way with less 
complex analysis to provide a solution for the full flow do­
main of interest. 

Several factors are required for the successful implementa­
tion of a zonal modeling strategy. First, a hierarchy of flow 
codes ranging from simple to complex must exist. Second, it is 
important that the flow analyst understand the flows to be 
predicted so that a successful strategy can be developed. Final­
ly, procedures must be developed for efficient interfacing of 
the codes. Desirable features of this system include use of 
body-fitted meshes, common input and output formats, com­
mon turbulence modeling, common code architecture, com­
patible numerics, and use of computer graphics for I/O. These 

features minimize the difficulty in coupling and interfacing the 
several codes used in a given analysis. These features also 
minimize the training, skill, and time required on the part of 
the user to achieve a successful result. 

A number of successful applications of zonal analyses 
within the context of design studies can be cited. These include 
analysis of supersonic mixed compression inlet flows [7], sub­
sonic propulsion installation flows [8], turbofan and tur­
boprop installations on subsonic aircraft [9, 10], and the in­
teraction of a canard vortex with a wing [11]. 

From the cited examples it should be clear that some form 
of zonal modeling is required today for the analysis of com­
plex installation flows; a procedure must be constructed for 
each type of flow to be analyzed; and that a zonal strategy is 
constructed around the component flow codes available. The 
zonal approach is useful for dealing with the wide range of 
length scales characteristic of installation flows. The relative 
success of a procedure depends on the skill of the user in 
selecting an appropriate strategy and appropriate component 
analyses. The component analyses must accurately simulate 
the flow in each solution subdomain. The most successful 
methods represent a balance between sophistication and 
utility. 

In the future, the rapid pace of computer hardware develop­
ment should increase the sophistication of the component 
analyses and reduce the complexity of the zonal modeling. In­
creased use of computer graphics and CFD work stations 
should enhance the use of the zonal strategy for design. Ade­
quate validation of zonal procedures will continue to be a 
problem because of the cost of acquiring high-quality ex­
perimental data suitable for analysis validation for complex 
installation flows. 

The introduction describes the purpose of this article and 
this section is a discussion of zonal modeling. The remainder 
of the article contains sections that assess current capability 
and technology issues, a section on numerical error assessment 
and control, and a section with concluding remarks. 

Assessment of Current Capability and Technology 
Issues 

Because CFD is now an important tool for achieving 
superior aircraft designs, many novices are attempting to 
develop or acquire the technology and apply it effectively. 
CFD is a complex, rapidly developing technology which is 
easy to misuse. Such misuse results in inferior designs which 
are based on misleading or misunderstood information. It is 
also easy to use CFD inefficiently in that an inordinate 
amount of time and money are required to complete the work. 
A bewildering number of choices must be made by the user in 
the elemental areas which comprise the technology. A poor 
choice in any one of these areas or a poor overall strategy can 
lead to a failed or ineffective application of CFD. 

As noted by Ritchie [12], the greatest invention of the 
Wright brothers was the process used to combine engineering, 
science, and testing to solve the problem of powered flight. 
This process which has characterized aerospace research and 
development (R&D) ever since is an efficient way to achieve 
complex and difficult objectives; it is the process which should 
be used to develop or apply CFD. 

The R&D process is completion of the following steps: 

• definition of an overall objective 
• identification of key technology elements 
• definition of an objective for each technology element 

which would lead to accomplishment of the overall 
objective 

• preparation of a plan for accomplishing the technology 
element objectives 
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8 coordination of the work toward the elemental objectives 
to ensure compatibility and to avoid duplication 

• early identification of potential problem areas 
• modification of the plan to resolve these problems within 

the constraints imposed. 

In using this process to develop or apply CFD, the key 
technology elements are generally the computer hardware and 
system; geometry representation; mesh generation; turbulence 
modeling; flow codes and/or algorithms; validation; and pre-
and postprocessing. In an application of CFD, definition of 
an appropriate zonal strategy and data handling could be add­
ed as technology elements. 

For the user, the current CFD technology still has a number 
of problems. The codes are generally designed to operate on a 
single computer and are therefore not portable. Most codes 
are not user friendly. Both of these deficiencies reduce the 
usefulness of CFD to the design community. Miranda [13] has 
suggested that the effectiveness of CFD for design is the 
product of the quality of the result times acceptance by the 
users. Nonstandard mesh generation, geometry, algorithms, 
I/O, etc., and high cost reduce acceptance by the user com­
munity. These problems are the issues that need to be ad­
dressed to improve the process of using and thus the 
usefulness of CFD for design. 

The researcher/developer works toward extending CFD for 
either increased accuracy or improved acceptance of the 
technology by users. The purposes of this section are to offer 
the researcher an assessment of current capability and to sug­
gest technology issues with a high return on investment. 
Toward these goals, the elemental areas of CFD which are the 
computer system including pre- and postprocessing, 
algorithms, geometry and mesh generation, turbulence model­
ing, and experimental validation are reviewed sequentially in 
the order listed. 

Computer System. For CFD, the primary purpose of the 
computer system is to process a set of instructions (code) for 
approximate solution of the partial differential equations 
which describe the fluid motion. In a field method, the flow 
domain of interest is divided into a finite number of cells (or 
points) in which the flow properties at a cell are related to the 
properties at neighboring cells through the algebraic equations 
used to approximate the partial differential equations (PDE). 
In the solution process, several numerical quantities must be 
stored in the computer memory for each cell and periodically 
updated through iteration of the numerical procedure. In each 
iteration, new values for the flow properties of a cell are com­
puted from old values at the cell and values (old or new) from 
neighboring cells. The total memory required for a given 
calculation is thus the number of cells times the number of 
quantities stored per cell. The total time required for a given 
calculation is the number of floating point operations per cell 
per iteration times the number of cells times the number of 
iterations divided by the computer processing speed. Mesh 
generation, graphics, etc., if completed on the supercomputer, 
add to the total memory and CPU time requirements. 

The parameters of the computer system which determine the 
maximum number of cells in a solution domain and the com­
plexity of the PDEs solved are the size of the computer 
memory and the speed with which the computer can process 
instructions. A measure of the memory size is the number of 
64-bit words which can be stored. A measure of the computing 
speed is the number of floating point arithmetic operations 
which can be completed per second (including the time re­
quired to fetch the operands from memory and return the 
result to memory). The speed of modern supercomputers is 
defined by the millions of floating point operations which can 
be completed per second (megaflops). 

Computer speed and storage are still growing exponentially 
with time. The state of the art in supercomputer technology 

<?<? 
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SWSTSTEM 

Fig. 6 Supercomputer system configuration 

today is the CRAY 2 computer with 256 million words of fast 
memory and 250 megaflops speed. Graves [14] has suggested 
that computers with several billion words of memory and 
speeds of as much as a trillion floating point operations per 
second may be available in the 1990s. Cost is also an impor­
tant consideration; while available speed and memory are in­
creasing exponentially, cost is increasing linearly with time. As 
noted in [15], the cost to do a given calculation has de­
creased by a factor of ten every eight years and this trend is ex­
pected to continue. 

The important issues in computer system technology arise 
from a desire to apply the rapidly developing technology effi­
ciently. Efficiency is defined herein as minimizing the time and 
money required to apply CFD for design on a computer 
system as well as minimizing the cost to the user of the system. 

The high volumetric through-put of data from a supercom­
puter requires a data management system. The system must 
generate, transmit, display, and manipulate the data 
associated with a CFD application. A modern system is il­
lustrated in Fig. 6 from [16]. The system consists of the data 
communication links, terminal devices, off-line data storage, 
work stations, supercomputer, and the system software. If the 
supercomputer is to be shared by a number of users, the 
system must be accessed via high-speed long-haul communica­
tion links from work stations by off-site users. 

Supercomputer memory and speed improvements are ex­
pected to continue. While some speed improvement is ex­
pected from faster components, new computer architectures 
will be more important than faster devices for achieving more 
speed. Two major architecture philosophies currently exist. 
One links a small number of very fast processors optimized 
with vector processing, pipelining, etc., for limited parallel 
operation. The second philosophy is to link a large number of 
low-power processors in a massively parallel design which 
would require multiple streams of instructions and data. For 
the user, the issues are the trade between cost and utility im­
plied by the different architectures. An architecture which 
resulted in a very low cost but difficult to program computer 
could, for example, result in a higher overall cost to the user 
for a given application because of increased programming 
cost. 

Artificial intelligence (AI) is expected to play an important 
role in improving the usefulness of CFD. CFD software is 
primitive and difficult to use. An expert system could 
automate many tasks and adaptively interact with the CFD 
user via a visual display [17] of menu options available on a 
work station terminal. AI is just beginning to be used to im­
prove the process of applying CFD [18]. 

Algorithms. MacCormack [19] and Shang [20] have recently 
assessed the current status and trends in algorithms for solving 
the Navier-Stokes equations (and subsets). Current 
algorithms can be grouped into explicit and implicit methods 
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which use some or all of the following steps in the solution 
process 

• generate fluxes 
• correct fluxes by a smoother or upwind limiter 
• generate residuals 
• generate a correction, preliminary or accepted 
• generate update 
• generate new cell coordinates (if multigrid and/or adap­

tive mesh are used) 
• repeat cycle until convergence criteria are satisfied. 

Desirable properties [19, 20] of an algorithm include the 
following: 

• accuracy—second order or higher 
• low number of arithmetic operations per iteration 
9 low number of iterations 
• no dependence of the steady-state solution on the choice 

of time step 
• fully conservative 
• no added numerical dissipation for solution stability 
• low numerical dissipation from truncation error 
• easy implementation 
• minimum storage 
• easy boundary condition specification 
• compatibility with available computers 

Although explicit and implicit methods are both currently in 
use, a trend toward the use of implicit methods has evolved 
over the last decade in attempts to achieve algorithms with 
more of the above listed desirable properties. 

The primary advantages of the explicit methods are ease of 
implementation, easy boundary condition specification, easy 
vectorization, and the low number of arithmetic operations 
per iteration. The primary disadvantage is the large number of 
time steps required to steady-state convergence. Wall func­
tions to resolve turbulent boundary layers and local time step­
ping can be used to alleviate this problem somewhat. 

The primary advantage of the implicit methods is the low 
iteration count to achieve a steady-state solution. Primary 
disadvantages include more difficult implementation, more 
difficult boundary condition specification, numerical dissipa­
tion due to approximate factorization and linearization error, 
more difficult vectorization, and a larger arithmetic operation 
count per iteration. 

As noted by Shang [20], although the implicit procedures re­
quire more arithmetic operations per solution step than the ex­
plicit, the more favorable stability characteristics of the im­
plicit methods allow a larger time step (toward a steady-state 
solution). The faster convergence rate of the implicit methods 
more than compensates for the overhead in the matrix inver­
sion process to yield a substantial savings in computer 
resources. The relative cost of implicit and explicit solutions is 
dependent on both the problem solved and the accuracy 
required. 

MacCormack [19] has recently proposed a hybrid ex­
plicit/implicit algorithm with many of the best features of 
each. The basic algorithm is a second-order-accurate explicit 
method plus options for flux splitting, local time stepping, 
multigrid for convergence acceleration, Newton iteration for 
steady-state solutions, and local implicit procedures with 
iterative matrix inversion. This type of algorithm is the current 
state of the art for solving the Navier-Stokes equations. 

For the users the primary algorithm issues are cost, ac­
curacy, and ease of implementation. In general the complexity 
of the algorithm increases as the order of accuracy and degree 
of implicitness (size of the solution step) increase. The degree 
of implicitness also increases the difficulty of maintaining 
boundary condition flexibility. 

As noted by Forester [21], a trade always exists between the 
computer work and the engineering work required to imple­

ment and use an algorithm. With computer technology and 
algorithm technology both in a period of rapid development, 
the optimum level of algorithm sophistication is debatable. 
This optimum level will change with time as either new 
algorithms or computer hardware technology becomes 
available. 

Geometry and Mesh Generation. Geometry programs pro­
vide an analytic representation of a geometric surface (nacelle, 
wing, etc.) which is a boundary of a flow region of interest. 
The geometry procedures which provide this analytic surface 
representation can be divided into two groups: analytic and 
numerical [2]. The analytic procedures utilize combinations of 
various algebraic line segments to approximate the surface. 
Numerical procedures use discretized data (coordinate loca­
tions of surface points), for example, digitized cross sections 
at a number of longitudinal stations, as input to a program 
which fits analytic functions (biparametric cubics, for exam­
ple) to the input surface data. 

The surface geometry description is used in two different 
ways in CFD applications and the way in which it is used 
depends on the flow analysis strategy. Flow analyses can be 
divided into two types: panel methods and field methods. In a 
panel method, linear superposition is used to satisfy boundary 
conditions imposed at the center of "panels" which are sur­
face quadrilateral elements. The function of a geometry pro­
gram for a panel method is to subdivide the surface into 
suitable panels and to provide the panel center locations, cor­
ner point locations, and local surface geometry properties so 
that the boundary conditions can be imposed. In a field 
method, a grid or mesh is fit about the geometry throughout 
the flow domain of interest and the discretized PDEs are 
solved for each cell or point in this domain. Field methods can 
be divided into two types: Cartesian and body fitted. In a 
Cartesian field method, the geometry description is used to 
provide intersections between the mesh and the bounding sur­
faces. In a body-fitted method, the body surface is a coor­
dinate surface of the transformed coordinate system. The 
geometry description is used to help define the transformation 
to the body-fitted mesh system. 

A number of sophisticated geometry description methods 
are available because of the long-term emphasis on Computer 
Aided Design (CAD). (If a CAD system can be used to provide 
the geometry description, it has the added benefit that it can 
generate a numerical control machine tape for machining to 
close tolerance the surface geometry for model tests or full-
scale hardware.) A geometry description which starts from a 
discretized surface input is of greater utility to the CFD user 
because of the ability to represent very complex geometry, 
generate surface paneling, and extract surface "cuts." The 
numerical geometry description program can also be used in 
some cases as an algebraic mesh generation program. This is 
desirable because it reduces geometry-mesh interface problems 
and reduces by one the number of complex computer pro­
grams which must be mastered for a successful CFD 
application. 

The primary issues in geometry description are speed, cost, 
and compatibility with the overall computer system. "Smart" 
work stations are needed with color graphics that allow 
shading, fast rotation, translation, and "zooming" that can 
quickly reveal surface flaws which would preclude a successful 
CFD application. The ability to quickly "merge" simple 
geometries (the nacelle and the wing, for example) into a more 
complex configuration is desirable because aircraft are de­
signed in just this way. A display of mesh and/or flow proper­
ties on a surface or in planes intersecting a surface is important 
for evaluating the overall analysis result. 

Mesh generation is the discretization of the flow domain in­
to a finite number of points or cells at which the algebraic ap­
proximations to the PDEs are solved for the local flow proper-
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ties. Meshes can be divided into two types: Cartesian and body 
fitted. With both types, coordinate line intersections form the 
computational mesh. With a Cartesian mesh, an arbitrary 
body is contained within the mesh, mesh surface intersections 
are irregular, and special differencing is used to compute the 
properties on or near the surface. In a body-fitted mesh, a 
coordinate line is coincident with the boundary. This allows 
boundary conditions to be applied without interpolation or 
special differencing schemes. Computations are done on a 
fixed square or cubical grid, depending on whether a two-
dimensional or a three-dimensional transformation is used 
with the transformed coordinates as the independent 
variables. Most available programs require body-fitted 
meshes; the remainder of this subsection addresses the current 
status and issues pertaining to body-fitted mesh generation. 

For the complex flow domains of aircraft and integrated 
propulsion installations, it appears to be impractical to 
discretize the necessary flow domain with a single mesh 
generated for the whole region. MacCormack [19] has sug­
gested that this could be accomplished with a dozen or so 
subregion meshes, each fitted to an aircraft element and 
aligned in a natural manner with neighboring subdomain 
meshes. Thus a two-step process is currently used in grid 
generation for complex flow domains. The first step requires 
selecting a concept as to how the overall domain is to be di­
vided into subdomains and how the various subdomain 
meshes are to interact. The second step is to select the type of 
grid generation scheme to be used within each subdomain. 
Numerous articles, for example Thompson [22], are available 
on the details of current mesh generation procedures. 

Current mesh generation procedures for body-fitted subdo­
main grids are of two general types: (1) numerical solution of 
partial differential equations, and (2) construction by 
algebraic interpolation. For the first type, grid generation pro­
cedures are available based on solution of elliptic, parabolic, 
or hyperbolic partial differential equations. For the second 
type, mesh coordinates are determined by an interpolation 
along an algebraically determined path between two bounding 
surfaces. 

The primary advantages of the algebraic procedures are low 
computational cost and explicit control of grid point distribu­
tion. A primary disadvantage is that the grids are less smooth 
than those generated by solution of PDEs. 

The primary advantages of grids generated by solution of 
PDEs are smoothness and better control of grid orthogonality 
at boundaries. The primary disadvantages are the increased 
computational cost and complexity. 

A large number of grid generation procedures of both types 
are available. For a given application, the user should select a 
procedure(s) which is easy to implement; provides a one-to-
one mapping; is smooth; provides high grid density in regions 
of high gradients in flow properties; and has low "skewness." 
High grid skewness can result in large truncation errors if this 
occurs in regions where gradients in flow properties are also 
high. 

The primary issues in grid generation are ease of implemen­
tation, compatibility with the computer system, control of 
"smoothness," control of "skewness," control of local or­
thogonality, control of surface point distributions, control of 
cell aspect ratios, control of local stretching, truncation error 
estimates, and mesh adjustment. For optimum efficiency and 
error control, the mesh must be controlled to obtain a high 
mesh density in regions of high gradients in flow properties 
without a priori knowledge of the solution. 

The local truncation error is a function of the local grid 
scale, skewness, and gradients in properties. CFD solutions 
have one unfortunate characteristic in this regard. Solutions 
with large truncation errors can appear to be physically plausi­
ble. If the computed results are to be useful for design, grids 
must be used which result in performance quantities which are 

accurate enough for configuration selection. Numerical error 
assessment and control are specifically addressed in the next 
major section of this paper. 

Turbulence Modeling. It is generally accepted that the 
unsteady Navier-Stokes, continuity, and energy equations 
combined with an equation of state provide an accurate 
description of the flows of interest (within the context of 
engine-airframe integration) and most of these flows are tur­
bulent in regions which have a strong influence on the aircraft 
performance. Important length and time scales of the tur­
bulent motion are so small that the grid scale and time step 
necessary to directly compute such flows are impractical for' 
flows of interest. The approach used to avoid this difficulty is 
through solution of the Reynolds-averaged equations. The 
Reynolds-averaged equations are obtained by assuming that 
local flow properties at a given point in space and time are the 
sum of a mean value and a fluctuating value and then ensem­
ble averaging or time averaging these equations. 

This results in new terms which can be interpreted as stress 
gradients and heat fluxes associated with the turbulent mo­
tion. If these new terms along with the local mean flow prop­
erties are regarded as dependent variables, the number of 
unknowns outnumbers the number of equations. In order to 
"close" the system of equations, additional equations are 
necessary to relate the new turbulent stress and heat flux quan­
tities to the mean flow properties. The turbulence model is the 
assumptions and approximations used to arrive at the addi­
tional equations needed for closure. 

Although a number of modeling approaches are available 
and are being developed, for the CFD user, eddy viscosity con­
cepts, in which the effects of the turbulence on the mean flow 
are represented by increased viscosity and conductivity, are 
the methods of choice. Within the eddy viscosity concept, a 
number of levels of sophistication are possible. From dimen­
sional considerations, the eddy viscosity can be considered to 
be proportional to a length scale times a velocity scale. The 
levels of sophistication arise from the ways in which the length 
and velocity scales are related to the mean flow. 

The two most popular eddy viscosity modeling approaches 
are mixing-length models and two-equation models. Mixing-
length models assume the length scale is proportional to some 
fraction of the local shear layer thickness. The chief advantage 
of these models is simplicity. The primary limitations are the 
difficulty in switching from one type of turbulent flow to 
another. Adequate mixing length models do not exist for 
separating, reattaching, and separated flow zones. Two equa­
tion models solve transport equations (PDEs) for the local 
length and velocity scales. The primary advantage of two 
equation models is that no problem occurs in defining length 
and velocity scales with transitions from one type of turbulent 
motion to another (although the accuracy of the prediction is 
open to question). The primary limitations are the added com­
putational cost and the inability of these models to predict 
counter gradient fluxes. 

The current status of turbulence modeling is that the 
available modeling can predict many two-dimensional and a 
few three-dimensional flows of interest. Available models are 
based on two-dimensional data; the argument for their use for 
three-dimensional flow is that turbulence phenomena are three 
dimensional even when the mean flow is two dimensional. The 
assumption is that models developed for two-dimensional 
flows should work for at least some three-dimensional flows 
of interest. As noted by Hall [25], the available turbulence 
models work well for most flows where the turbulent structure 
changes slowly. Examples of these flows are boundary layers, 
mixing layers, wakes, or jets in mild adverse or favorable 
pressure gradients. The available models don't seem to work 
where rapid changes in turbulent structure occur. Examples of 
these flows are regions of separation, reattachment, 
shock/boundary layer, or shock/shear layer interaction. 
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Fig. 8 Total numerical error 

The most immediate issues are (1) selection of models which 
can be used with confidence to obtain quantitative design in­
formation, and (2) computational efficiency. A more fun­
damental issue is the need for turbulence models for the com­
plex turbulent flows of aircraft. These models must be simple 
enough for and compatible with current numerical procedures 
and as general as possible. A promising approach to this does 
not exist at present. The problem is that an infinite number of 
flows must be considered on the basis of geometry. Bradshaw 
[26] has proposed classifying these flows on the basis of 
phenomena rather than geometry. The 1980-81 Stanford 
Meetings on Complex Turbulent Flows are believed to be an 
important step toward improved modeling. 

Experimental Validation. Validation of a CFD analysis for 
design occurs at two levels as illustrated in Fig. 7. At the first 
level, the component analyses and modeling are shown to be 
capable of predicting the specific flow phenomena expected 
for a given application. At the second level, the selected zonal 
analysis strategy and the way in which it is applied are shown 
to be capable of providing performance data of sufficient ac­
curacy for configuration selection. 

Some detailed experiments have been completed and data 
are available for the first level of validation for flows of in­
terest for aircraft design. One source of these data is the 
1980-81 Stanford Meetings on Complex Turbulent Flow. 

Detailed experiments are also available for the second level 
of experimental validation, although these are scarce. Second 

level experiments are done at a large scale, are very expensive, 
and the data from industrial experiments of this type can be 
unavailable for general distribution to protect proprietary in­
terests. Data from these experiments are usually adequate for 
determining the overall performance of a configuration (lift, 
drag, thrust, etc.) and are useful for determining the accuracy 
to which the performance parameters can be predicted. Such 
data are usually inadequate for suggesting why a discrepancy 
exists between computed and measured quantities. It is impor­
tant to understand that uncertainty in initial and boundary 
conditions contributes to error bands for both the computed 
and the predicted results. If, for a given test condition, the er­
ror bands of the test and the analysis overlap and the 
discrepancy between a computed and predicted property falls 
within this overlap, no conclusion as to the accuracy of the 
analysis can be drawn. 

The primary issues are the availability and the quality of the 
data. Some data needs for the first level of validation were 
defined as a result of the 1980-81 Stanford Meetings on Com­
plex Turbulent Flow. For the second level of validation, 
generic experiments are needed which span the range of flow 
and geometries of general interest for aircraft design. Almost 
no data of adequate quality are available for second level 
validation (although a number of experiments have been com­
pleted with this as the stated objective). A chronic problem 
with second level experiments is that these are completed 
without the requirements for CFD validation in mind. 

The introduction describes the purpose of this article and 
this is followed by a section on zonal modeling. This section is 
an assessment of current capability and technology issues and 
the remaining sections are a section on numerical error assess­
ment and control and a section with concluding remarks. 

Numerical Error Assessment and Control 

Types of Error Sources. The numerical methods for solving 
PDEs have three types of error sources: grid-related solution 
process (residual) errors, grid-placement related (truncation) 
errors, and roundoff errors. Explicit marching techniques 
(time or space) do not have residual errors unless there is an 
implicit equation imbedded in the marching scheme. Residual 
errors occur when implicit equations are solved by explicit 
marching techniques, specialized relaxation schemes, or 
matrix inversion processes. Truncation-error and residual-
error effects produce many curious phenomena which must be 
understood in order to develop reliable numerical results. 

Figure 8 shows a plot of the total numerical error that is 
associated with the numerical solution of the PDEs. Error 
bands for the truncation, residual, roundoff, and the total er­
rors are used to denote the range of variation of these errors 
depending upon the computing environment. Note that 
roundoff error has been included in the chart. Roundoff error 
is a concern either when the significant digits are too small for 
the grid size or when the grid is too large for the number of 
significant figures carried in the computations. In the future, 
very large computers will permit a higher number of grid 
points. 

In most CFD applications truncation and residual errors are 
more important than roundoff error. Typically the cost in­
creases as better control of these errors is sought. Accurate 
results are expensive in both manpower and computer time. 
Computed results are difficult to interpret unless residual and 
truncation errors are understood in a given application. These 
errors are typically assessed separately. An interaction can oc­
cur between these error sources and special care is required to 
isolate the magnitude of each type of error. The importance of 
careful numerical error assessment cannot be overemphasized. 

Let 

LU=0 

represent the PDE system of interest. 
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In discretized operator notation, equation is 

L'U' = T'-R' + (Roundoff) 

where L' is the discretization operator, U' is related to the 
discretized dependent variable vector, and T' is the local trun­
cation error and R' the local residual error for each cell of the 
analysis domain. The grid structure index / is related to 
choices of the grid density distributions for each selected trial 
grid where in general the computational grid features coupled 
conformal grids with grid nesting in subregions. Ideally the 
grid adjustments are made in some pattern that tends toward a 
limiting grid configuration or "goal grid." Thus each unique 
grid shape is represented by an integer value of/. The goal grid 
is assigned the index Ig, which is known once the numerical er­
ror has been constrained to the desired bound. 

Truncation (Grid Related) Errors. Truncation errors are 
due to the selection of the grid, the grid-related algebraic equa­
tions, the boundary and initial conditions which approximate 
the field equations of interest, and the smoothing operator 
and upwind weighting coefficients that are used. 

The local truncation error is formally defined as the 
magnitude that the left-hand side yields for each cell when the 
goal grid solution is interpolated (restricted) to a trial grid dif­
ference equation minus the interpolated value of the left-hand 
side of the FDE from the goal grid. In practice the grid chosen 
for the goal grid can be any trial grid of interest. It is set at 
zero in conventional representations of the FDE for all values 
of I. Truncation error estimates are used to correct for trunca­
tion error effects. The right-hand side of equation of the FDE 
can also be a high-order accurate truncation error correction. 
Dissipative and nondissipative convective difference schemes 
permit expansion shocks, artificial gross separation, etc., to 
form under certain conditions. Artificial diffusion is added to 
eradicate the expansion shocks. Tuning the artificial diffusion 
coefficients for peak accuracy is troublesome. The goal of the 
tuning process is that the artificial diffusion must decay 
globally and locally with mesh refinement so that the accuracy 
of the sonic line shape and position increase with mesh refine­
ment. This tuning process is controlled by coefficients of the 
upwind blending functions and the smoothing operators. 

Residual Errors. The numerical modeling of the FNS equa­
tions leads to algebraic forms in which the propagation of 
signals is retarded as the grid density increases. This stiffness 
problem leads to inefficient reduction of residual errors 
among the simultaneous system of algebraic equations, often 
leading to exponential or power function decrease in con­
vergence as the grid density increases. Three stiffness prob­
lems can appear simultaneously or separately: acoustic, con­
vective, or diffusive stiffness; and can be aggravated by 
nonuniform grid. Any or all of these factors can undermine 
the convergence rate severely and can enlarge errors substan­
tially. The error monitors must be designed to detect slow con­

vergence or inefficient residual error control. For some error 
norms this is a severe requirement. When the local residual er­
ror is reduced to some fraction of the local truncation error, 
further reduction of the residual is not cost effective; deter­
mination of this fraction is a subject for further study in two-
dimensional and three-dimensional FNS computations. 

Error Assessment and Control 

Conventional Certification Process. The process of 
numerical error assessment with conventional PDE modeling 
techniques is the following. A solution of finite difference 
equations (simultaneous system of algebraic equations) for a 
specific discretization of the analysis domain is generated for 
different choices of grid density and grid distribution in the 
analysis domain. It is common to use a sequence of grids of 
the same grid distribution that differ in grid count in each in­
dependent variable direction by factors of two—2, 4, 8, 16, 
32, etc. The coarser grids can be generated by deleting every 
other point of the finer grids. The effects of the choice of grid 
distribution are examined by choosing sequences of grids 
which have different mesh distributions. The data from all of 
these solutions of the grid-related equations are organized by 
constructing an error difference table. Solution differences are 
posted in order of the coarse-to-fine grids for each grid se­
quence. The solution differences are generated by subtracting 
the values of adjoining pairs of grid solutions of the dependent 
variables at all physical locations in the analysis domain that 
correspond to the grid coordinates of a grid of a selected in­
termediate density. Interpolation is used to relate other grid 
solutions to these selected grid coordinates. As the grid density 
increases the differences should decay approximately1 accord­
ing to the formal order of accuracy for some selected mesh 
distribution. Iterative adjustment of the grid distribution and 
density is made until this type of error decay is realized. If this 
occurs, extrapolation may be used to solutions at infinite grid 
density and reliable estimates of the maximum global error 
may result. 

The preceding process appears to work best on the modeling 
of parabolic and elliptic equations in smooth domains with 
smooth boundary conditions. For mixed elliptic/hyperbolic 
systems, erratic results may occur due to unresolved singulari­
ty regions and/or poor residual error control, and/or Gibbs' 
error effects. 

A key feature of this method is that grid adjustments are 
made in some pattern that tends toward a limiting grid con­
figuration. A way to think about this is to define a goal grid to 
which the selected grid sequences must evolve. The goal grid is 
a grid upon which the solution is sought to some specified er-

Error decay according to the formal order of accuracy is expected globally 
but not locally in regions of singularity. 

FORWARD RAMP 

A. ARTV1 - 5 . 0 8. ARTV1 - 3 . 0 C. ARTV1 - 1 . 0 D. ARTV1 - 0.5 

Fig. 9 Effect of fourth-order numerical smoothing term on analytical 
Mach number contour results 
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ror bound. It should be understood that the goal grid may not 
be unique because of grid initialization, grid generator, and 
grid-equation solver properties. It is assumed that adequate 
control of the residual error effects has been maintained in the 
process of assessing the truncation error effect. This is done by 
developing a sequence of several solutions on each grid choice 
with various choices of constraints on the residual tolerances 
that are used to terminate the computations for each solution 
on that grid. Because of the need to assess the contamination 

by residual error, the goal grid may not be the grid of greatest 
density but it will have the correct shape. 

Example—Inlet FNS Analysis. As mentioned above the 
truncation error level can be influenced by the smoothing and 
upwind coefficient selection. Figure 9 shows an example of the 
variation of accuracy of a two-dimensional inlet FNS analysis 
when varying the smoothing coefficient. A reduction of the 
magnitude of the ARTV12 coefficient improves the accuracy 
of the analysis dramatically. Figures 9(c) and 9(d) agree with 
the shadow graph data for this inlet configuration with an 
upstream Mach number of 1.28. Figures 9(a) and 9(b) 
disagree strongly with the experimental data. These computa­
tions were performed with reasonably placed meshes of 
reasonable density. 

Example—Nozzle FNS Analysis. Figure 10 shows a cross 
section of an axisymmetric nozzle and the associated flow 
physics of this rocket nozzle plume flow field. Several fixed 
grid and two adaptive grid FNS analyses of this flow field have 
been done by several independent investigators. The most 
common findings of these researchers is that the base pressure 
is dramatically underpredicted. The underprediction of the 
base pressure has been traced to the manner by which the grid 
is placed. Simply blanketing the regions of high gradient with 
grid has led to poor results. Figure 11 shows a grid which does 
give good results. The secret of the success of this grid is that 
the grid is adaptively aligned with the free-shear layers. Figure 
12 shows the magnitude of the difference between this form of 
placing the grid over the other methods which are typified by 
the wake-adaptive grid. The error analysis of these FNS 
analyses by error norms indicates the sources of the trouble. 
The difficulties lay at the corners of the base of the nozzle. 
Large destruction of total pressure can occur at these corners. 
Large truncation errors due to artificial diffusion are believed 
to be responsible for this loss. With proper mesh alignment the 
truncation error can be dramatically reduced, resulting in 
much improved base pressure prediction. 

In the preceding examples, contamination by residual error 
makes the solution appear as though the grid is coarser than it 
really is. This means that sharp detail is smeared and unfo­
cused in the correct locations. Similar to Figs. 11(a) and 
11 (b) a sequence of solutions at various residual contamina­
tion levels is used to observe the influence of these errors on 
the solution. This work usually precedes the study of the trun-

Artificial viscosity. 
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cation error effects and insures an uncluttered view of these 
effects. 

Concluding Remarks 

This article was intended to provide an assessment of cur­
rent CFD technology for propulsion integration, define areas 
where further research and development will improve the cur­
rent technology, and discuss numerical error assessment and 
control in the use of CFD for installation design. Aircraft 
design is now considered to be a mature technology (at least 
for conventional aircraft). Configurations are selected with a 
hybrid process which uses both test-derived and CFD-derived 
performance data. CFD is used for design when appropriate 
tools are available within the time, cost, compuer, etc., con­
straints of a project. CFD is expected to mature into a 
technology with an impact on aircraft design similar to that of 
the wind tunnel. Professor D. B. Spalding has succinctly sum­
marized the current state of affairs: "We have learned how to 
solve the initial problems, but we are like the early automobile 
builders who got the engine to work and settled that it should 
have four wheels, a steering wheel and all those things. But I 
believe that we are now entering a new phase: Just as the 
motor car had to develop greatly before everybody could drive 
safely, economically, and reliably, so the activity of computer 
simulation of fluid flow and heat transfer has to be developed, 
streamlined, engineered, made safe, economical, and reliable, 
so that everybody can use it . . . it is like directing a film 
where many people must collaborate, where you have 
organizational as well as technical constraints, but here, in the 
end, the result must be a work of art ." 
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Engine Control Reliability and 
Durability Improvement Through 
Accelerated Mission Environmental 
Testing 
The integration of aircraft control systems for future weapon systems will require 
the engine control system to meet the mission reliability of the flight control system. 
This will be accomplished through system redundancy and verified by accelerated 
environmental testing. Combined environment reliability testing (CERT) will 
assure control system structural integrity and reliability growth of engine-mounted 
digital electronic controls. Pratt & Whitney, under contract to the U.S. Navy, has 
recently completed a 10,000-hr CER T program. Dual full authority digital electronic 
controls [FADEC), connected by a fiber optic data link, were subjected to en­
vironmental tests simulating a composite F-14 mission profile. The FADEC units 
were also exposed to periodic high vibration levels which would be experienced after 
foreign object damage and salt spray testing to simulate aircraft carrier environ­
ment. The test results are reported herein providing insight not only into the 
reliability and durability of digital electronic controls but also into the equipment 
and procedures required for testing of future military and commercial engine con­
trol systems. 

Introduction 

The use of electronic controls on aircraft gas turbine engines 
has demonstrated substantial cost, weight, operability, and 
reliability benefits in both commercial and military applica­
tions. The last of these benefits, reliability of electronic engine 
controls, is the subject of this paper. 

In 1979 Pratt & Whitney (P&W), under U.S. Navy contract, 
successfully engine tested a dual full authority digital elec­
tronic control system (FADEC) [1]. Subsequent to this engine 
testing P&W presented the Navy with a test plan to subject the 
two FADEC units to an extensive combined environment 
reliability test (CERT). This test would subject the units to an 
operating environment typical of actual Navy operating 
conditions. 

CERT is a tool which has been successfully applied by P&W 
to establish the reliability of digital electronic engine controls 
on the F100-220 (F-15), JT9D-DR4 (B-767), PW2037 (B-757, 
C-17), and PW4000 (B-747 and A-320). This type of testing 
provides the ability to advance FADECs through the "infant 
mortality" stage where control failures might be caused by 
design flaws or inadequate component specification. In addi­
tion, extended testing of FADEC establishes the trends which 
may be used to project the reliability at maturity (i.e., after 
1,000,000 engine flight hours). 

Contributed by the Gas Turbine Division of THE AMERICAN SOCIETY OF 
MECHANICAL ENGINEERS and presented at the 31st International Gas Turbine 
Conference and Exhibit, Dusseldorf, Federal Republic of Germany, June 8-12, 
1986. Manuscript received at ASME Headquarters January 10, 1986. Paper No. 
86-GT-52. 

Steam 
generator 
(humidity) 

Control Room 

compressor 

Fig. 1 CERT facility block diagram 

The CERT facility, FADEC hardware, and results of 10,000 
hours of testing on the Navy FADEC units are discussed 
below. 

CERT Facility Description 

The P&W CERT facility, capable of simulating a wide en­
vironment range, represents the state of the art in test capabil­
ity. The facility's primary purpose is to simulate the nacelle 
environment of high-performance aircraft over various mis­
sion profiles to estimate the reliability of gas turbine engine 
control components (Fig. 1). The facility's flexible design 
allows a variety of components to be tested to establish their 
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Table 1 CERT facility variables Breadboard

Fig. 2 FADEC control system components

Fig. 3 FADEC block diagram

configuration of the control is shown in Fig. 4. This
photograph shows the pin-fin heat exchanger, fuel inlet and
outlet ports, vibration isolators in a four-point mounting ar­
rangement, the optic transmitter and receiver ports, electrical
connectors, and the pressure relief valve.

During the 1979 FADEC engine test the breadboard control
acted as the secondary engine control. The breadboard pro­
cessor and its sensor and output interface circuits are identical
to those which are used in the engine-mounted controls.
Therefore, they operate to the same accuracies and with the
same dynamic response rate. For the FADEC/CERT Program

Rate of change

3°F/s
2400 ftls

Range

-6S0 to +47S0F
Sea level to
67,000 ft

Humidity 0 to 98 percent 100 percent/s
FADEC cooling fluid -6So to +2S0°F 6°Fh;
Vibration: ISO pound test item up to SO g and 3 kHz

Chamber temperature
Altitude

reliability and performance under various environmental con­
ditions encountered in flight.

The CERT facility features a multi-environment test
chamber designed to subject engine control system com­
ponents to the stress imposed on flight hardware under actual
operating conditions. The facility has the capability to
simultaneously vary ambient pressure, temperature, humidity,
unit vibration, and cooling medium temperature in accor­
dance with the desired duty cycle.

The environmental test chamber, housed in the CERT
facility, is 3 by 3 by 4 ft. The airflow and cooling fluid condi­
tioning, vacuum pumps, steam generator, vibration shaker,
and environmental chamber are under shelter outside the con­
trol room. Capabilities of the P&W facility are listed in Table
I.

These capabilities exceed present-day military and commer­
cial aircraft stress levels allowing accelerated testing of jet
engine components and extreme testing of most other test
items, if required. The CERT facility can produce all
associated environment levels required by MIL-STD-81O and
is compatible with MIL-STD-781.

FADEC System Description

The FADEC system used for the CERT was composed of
four separate items: (1) two FADEC units, (2) FADEC bread­
board, (3) verifier, and (4) optic data link. The first three of
these items, including one FADEC, are shown in Fig. 2.

The engine-mounted FADEC electronic units perform all
sensor signal conditioning, computation, and output signal
processing functions with the capability of controlling a joint
technology demonstrator engine (JTDE) engine. The control
unit contains the primary system digital processor, input and
output circuitry, pressure transducers, and power supply (Fig.
3). The FADEC system operates in a master/standby mode.
That is, the primary FADEC normally controls the engine
while the secondary monitors the system. In the event of a
primary FADEC failure (see [2] for failure logic details) con­
trol transfers to the secondary FADEC.

The environment within the hardware package for the
FADEC electronic units was designed to protect the digital
electronic circuits while operating within the service en~

vironments projected for Navy fighter aircraft. The external

Nomenclature

EMI
AMSAA Army Material Systems

Analysis Agency F-14A
ATDE advanced technology F-15

demonstrator engine FADEC
B-747 Boeing 747 aircraft
B-757 Boeing 757 aircraft FOD
B-767 Boeing 767 aircraft g
C-17 transport Hz

CERT combined environment k
reliability test mil

CPU central processing unit MIL-STD
C(t) cumulative failure rate at NAPC

time t

electromagnetic inter­
ference
Navy fighter
Air Force fighter
full authority digital elec­
tronic control
foreign object damage
force of gravity
Hertz (cycles per second)
kilo
thousandths of an inch
military standard
Naval Air Propulsion
Center

NASA

NHPP

N(t)

P&W
RAM
VDC

A, (3, a, "/

pet)

National Aeronautics
and Space Admin­
istration
nonhomogeneous
Poisson process
cumulative failures by
time t
Pratt & Whitney
random access memory
volts direct current
parameters of growth
model
intensity function
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Testing History

During the 1O,000-hr period of performance for the
FADEC CERT there were three accountable failures. The first
of these occurred on the secondary FADEC after 758 hr of
testing. The serial digital diagnostic output to the breadboard
became intermittent as cooling fluid temperature was raised
above 120°F. Normal operation returned as fluid temperature
decreased. The central processing unit (CPU) diagnostic inter-

There are five environmental variables: vibration, pressure
(altitude), humidity, liquid coolant temperature, and air
temperature. Figure 5 shows the FADEC test cycle. These en­
vironmental values are derived from information contained in
[3-8J. The vibration cycle for the FADEC CERT was
established at + / - 0.6 mil from 40 to 260 Hz, sinusoidal
sweep, throughout the test. This value was established through
FADEC vibration measurements on the F401 engine [IJ.

In addition to the basic test cycle two additional tests were
run: foreign object damage (FOD) vibration simulation and a
salt fog test. The intent of the FOD test was to simulate the
vibration which might occur in the event of FOD to the
engine. Once every 1000 hr the FADEC unit vibration was in­
creased to the level of +/ - 6 mils from 40 to 260 Hz for a
period of I hr to simulate the time period required for the air­
craft to return to base. One FADEC unit was run to MIL­
STD-81OC, method 509.lISalt Fog. This 48-hr salt fog test
was run at the completion of the 10,000 hr CERT to establish
the resistance of the FADEC units to the effects of carrier
operating environment. After the salt fog test the FADEC was
recalibrated to verify no change in its operating condition
prior to final teardown and inspection of the FADEC units.

two engine-type units were installed in the test chamber, one
primary and the other a secondary control. The breadboard
control was modified to act as an interface to these two
operating units. In this capacity it monitored both controls for
operational and fault status information.

The verifier provides simulated engine sensor and actuator
signals, with manual selection, control, and display of various
parameters. The rig is designed to simulate the characteristics
of a particular engine through manual selection panel on the
verifier. The verifier is capable of providing the following
outputs:

Pre-FADEC/CERT Testing

In addition to the sea level and altitude F401 engine tests,
conducted during the original FADEC Program, the elec­
tronic units also underwent a series of environmental tests to
assess functional and environmental capability of the units.
The environmental tests were conducted at test conditions
similar to the conditions, procedures, and durations specified
by MIL-E-5007D. These tests consisted of the following:
torque motor and solenoid compatibility test, alternator
simulator compatibility test, thermal mapping test, high­
temperature endurance test, low-temperature endurance test,
vibration test, and electromagnetic compatibility test: The
results of these tests, which were not conducted in the
FADEC/CERT Program, may be found in the FADEC Final
Report [1J.

• Electrical resolvers
• Speeds, pressures, and temperatures
• Discrete 0 or 28 vdc signal

The torque motors are simulated by resistive loads. The
solenoids are simulated by discrete lights. Discrete inputs are
simulated by panel-mounted switches.

Fiber optic cables were used to communicate between the
FADEC primary and secondary controls through a dual-port
random access memory (RAM) serial communication link.
The optical fibers were in a cable constructed of a multiple
glass fiber bundle in a teflon tube, wrapped with a Kevlar
braid, and enclosed in a teflon casing.

• Field carrier landing practice
• Familiarization
• Fighter intercept

FADEC/CERT Test Cycle

The intent of the test cycle is to subject two FADEC,
engine-mounted, prototype controls to a simulated engine en­
vironment using the CERT facility. The environmental se­
quencing chosen is based on a composite of seven typical
F-14A missions:
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face was removed and replaced and satisfactory operation 
restored. The second failure occurred at 760 hr of testing when 
a CPU chip in the primary FADEC failed. The chip was 
removed and replaced and normal operation restored. This 
second failure may be due to troubleshooting techniques 
employed to establish the cause of the first failure. The final 
failure occurred in the secondary control at 5800 hr of testing. 
This unit exhibited an intermittent fault in the resolver cir­
cuitry. This fault was determined to be a faulty chip in the 
resolver conversion circuitry. 

When the primary CPU failed during the FADEC CERT, 
control was immediately transferred to the secondary 
FADEC. Although the two secondary failures did not in­
terfere with system operation they were flagged for 
maintenance action through the diagnostic system. None of 
the failures occurred during the high-vibration FOD test 
periods. 

The salt fog test was conducted after 10,000 hr of testing. 
The FADEC primary was calibrated before and after the salt 
fog test and exhibited no change in operation. During the final 
visual inspection of the FADEC no indication of salt fog in­
trusion into the test unit was observed. The final visual inspec­
tion of both FADEC units established that they were in ex­
cellent condition both externally and internally. 

Reliability Model 

Based on the results of [9], the AMSAA/Duane model was 
selected to analyze the FADEC/CERT results. Following is a 
brief description of the AMSAA/Duane model. Details and 
comparisons with other reliability models may be found in [9]. 

Model Descriptions. The Duane model is a curve of 
cumulative failure rate as a function of cumulative test time in 
the development program. C{t) = yta where C(t) is 
cumulative failure rate at time t; y is the scale parameter; a is 
the growth parameter. 

Taking the log of both sides of the equation, the model 
becomes linear on log-log paper with slope a. 

log(C(0) = log7 + alog(0 

The AMSAA model is a statistical model of the same form 
as the Duane model. It is different in that it is modeling the 
reliability within a test phase as a function of time ac­
cumulated in the test phase. N(t) = \t&; N(t) is cumulative 
failure by time t; A is the scale parameter; P is the growth 
parameter. 

Model Assumptions. The Duane model assumes that the 
cumulative failure rate grows along the curve yt" as a function 
of development time. 

The AMSAA model assumes that the failures are from a 
nonhomogeneous Poisson process (NHPP) with a Weibull in­
tensity function. The intensity function is as follows 

It is further assumed that if no further effort is made to im­
prove the reliability, the failure rate will remain constant (time 
between failures will follow an exponential distribution). The 
following assumptions are a result of the NHPP assumption: 

• N(0) = O (no failure can occur without some test time). 

• The probability of a failure at time / is not affected by 
previous failures 

• Simultaneous failures are not possible. 

F A D E C / C E R T Test Results 

The three failures which occurred during the CERT test of 
the FADEC system were used to establish a curve projecting 
reliability growth. These failures are those which resulted 
from design, quality, or procedure deficiencies. The slope of 
the curve showing reliability growth was determined from the 
AMSAA/Duane growth model [9] and is based on all events 
which occurred after the start of the CERT test. This slope 
was used based on the assumption that the definition of a 
failure changes the failure rate, but the slope, representing the 
growth rate, is affected very little by the failure identification. 
The results of this calculation indicate that the instantaneous 
mean time between failures (MTBF) ranges between 6335 and 
10,600 hr (Fig. 6). This variation is due to the selection of the 
slope of the projection line through the last failure or through 
the average of the three failures. These instantaneous MTBF 
values compare favorably with the calculated hardware 
reliability from MIL-HANDBOOK-217C, which predicts a 
mature reliability of 8000 hr. It should be noted that the in­
stantaneous MTBF is the reliability value projected for the 
FADEC units if they were to be released for production with 
no further environmental testing or hardware changes. Details 
of the reliability calculation may be found in the 
FADEC/CERT Final Report [10]. 

Summary 

• CERT has been demonstrated to be an effective tool to 
establish the long-term durability of digital electronic engine 
controls, such as FADEC. 

The FADEC design is projected to meet the required 
reliability when operating in a typical Navy operational 
environment. 

• In the event of a component failure in a FADEC unit, the 
system is capable of continued operation. 
• Troubleshooting procedures must be established and 
followed to preclude the inadvertent introduction of failures 
to a FADEC unit. 
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Development of HI DEC Adaptive 
Engine Control Systems 
The NASA Ames/Dry den Flight Research Facility is sponsoring a flight research 
program designated Highly Integrated Digital Electronic Control (HIDEC), whose 
purpose is to develop integrated flight-propulsion control modes and evaluate their 
benefits inflight on NASA F-15 test aircraft. The Adaptive Engine Control System 
(ADECS I) is one phase of the HIDEC program. ADECS I involves uptrimming 
the P&W Engine Model Derivative (EMD) PW1128 engines to operate at higher 
engine pressure ratios (EPR) and produce more thrust. In a follow-on phase, called 
ADECS II, a constant thrust mode will be developed which will significantly reduce 
turbine operating temperatures and improve thrust specific fuel consumption. A 
performance seeking control mode is scheduled to be developed. This mode features 
an onboard model of the engine that will be updated to reflect actual engine perfor­
mance, accounting for deterioration and manufacturing differences. The onboard 
engine model, together with inlet and nozzle models, are used to determine optimum 
control settings for the engine, inlet, and nozzle that will maximize thrust at power 
settings of intermediate and above and minimize fuel flow at cruise. The HIDEC 
program phases are described in this paper with particular emphasis on the ADECS 
I system and its expected performance benefits. The ADECS II and performance 
seeking control concepts and the plans for implementing these modes in a flight 
demonstration test aircraft are also described. The potential payoffs for these 
HIDEC modes as well as other integrated control modes are also discussed. 

Introduction 

By utilizing the high throughput and large memory of cur­
rent onboard computers, along with high-speed communica­
tion multiplex buses, it will be possible to implement a wide 
range of integrated flight/propulsion control modes on board 
future aircraft. Such modes will increase total weapon system 
effectiveness without significant weight penalties. To support 
such efforts, NASA has instituted the HIDEC program for the 
development and flight test of technologies required to realize 
the full potential of integrated controls. 

The HIDEC program is divided into five phases. Phase I, 
which was completed in 1985, involved flight testing the 
Digital Electronic Flight Control System (DEFCS) in the 
NASA F-15 airplane. The DEFCS consists of a higher order 
language digital flight control computer (DFCC) and two 
modified control augmentation system (CAS) analog com­
puters used for interfacing with sensors and actuators. As part 
of Phase I, the DEFCS software has been programmed in 
PASCAL to provide a "flutter exciter" function that enables 
the pilot to select precise frequency sweep and dwell inputs to 
the horizontal tails. This feature allows the acquisition of data 
used to obtain mathematical models of flight control com­
ponents and aircraft rigid and structural modes. 

Figure 1 shows the schedule for Phases II, III, IV, and V of 

the HIDEC program. Phase II, designated the Adaptive 
Engine Control System I (ADECS-I) [1], consists of the 
design, implementation, and flight test of an integrated 
flight/propulsion control mode. This mode uses flight control 
information to determine the amount of uptrim in engine 
pressure ratio (EPR) necessary to improve engine 
performance. 

Phase III will consist of the development and evaluation of 
trajectory guidance algorithms. These algorithms will 
minimize either fuel or time to fly to prescribed terminal con­
ditions. The algorithms will be tested with and without the 
ADECS features. 

Additional ADECS modes and enhancements will be 
developed and tested during Phase IV, which will be called 
ADECS-II. 

Phase V, performance seeking control, involves the integra­
tion of the aircraft inlets with the engine and flight control 
systems to optimize total propulsion system performance. 

Contributed by the Gas Turbine Division of THE AMERICAN SOCIETY or 
MECHANICAL ENGINEERS and presented at the 31st International Gas Turbine 
Conference and Exhibit, Diisseldorf, Federal Republic of Germany, June 8-12, 
1986. Manuscript received at ASME Headquarters March 7, 1986. Paper No. 
86-GT-252. 
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Fig. 1 HIDEC flight test schedule 
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Fig. 2 Adaptive engine control system; EPR uptrim 

Phase II-Adaptive Engine Control System I (ADECS-I). 
The ADECS-I phase will demonstrate improved engine per­
formance based on using flight control information which had 
not been previously available for engine control operation. In­
formation exchange is facilitated by the use of the airplane 
digital systems: DEFCS for flight control and digital elec­
tronic engine control (DEEC) for engine control. In the 
ADECS-I uptrim mode, additional thrust is obtained at power 
settings of intermediate and above by decreasing nozzle throat 
area to increase EPR. 

ADECS-I Mode Description. A typical fan map (Fig. 2) il­
lustrates the EPR uptrim concept. Uptrim is initiated by clos­
ing the nozzle throat area slightly, which increases fan 
pressure ratio (FPR = PT25/PT2) and engine pressure ratio 
(EPR = PT6/PT2). At the high corrected fan speeds typical 
of subsonic intermediate power, EPR uptrim occurs at near 
constant airflow. 

EPR is allowed to increase until the fan turbine inlet 
temperature (FTIT) limit is approached. At the FTIT limit, 
additional thrust can still be obtained by uptrimming EPR at 
constant FTIT. However, once the FTIT limit is reached, 
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Augmentor 
Sequencing 

Inlet 
Distortion 

Reynolds Number 

Control-Tolerance 

Engine 
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Fig. 3 Stall margin available for EPR uptrim 

airflow begins to decrease, diminishing the effect of higher 
pressure ratio. In most cases, after the FTIT limit is reached, 
only small improvements in thrust are possible. Because the 
normal FTIT limit is not exceeded during EPR uptrim, this 
mode is expected to have minimal adverse impact on engine 
life. 

When EPR is uptrimmed, thrust is increased at the expense 
of reduced fan stall margin. Substantial stall margin is nor­
mally built into the engine control schedules to accommodate 
the inlet distortion produced at high angles of attack or 
sideslip. In the ADECS-I mode, some of the stall margin 
reserved for extreme inlet distortion is used to increase thrust 
in regions of low distortion. At flight conditions which pro­
duce high inlet distortion (i.e., maneuvering at large angle of 
attack or sideslip angle), the amount of EPR uptrim is reduced 
to restore stall margin. 

A typical stability audit with and without EPR uptrim is 
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PT25 = fan discharge total 
pressure 

PT6 = turbine discharge total 
pressure 

P&W = Pratt & Whitney 
q = pitch rate 
q = pitch rate change 
r = yaw rate 

R/Y = roll/yaw CAS computer 
TT2 = total temperature engine 

face 
TF/TA = terrain following terrain 

avoidance 
TSFC = thrust specific fuel 

consumption 
WAC = engine airflow, corrected 

AWAC2 = engine airflow, corrected 
to engine inlet 

a = angle of attack 
ap = angle of attack, pre­
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P = sideslip angle 

/3p = sideslip angle, predicted 
5S = stabilator deflection 
5r = rudder deflection 

0,o = free-stream total 
temperature/518.7 
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Fig. 5 HIDEC system architecture; ADECS modes 

shown in Fig. 3. Additional information on the stability audits 
and definition of the amount of stall margin available are 
found in [1, 2]. 

EPR uptrim is implemented as shown in Fig. 4. The 
ADECS-I control laws are incorporated into the digital flight 
control computer (DFCC). When predicted angle of attack 
(AOA) and sideslip angles are moderate, the controller issues 
an EPR command to the engine, causing the engine to operate 
closer to the stall line. 

The controller will sense airframe pitch, roll and yaw rates, 
and normal, lateral, and axial accelerations to predict AOA 
and sideslip angles in the immediate future. This prediction is 
required in order to provide some lead to compensate for. com­
putation delays, transport lags, and response time for the noz­
zle actuator. As these predicted angles become large, the con­
troller decreases the uptrim signal in a well-behaved transient, 
without stalling the engine. 

The details of the EPR uptrim logic implemented in the 
DFCC are described in [2]. The amount of EPR uptrim is 
based on the maximum amount of EPR useful for increased 
performance, limited by engine stall considerations. The im­
plementation of this control law requires information from 
the airframe (angle of attack, sideslip, and Mach number) and 
the engine (airflow, fan speed, and pressure at the engine 
face). 

ADECS-I Mode Implementation. The HIDEC architecture 
for the ADECS-I mode is shown in Fig. 5. The programmable 
asynchronous communication translator (PASCOT) acts as a 
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Fig. 6 ADECS architecture 

multiplex bus interface unit to transfer information among the 
aircraft sensors and central computer (H009 bus) to the digital 
flight control computer (1553 bus) and the digital electronic 
engine controller (serial data bus). It also acts as an interface 
unit for the HIDEC control and display panels in the cockpit. 

Figure 6 shows the detailed architecture of the ADECS-I 
system, including location of the ADECS-I control laws and 
in-flight integrity management (IFIM) software, and gives the 
data rates for communication among the key ADECS system 
computers. The control laws will be computed in both the 
Pitch A and B channels within the digital flight control com­
puter (DFCC) when the HIDEC modes are selected. The soft­
ware for some IFIM tests and related safety tests for the 
ADECS-I mode are also programmed in the DFCC. Other 
IFIM tests and ADECS built-in test (BIT) are programmed in 
the central computer. The DEEC also contains unique IFIM 
tests for the engine. 

The IFIM tests determine whether the propulsion and flight 
control hardware are operating and communicating properly. 
These tests consist of self-checks of the DEFCS, PASCOT, 
CC and DEEC and are performed continuously when the 
HIDEC mode is selected. Other checks verify the operation of 
H009 multiplex bus, 1553 multiplex bus, and serial data bus to 
the DEEC by monitoring the return of wraparound words sent 
from the digital flight control computer. If all integrity 
management tests are passed successfully, the EPR uptrim 
command is issued by the flight control computer through the 
PASCOT to the engine control, when so commanded by the 
pilot. 

The crew station configuration is shown in Fig. 7. The 
HIDEC control panel is used to engage the HIDEC mode, 
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Fig. 7 HIDEC crew station orientation 
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Fig. 8 ADECS mode thrust increase; PW1128 engine; Standard Day 

select the desired engines to receive the commands, and select 
the ADECS-I mode and its submodes (EPR uptrim or a com­
bination of EPR and FTIT uptrims). The navigation control 
indicator (NCI) panel is used to initiate BIT tests and select 
new constants for use in the DFCC logic. This latter feature 
increases flight test flexibility. 

The indicator lights on the upfront panel illuminate when 
the HIDEC system is coupled or when an IFIM failure exists. 
Other lights indicate which modes have been selected, i.e., 
engine control, flight control, or both. The couple command 
button is on the throttle lever and the emergency disconnect 
for the system is the paddle switch located on the control stick. 

ADECS-I Mode Benefits. The principal benefit of the 
ADECS-I mode is increased thrust, primarily in subsonic 
flight. Figure 8 shows the thrust improvement available at in­
termediate and maximum power across the flight envelope. 
The thrust improvement falls off at the lower altitudes and 
higher Mach numbers as the engine FTIT limit is reached since 
further EPR uptrim results in less airflow. 

Current estimates of ADECS-I performance improvements 
are based on the actual control logic that will be programmed 
in the flight control computer. These data supersede the pro­
jected benefits described in [3-5]. 

At intermediate power the EPR uptrim is limited by the 
physical limits of the exhaust nozzle. At some maximum 
power flight conditions, additional augmentor segments can 
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Fig. 9 ADECS mode TSFC decrease; PW1128 engine; Standard Day; 
maximum power 
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Fig. 10 Potential reduction in TSFC; Mach 0.9; 40,000 ft; Standard Day 

be lit because EPR uptrim increases pressure in the augmentor 
duct and improves augmentor efficiency. 

At intermediate power, EPR uptrim increases thrust specific 
fuel consumption (TSFC) by 1-3 percent. This is because addi­
tional fuel is required to enable the engine to pump the same 
airflow against a higher back pressure. However, at maximum 
afterburning power, EPR uptrim reduces the TSFC, as shown 
in Fig. 9. The TSFC reduction is due to higher efficiency of the 
augmentor and fan. 
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Fig. 11 Hot day performance improvement; Mach 0.6; 20,000 ft; 
PW1128 engine; maximum power 
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Fig. 12 EPR uptrim modes 

The increased thrust available from EPR uptrim can be used 
to reduce intercept time, increase acceleration, and increase 
turn capability in air-to-air combat. Figure 10 shows that EPR 
uptrim can also be used to produce a constant thrust at a lower 
specific fuel consumption during augmented operation, for a 
potential benefit in supersonic cruise. This is primarily due to 
improved fan and augmentor efficiency. For example, in the 
PW1128 engine the fan operating line is nominally lower than 
the locus of peak efficiency, due to stability considerations. 
Uptrim of the fan pressure ratio increases fan efficiencies, and 
reduces fuel consumption. This reduced fuel consumption can 
be used to increase combat range or to increase fuel available 
for combat. 

One other important benefit to the ADECS mode is the 
capability of maintaining Standard Day thrust levels during 
warm day operations by offsetting the thrust lapse of the 
engine. Figure 11 shows that, by utilizing the EPR uptrim 
capability of the ADECS mode, Standard Day thrust levels 
can be maintained up to ambient temperatures that are 15°F 
warmer. 

Phase IV-ADECS-II Mode. ADECS-II is a constant-
thrust mode that will improve the engine TSFC and will in­
crease engine life by reducing turbine temperature. This mode 
increases engine pressure ratio while reducing engine airflow 
to maintain constant thrust for a given power setting. This 
constant-thrust mode is illustrated in Fig. 12 and a typical 
reduction in turbine temperature and fuel consumption is 
shown in Fig. 13. The near 3.0 percent improvement in TSFC 
is significant and can be translated into increases in aircraft 
range. The reduction of 50° in fan turbine inlet temperature 
will increase the life of the engine. The turbine temperature 
reduction at other selected conditions is shown in Fig. 14. 

Phase V - Performance Seeking Control. The integration of 
the propulsion and flight control system provides many new 
options for meeting new mission requirements. The next 
logical element to be integrated is the inlet control system. On 
the F-15, the variable geometry inlet not only determines the 
quantity and quality of the air delivered to the engine, but also 
affects the lift, drag, and stability of the airplane. 

Figure 15 indicates how the inlet might be integrated by 
means of HIDEC logic. The inlet variables would be com­
manded to positions that produce the highest net propulsive 
force by maximizing pressure recovery and minimizing inlet 

T 
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Fig. 13 ADECS constant-thrust mode uptrim; Mach 0.6; 20,000 ft; in­
termediate power 
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Fig. 14 ADECS-II—FTIT reduction with constant thrust mode 

Fig. 15 HIDEC system with inlet control added 

drag and aircraft trim drag while maintaining inlet/engine 
compatibility. 

The concept of a performance seeking control will be used 
to maximize either excess thrust or aircraft range. Figure 16 is 
a block diagram of the logic, using a state-variable model of 
the engine, together with models of the inlet and exhaust noz­
zle. The optimization logic will compute commands for the 
propulsion system variables depending on speed, acceleration, 
altitude, attitude, and dynamic pressure, as well as the aircraft 
configuration. These commands are sent to the various pro­
pulsion system elements and the resultant measured outputs 
are used to update the models. 

This update logic makes the PSC system capable of accom­
modating engine degradation, non-Standard-Day atmospheric 
conditions, and various external stores configurations. The 
technology will likely be of great importance to supersonic 
cruise vehicles that are highly sensitive to small changes in pro­
pulsion system performance. 
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Fig. 16 Performance-seeking control 

Since PSC incorporates a model of the engine that is up­
dated to reflect actual engine operation, this same model can 
be used for other applications as shown in Fig. 17. It can be 
used to determine engine component efficiencies for trending 
purposes of identifying when a particular component needs 
replacement. The engine model can be used to monitor and 
detect problems in the actual engine control system. The out­
puts of the onboard engine model can also provide redun­
dancy for a failed sensor. By including onboard models of the 
airframe with the propulsion system, the entire mission can be 
planned and optimized. Finally, total aircraft performance 
can be optimized accommodating for variations in gross 
weight, store configurations, ambient temperature, and engine 
health. 

The Future of Integrated Flight/Propulsion Controls. 
Significant benefits for future aircraft can be gained by in­
tegrating the flight and propulsion controls. To summarize, 
candidate integrated control modes and their objectives are as 
follows: 

• Stall margin control 
Uptrim for: 

- supersonic dash and for greater acceleration and 
turn rates 

- decreased fuel consumption and decreased turbine 
operating temperatures 

Downtrim for: 
- subsonic and supersonic maneuvering 
- weapon delivery 
- short field landing 

• Rapid thrust modulation for: 
- improved terrain following/terrain avoidance/ 

threat avoidance TF/TA2 (vary nozzle area and in­
let guide vanes, combined potentially with vectoring 
nozzle) 

• Combat mode for: 
- short-term combat rating featuring higher fan tur­

bine inlet temperature (pilot selectable) 

Maximize 
Mil and 

Total Vehicle Maximum Thrust 
Performance 
Optimization 

Mission 
Planning a n d - " 
Optimization 

Engine 
Component 
Trending 

Analytical 
Sensor 

Redundancy 

Engine 
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Fig. 17 PSC growth avenues 
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Performance Seeking 

Fig. 18 Integrated flight/propulsion control payoff potential 

• Thrust reversing/vectoring for: 
- greater maneuverability or decreased trim drag at 

cruise 
- fuselage aiming for weapon delivery 
- approach mode for landing 

• Flow modulation for: 
- improved in le t /engine matching through 

engine/nozzle variable geometry 
• Auto throttle for: 

- trajectory control for energy management, TF/TA, 
and weapon delivery 

• Performance seeking control for: 
- maximum thrust in accelerations 
- minimum cruise fuel flow 

The mission areas where payoffs are expected are shown in 
Fig. 18. To fully realize such payoffs, integrated 
flight/propulsion control technology must be developed in 
research flight test programs such as HIDEC and addressed 
early in the aircraft design stages. 
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Maximum-SIew-Rate Control for 
Hydrogenerators1 

Traditionally, speed control of hydrogenerators has been implemented by analog 
proportional-plus-integral control of speed error. With digital controllers, 
nonlinear, adaptive control strategies may be implemented to achieve improved 
systems response. This paper develops a control scheme which responds to perturba­
tions by moving wicket gates at their maximum slew rate. For a simulated 10 percent 
load rejection, the new controller reduced settling time by over 50 percent as com­
pared to the equal-root-case PI controller. This was achieved while maintaining the 
same peak overshoot and keeping pressure within design limits. The deadbeat nature 
of the transient response promises decreased wear on mechanical components while 
substantially improving overall performance of hydrogenerators. 

Introduction 

The hydropower generation industry is relatively mature. 
The problem of feedback control to maintain output fre­
quency has been traditionally implemented through the use of 
analog electromechanical devices that sense turbine speed and 
position the wicket gates with a signal proportional to speed 
error and its integral (PI control). The widespread use of PI 
control in hydropower, as well as other fields, has been at­
tributed to the linear operation limitations of available hard­
ware. Interesting control strategies that do not fall into the 
linear response category would be difficult, if not impossible, 
using this equipment. 

With the introduction of the microprocessor into real time 
control operations many of the previous limitations have been 
removed, and a wide range of control possibilities can now be 
realistically considered. Literature is beginning to reflect the 
growing use of digital controllers as they demonstrate their ad­
vantages and reliability. Some present research is investigating 
the application of microprocessors to the control of 
hydrogenerators [1-3], and in one case in Scotland a digital 
speed controller is already in use [4]. 

In fixed blade angle type turbines the wicket gate is the sole 
control variable. The factor that limits the speed at which the 
gate can be opened or closed, and hence the responsiveness of 
the system, is the allowable pressure deviation that the conduit 
can withstand. This pressure limitation is achieved by setting 
the maximum slew rate of the gate. However, PI control 
generally moves the gate at a rate of speed less than this 
allowable limit, thus the system is responding more slowly 
than if the controller were always to move the gate at its max-
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Interior, Bureau of Reclamation. An abbreviated version of this paper was 
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Contributed by the Power Division for publication in the JOURNAL OF 
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Division January 8, 1986. 

imum slew rate. An on-off, constant speed gate controller can 
achieve the desired result. Since the microprocessor provides 
the tools necessary to implement such a control, it is now ap­
propriate to investigate this controller with the intention of its 
eventual utilization. 

Model 

This paper considers a linearized model for fixed blade tur­
bines given by the following set of differential equations [5] 

TaDx = m-l (1) 

TwDq=-h (2) 

dm dm dm 

dx x + -
dy 

•y + -
dh 

h 

dq_ 

dx 
• x + -

dq_ 

dy 
•y + -

dq 
dh 

(3) 

(4) 

The variables are nondimensionalized about an operating 
point and have the following definitions: h = per unit 
pressure deviation; / = per unit load demand; m = per unit 
turbine torque; q = per unit flow deviation; x = per unit 
rotor speed deviation; y = per unit gate deviation; Ta = rotor 
time constant; T„ = conduit water time constant; D = 
derivative operator; dm/dx, dm/dy, dm/dh, dq/dx, dq/dy, 
dq/dh = system partial derivatives. 

As a result of linearization, the system partials remain con­
stant for a particular turbine functioning within a small range 
of its operating point. 

In the open-loop form this model represents a linear, con­
tinuous second-order system. By adding proportional plus in­
tegral speed control the following dynamics are added 

y=-Px-I\x 

Dy=-PDx-Ix 

(5) 

(6) 

In equation (6) Dy is the rate of change of the gate position 
(the slew rate), while P and / are the proportional and integral 
gain constants. 
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Table 1 Standard system partials and time constants 

dm da dm da dm da 
1.0 = 0.0 =1.0 —^-=1.0 =1.5 —=- = 0.5 dx dx dy dy dh dh 

r„ = 9.0 T„ = IA Gs = 0A 

This traditional control creates a linear third-order closed-
loop system which is relatively well understood. The particular 
selection of governor gains for desired transients has lacked a 
unified definition of optimality. This work is based on com­
parison to the equal-roots case [5, 6]. The selection produces a 
more damped transient than the tuning suggested by Paynter 
[7] and Hovey [8] and is a more appropriate measure due to 
the deadbeat nature of the proposed control. 

This paper investigates constant slew rate control that can 
be written as 

Dy = G,u (7) 
Dy, the instantaneous rate of change of the gate position, 

relates to Gs, the constant value of the gate speed as deter­
mined from allowable pressure deviation, u is the control 
variable. For this controller u can have one of three discrete 
values: +1, - 1 , or 0. w = +1 represents opening the gate at 
maximum rate; u = - 1 represents closing the gate at max­
imum rate; u = 0 represents no motion of the gate. 

During closed-loop control operation the actual value of the 
control variable will be determined by the other system 
variables. Like the PI controller, this closed-loop control also 
creates a third-order system model, but it is inherently 
nonlinear with the result that many of the classical analysis 
techniques are not applicable. Therefore, this paper makes ex­
tensive use of numerical integration as a tool for developing 
and analyzing the constant gate speed controller. Computa­
tions are performed using the Advanced Continuous Simula­
tion Language (ACSL) package [9]. The values for the con­
stants appearing in the mathematical model are required. For 
this purpose, the partials and time constants of an example 
system [5] as shown in Table 1 are used. This example system 
is henceforth referred to as the "standard" system. The max­
imum slew rate corresponding to 10 s for full gate travel is 
assumed. The technique used in generating the feedback con­
trol for this standard system is then generalized for application 
to system models with other values of partials, time constants, 
and gate speed. 

Definition of Control Performance Goal 

For constant gate speed control, the control variable u can 
be +1, — 1, or 0. Under a given load disturbance it is 
necessary to find a control function u(t) such that at any 
given time u(t) is an element of the set { + 1, —1,0} and the 
overall system response meets some performance criteria. In 
this work the performance goal is defined to be achieved by 
the control which returns the system to its operating point 
utilizing a "single overtravel control" and minimizing the 
rotor speed settling time. 

The term single overtravel control is introduced to describe 
a control that switches gate direction no more than once in 
response to a step disturbance in load. For a load disturbance 
occurring at time t0, the following potential control sequence 
represents an example of single overtravel control 

+ 1 (or -1) for t0<t<tt 
«(/)= - 1 (+1) for ti<t<t2 (8) 

0 for t2 < t 

The single overtravel control is used because it can be opti­
mized using numerical simulation for a given load level, while 
it also produces a response that is a significant improvement 
over PI control. 
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The response of the PI controller with P = 2.44 p.u. and / 
= 0.464 p.u. tuned for the equal roots case generated by 
ACSL has output shown in Fig. 1. For the PI control, speed 
deviation returns to within 1/2 percent in 11.0 s. 

For a particular step disturbance in load, there is a unique 
single overtravel control that will return the system to steady 
state in a minimum settling time. This control is called the 
"optimal single overtravel control" or OSOC for short. An 
iterative technique for determining the OSOC is presented in 
[10]. For the system presented earlier, the OSOC in response 
to a 10 percent load reduction results in t{ = 2.33 and t2 = 
3.66 s. An ACSL program simulates the system as presented 
earlier and computes its response subject to the optimal con­
trol schedule. The results are shown in Fig. 2. 

When compared to the PI response for the same input (Fig. 
1), the single overtravel control has a shorter settling time, 
4.4 s to return deviation to within 1/2 percent of its operating 
value as opposed to 11.0 s for the tuned PI controller. Further­
more, it is important to note that this improvement in settling 
time was achieved without degrading peak overshoot, which is 
approximately the same in both cases. The constant gate speed 
controller does have higher pressure deviations, but the gate 
speed is set to guarantee that pressure always remains within 
design limits. This demonstrates that constant gate speed con­
trol, utilizing a single overtravel sequence, can significantly 
improve system response over PI control. 

Feedback Controller Development 

Inputting a precalculated OSOC function to control a 
known disturbance on the open loop system is a preliminary 
step in developing a feedback controller which would be able 
to respond to any load disturbance on a continuous basis. A 
constant gate speed controller may be implemented using a 
microprocessor which will avail itself of the measures of the 
independent system states at regular sample intervals. The 
"best" control action is then output to the gate servomotor. 
An iterative technique for determining this best control at any 
point in the state space was devised. 

Since the system with control is third order, three independ­
ent states are needed to describe its condition at any point in 
time. The states have been selected to be speed deviation, rate 
of change of speed, and gate position. Hence the state space is 
three dimensional, with elements [x, Dx, y). 

The location of the operating point (steady-state condition) 
for any given load in the state space is shown by the following 
equation 

{x, Dx, y)ss = (0, 0, ll/(dm/dy)]l) (9) 
The operating point moves along the gate position axis in 

the state space as the load level changes. In order to simplify 
the analysis, a new state, y0ffset, is defined. This state 
represents the offset of the gate from its steady-state position 

Offset hos^-Widm/dyW (10) 

Now, in the new state space {x, Dx, yos}, the steady-state 
operating point is the origin regardless of changes in load 
level. At any given point in the state space, it is possible to 
determine the complete single overtravel control that 
minimizes settling time by using that point as an initial condi­
tion. Then, if during real time control the system is ever at this 
state space point, the controller will output the initial value of 
the complete control sequence, namely u(0). The entire op­
timal control for that point does not have to be used, because 
before it could be completely implemented the controller will 
have sampled the system again and measured a new state. 

The technique for finding optimal H(0) for a particular in­
itial state point simulates the system response under the three 
controls A, B, and C of equation (11) 

i D x 

; U(0) - 0 
'•. REGION 

U(0) - -1 
. REGION 

it 

\ /— SWITCHING LINE 
u(o) - +i '• V '• 
REGION ". \ 

Fig. 3 State space regions where best u(0) = +1 , - 1 , and 0 

Control A: u(t)=Q for0</<e 
Control B: u(t) = - 1 for 0 <t<e (11) 
Control C: « ( / )=+ 1 for 0 </<e 

For e < t all controls drive gate offset directly to zero. 
Determining which of the three controls yields the best 

result is done by measuring the speed deviation due to each 
control at some later observation time. Enough time must 
have elapsed after active control stops for the effects of that 
action to be demonstrated in the system states. The control se­
quence that results in the smallest speed deviation at this 
observation time is taken to represent optimal «(0). 

Mapping Control Onto State Space 

Since there are an infinite number of points in space, ac­
tually finding and storing w(0) for each one would be imprac­
tical. Fortunately bang-bang feedback controllers generally 
have their state space divided into regions where one or the 
other control is optimal. These regions are separated by a 
switching surface [11, 12]. The problem reduces to one of 
identification of the switching surface for the particular 
system. To gain understanding of the nature of this surface, 
u(0) is found first for points evenly distributed on the plane of 
zero gate offset (yos = 0). The number of points to be 
simulated is reduced by the fact that linearity requires the 
system to be inversely symmetric about the origin. That is, if 
some point (x,, Dxu yosl) has optimal control H^O), the in­
verse point ( -x { , -Dxu -yosi) has optimal «(0) = -«](0). 

For the state space of the present example system in the 
operating region for x, Dx, and yos = 0, points in even in­
crements on both the x and Dx axis were used as initial condi­
tions and simulated under controls A, B, and C (equation (11)) 
using ACSL. Optimal u(0) was found and plotted for a 
number of points on the plane of zero gate offset. 

As expected, the plane yos = 0 is divided into a region where 
w(0) = - 1, and a region where «(0) = + 1 by a curve which is 
the intersection of the switching surface and the plane yos = 0, 
as shown in Fig. 3. Of interest here is that this curve is, or can 
be closely approximated as, a straight line. The result is 
verifiable by phase plane analysis and is treated in the appen­
dix. The entire state space in the region where the system 
operates can be mapped by finding and storing equations of 
these switching lines for small increments in gate offset. 
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Fig. 4 ACSL program flow chart 

Inspection of the control space reveals a small region 
around the switching surface having optimal «(0) = 0 (see Fig. 
3). It is a result of the simulation technique. Each control A, 
B, and C implements u (t) = 0, - 1, or + 1 for a finite interval 
of time 0 < t < e where e = 2Ts has been used. Because e is 
not infinitely small, some error will occur in identifying w(0) 
near the switching surface, resulting in the region of H(0) = 0. 
The switching line is defined to be the center of this region. 
The control algorithm is implemented with a hysteresis and a 
dead band about the switching line. 

Another useful fact is that the slope of the switching line is 
constant for all values of gate offset. Given this, it is necessary 
to determine only the value of .Fin the equation Dx = Ex+F 
in order to describe the switching line for a particular gate off­
set level. This can be done by locating just one point on each 
line. To complete the control space for the standard system the 
switching lines are found for all gate levels from 0 to 0.5 in in­
crements of 0.02 (one sample time times maximum gate 
speed). Due to the symmetry about the origin the switching 
lines for gate levels from 0 to - 0.5 are also known. Data from 
the simulations are displayed in condensed form in Table 2. 
All intercepts are for lines of slope = - 1.43. 

The ACSL program "Feedback Control Simulation" 
shown in the flow chart of Fig. 4 simulates continuous feed­
back control of the standard system. The control space just 
generated is used. The feedback controller can respond to any 
load input, but of particular interest is its response to a 10 per­
cent load reduction (Fig. 5) because its optimal single over-
travel control has been presented earlier. 

The response of the feedback controller closely matches its 
defined performance goal of optimal single overtravel control. 
For this input the optimal control returns speed deviation to 
within 1/2 percent of the operating value in 4.4 s, while the 
feedback controller does so in 4.7 s. This is slightly less than 
optimal, but it is still a substantial improvement over the PI 
controller, which required 11.0 s. Tuning of the hysteresis and 
dead bands may further improve the feedback controller's 
performance. 

• o.oo 10.0 is.o 

Fig. 5 Feedback controller response 

Table 2 Switching line intercepts 

gate 

0.02 
0.04 
0.06 
0.08 
0.10 
0.12 
0.14 
0.16 
0.18 
0.20 
0.22 
0.24 
0.26 

line 

-0.0071 
-0.0143 
-0.0229 
-0.0314 
-0.0404 
-0.0511 
-0.0621 
-0.0746 
-0.0875 
-0.1018 
-0.1175 
-0.1332 
-0.1507 

Offsets 

gate 

0.28 
0.30 
0.32 
0.34 
0.36 
0.38 
0.40 
0.42 
0.44 
0.46 
0.48 
0.50 

line 

-0.1682 
-0.1878 
-0.2075 
-0.2289 
-0.2511 
-0.2743 
-0.2993 
-0.3250 
-0.3521 
-0.3807 
-0.4100 
-0.4411 

Controller Performance Simulations 
The final step in the development of this controller is to ap­

ply it in a discrete manner. An ACSL program was used to 
simulate the controller's operation when output is updated at 
discrete sample times. Essentially this program simulates the 
feedback control strategy developed on a continuous basis 
with a zero order hold added. Figure 6 shows the results of an 
11 percent load rejection applied to the standard system. Since 
a control signal must last for an entire sample time, the digital 
controller can not position the gate in smaller increments than 
gate speed times sample time. In general it will not be possible 
to exactly reduce gate offset to zero. With the current values 
of gate speed and sample time the gate can be moved in in­
crements of 0.02, an exact multiple of - 0 . 1 , which is the 
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Fig. 6 System response with discrete feedback controller 

20.0 

Fig. 7 System response when gate actuator dynamics are modeled 

steady-state gate position for a 10 percent load reduction. 
Thus, to demonstrate the potential for steady-state error the 
load input used is 11 percent. 

The initial response of the digital controller is to output a 
single overtravel control signal. The first drive time is equal to 
2.2 s, which, although less than optimal, is within two sample 
times of 2.51, the optimal tx for an 11 percent load reduction. 
More serious is that when the single overtravel control would 
stop at 3.3 s there is a gate positioning error of 1 percent from 
the steady-state value. This error causes the controller to kick 
in further control signals in order to bring the system states to 
within the dead band. Since a zero gate offset can not be 
reached, the system again drifts out of the dead band and the 
controller must continue to provide gate commands to bring 
the system back. 

In actual practice, sample times much shorter than 0.2 s are 
achievable, and probably would be used. This reduces the 
smallest possible gate position increment which will reduce 
steady-state error. Also, the microprocessor can switch to a 
small deviation control strategy in the dead band region. Such 
a strategy would drive the gate at speeds less than maximum, 
which will again reduce gate position increments, reducing 
steady-state error. 

A digital PI control strategy would be a good alternate 
choice for the small deviation controller. The same 
microprocessor would be able to implement it with software, 
thus not requiring additional hardware. The PI feedback ad­
justs gate position based on the rotor speed error, and its in­
tegral. It can reduce steady-state error to signal quantization 
level. 

A second point to consider is that of gate dynamics. The 
model used ignored the dynamic behavior of the gate actuator, 
and assumed the gate exactly integrated the control signal. 
Since these dynamics do exist, it is worthwhile to investigate 
their effect on the performance of the constant gate speed con­
troller. The actual gate response to a control signal can be 
modeled with the second-order transfer function of equation 
(12) [13]. Here y represents actual gate position, and z 
represents the desired gate position, or the input to the 
hydraulic amplifier 

r(S)=-
1 

•z(S) 
(0.155+l)2 *K"' ( 1 2 ) 

If a maximum limit of Gs is placed on the gate speed as in 
equation (13), the control signal can be fed directly to the gate 
actuator 

\Dy\*G, (13) 
An ACSL program was written to simulate the actuator 

limitations using the digital feedback controller responding to 
a 10 percent load reduction. Figure 7 shows the standard 
system's response when gate dynamics are considered. As ex­
pected, the result is essentially identical to the case without 
dynamics, due to the relatively short time constants involved. 

Conclusion 

Several aspects of the constant gate speed controller still 
need to be addressed. This controller uses a "dead band" 

156/Vol. 109, APRIL 1987 Transactions of the ASME 

Downloaded 01 Jun 2010 to 171.66.16.73. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



which is a region of the state space where no control is applied, 
and includes state points other than the operating point. It is 
generally necessary for small deviations from the operating 
point to be returned through control action. However, apply­
ing a maximum gate speed control for even one sampling time 
increment may overdrive the operating point. As a result it is 
desirable to switch control mode to a small deviation con­
troller in the dead band region. It has already been mentioned 
that a digital PI algorithm performed by the same 
microprocessor is a potential candidate. Other possibilities 
exist. Whichever strategy is chosen, it would need to be mated 
with the constant gate speed controller for a smooth transition 
from one controller to the other to occur. The dual mode con­
troller would use maximum gate speed control to respond to 
large disturbances and quickly reduce the speed deviation to 
within the dead band region, or alternately preset limits where 
the small deviation controller would act to eliminate steady-
state error. 

The research performed for this paper demonstrates that 
constant gate speed bang-bang control holds potential advan­
tages over current control techniques. The main advantage is 
that speed deviation settling time can be substantially reduced 
without increasing its peak overshoot. In the particular exam­
ple presented in this paper settling time was decreased by 60 
percent. An additional benefit of reduced wear and tear may 
be realized due to the deadbeat nature of the system transients. 

The widespread use of the three-term electric governor over 
the last three decades has raised much controversy about the 
positive and negative effects of derivative control [14]. The 
bang-bang strategy offers maximum control output and 
therefore surpasses the desired characteristics of derivative 
control while not being susceptible to noise. The rapidly grow­
ing use of digital controllers is demonstrating their reliability 
and cost as well as performance advantages over their analog 
counterparts. The trend in the hydroturbine industry will be to 
rely more and more on computer controllers, and on improved 
control laws. In the course of this evolution maximum gate 
speed control warrants further consideration. 
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A P P E N D I X 

Phase Plane Analysis 

A phase plane analysis has been performed to determine the 
trajectory dDx/dx of this system, and thus gain an insight into 
the nature of the switching surface. The first step is to 
transform the system from the equations (14) through (18) in­
to equation (19) by elimination of all variables except speed 

T„Dx = m-l 

TwDq=-h 

Dy = Gsu 

(dm/dx)x + (dm/dy)y+ (dm/dh)h 

dq 
Q = 

dq dq 
• x + ——y + - h 

(14) 

(15) 

(16) 

(17) 

(18) 
dx dy dh 

The symbolic equation (19) when given in terms of system 
parameters becomes 

D2x + aDx + bx + c = 0 (19) 

dm dq 
TaTw(dq/dh)D2x+[Ta + Tw 

dh dx 

- T„ (dq/dh) (dm/dx)\Dx-
dm 

dx 

[ 
dm dq dq dm 

]Dy = 

dm 

~~dT 

o ,- . , - (20) 
dh dy dh dy J 

Here the values of the x and Dx coefficients are constant, 
but the next two terms are dependent upon gate position and 
gate velocity. Restricting the analysis to the zero gate offset 
plane, y = 0. Constant y implies that Dy = 0, thus on the zero 
gate offset plane c = 0. To find the trajectory, the chain rule is 
applied to D2x. 

D2x = 
dDx dx dDx 

dx dt dx 
Dx (21) 

The slope of the trajectory on the phase plane may be found 
by substituting equation (21) into (20) 

dDx —aDx—bx , , 

dx Dx 

where a and b are the coefficients of the Dx and x terms, 
respectively. 

It is desired to find those trajectories the system will follow 
to the origin. Thus values of M that satisfy both equations (23) 
and (24) are sought 

Dx = Mx (23) 

(dDx/dx) =M (24) 

Dx = - O . l l l x 

Dx = - 1 . 4 2 8 x 

Fig. 8 Phase trajectories on zero gate offset plane 
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Plugging these two equations into (22) gives the following 
relationship. 

The rotor speed variable is common to all terms and may be 
canceled. The equation reduces to the quadratic 

Mi + aM+b = 0 (26) 

Applying the quadratic formula produces two values of the 
slope M 

M = - y - (-a±a2-4b) (27) 

For the standard system this reduces to the two lines of 
equations (28) and (29) 

Dx=-0Allx (28) 

Dx=-l.428x (29) 

The feedback controller actively drives the system states to 
the fast trajectory and terminates gate motion, allowing the 
system to coast to its operating point (see Fig. 8). This analysis 
provides a mathematical method for calculating the slope of 
the switching lines. A similar analysis to find the switching line 
intercepts on planes of y ^ 0 by finding dDx/dx as performed 
here would not be valid. This is because when the gate offset is 
not zero, even though the system is on the switching surface, 
the controller will drive the gate to eliminate its offset. Since 
Dy is not zero, the system trajectory will not be planar. A 
three-dimensional trajectory analysis is required to provide a 
means of calculating switching lines on all planes of constant 
gate. 
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Periodic and Continuous Vibration 
Monitoring for Preventive/ 
Predictive Maintenance of Rotating 
Machinery 
The application of vibration monitoring as part of Preventive/Predictive 
Maintenance programs is discussed. Several alternative methods, including periodic 
and continuous monitoring techniques, are described. Emphasis is given to the im­
portance of selecting vibration transducers with due regard for the specific 
machinery type. The equally important need to install monitoring systems which are 
cost effective and provide genuinely useful information for maintenance engineers 
and vibration analysts is also highlighted. It is argued that critical machinery should 
be monitored continuously, and in cases when more detailed investigation is re­
quired that high-quality Predictive Maintenance vibration analysis techniques be ap­
plied. The need is also emphasized for specialist interpretation of vibration data in 
order to identify specific machinery malfunctions, of which several examples are 
given. 

Introduction 

Important recent developments in instrumentation and 
computer-based information management systems have led to 
great advances in the effectiveness of Preventive/Predictive 
Maintenance programs. It should not be overlooked, 
however, that there is nothing new in the basic philosophy of 
Preventive Maintenance or Condition Monitoring of 
machinery. 

For example, consider the case of a plant engineer in charge 
of a factory or power station or a marine engineer responsible 
for his engine room. Fifty or sixty years ago, Preventive 
Maintenance activities were carried out by the engineer 
through regular observation of control room gages and 
possibly the logging in traditional form of the operating 
parameters available. But more importantly, the conscientious 
engineer would walk about the engine room listening to the 
machinery, placing a finger on top of a bearing cap or at the 
foot of a pedestal, looking for signs of oil "squeeze" between 
casings and their bedplates or watching for signs of steam 
leaks at valve stem-seals, etc. Provided that, in the event that 
the engineer detected or suspected a fault was present or about 
to develop, he took some positive action, this traditional pro­
cedure was in every respect condition monitoring for Preven­
tive Maintenance. 

In the 1980s, more and more emphasis is being given to the 
use of permanently installed monitoring equipment and the 
remote assessment of data using computer-based systems. In 
many ways this is a justifiable trend — machinery is more 
sophisticated and expensive to repair; skilled labor is expen-

PREVENTIVE/PREDICTIVE MAINTENANCE FOR 

CONDITION MONITORING FOR 
SEPARATE MACHINES 

VIBRATION MONITORING 

THE PLANT 

Fig. 1 Maintenance system 
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Rotating Machinery 
Dynamics 

Contributed by the Nuclear Engineering Division and presented at the ASME 
Winter Annual Meeting, Miami Beach, Florida, November 17-21, 1985. 
Manuscript received at ASME Headquarters August 25, 1986. 

Fig. 2 Basic components of the Preventive/Predictive Maintenance 
systems 

sive, and monitoring hardware is, in real terms, very inexpen­
sive and widely available. The cost of specialized software for 
Preventive/Predictive Maintenance applications is still 
relatively high unless it can be applied in a very standardized 
manner with numerous copies sold. In the next ten years, in­
dications are that monitoring hardware generally will have 
even lower cost in real terms, but custom-written software 
programs will become relatively more expensive. 

Predictive Maintenance should, therefore, not be thought 
of as something new or separate from other maintenance/cost 
savings schemes or individual actions; it is the systematic ap­
plication of every aspect of good engineering practice 
(maintenance and operational), experience, good judgment, 
and good information management. The importance of 
careful selection of monitoring instrumentation and data 
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management systems is nevertheless considerable if the system 
is to be effective. Of course, by "effective" we mean that it 
saves the user money through reduced breakdowns which 
result in lost production or unnecessarily expensive rebuilds of 
machinery. Avoiding accidents (and possible injuring of per­
sonnel) is, of course, another benefit of a well-organized 
Preventive/Predictive Maintenance system, but even this 
aspect has direct financial implications. 

In today's expense-conscious world, the costs of implemen­
tation of Preventive/Predictive Maintenance systems in pro­
cess plants can be proved to be lower than losses caused by 
machine failures. Utilizing state-of-the-art techniques (both 
instrumentation and diagnostics), it is possible to operate 
machines safely from a mechanical standpoint longer than it 
may be economically sound from a production or energy effi­
ciency viewpoint. 

Since there exists certain confusion in terminology, Preven­
tive/Predictive Maintenance and Condition Monitoring objec­
tives are worthy of clarification (Figs. 1 and 2). 

Preventive Maintenance activities are usually defined as "all 
deliberate maintenance functions intended to avoid unplanned 
breakdowns of machinery." For example, basic operations, 
such as maintaining adequate supply and quality of lubricants 
for bearings, mechanical adjustments, and maintenance of 
protective coatings on machinery casings are traditional 
Preventive Maintenance functions. Sometimes, regular 
replacement of components (typically rolling element bearings 
and seals) is undertaken, based on experience and "typical" 
operating life expectations. 

Preventive Maintenance programs are based, therefore, on 
rigid schedules of activities. According to these schedules, it 
might happen that a machine is lubricated more often than 
necessary to satisfy its minimum requirements for bearing oil. 
Rigid preventive maintenance schedules tend, therefore, to be 
relatively inefficient in terms of manpower and materials. 

Most operators of Preventive Maintenance schemes use 
some form of plan or schedule to ensure that maintenance 
operations are performed regularly - some are quite 
sophisticated programs which are optimized by continuous 
refinement over several years. 

Electronic instrumentation for machinery monitoring added 
a new dimension to the Preventive Maintenance programs. 
From one side, based on long-term experiences of preventive 
activities, and from the other side on measured dynamic data 
of the machine performance, preventive maintenance 
schedules can be optimized. Gradually Preventive 
Maintenance programs can be developed into Predictive 
Maintenance programs. 

Predictive Maintenance activities use various techniques 
and measurements, which are performed on a regular basis. 
The intention is to predict when it is necessary to take a 
machine out of service for adjustment and/or repair. 

In some instances, Predictive Maintenance measurements 
(which include a wide range of parameters) can be integrated 
into an existing Preventive Maintenance scheme. Development 

PREVENTIVE MAINTENANCE SYSTEM 
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INPUT Machinery Protection 
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Storage Storage 
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Human 
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• Problem Deter­
mination and 
Identif ication 

• Correction 
Act ions 

Fig. 4 On-line system for critical machines 

of a combined Preventive/Predictive program can lead to a 
very effective maintenance system. This paper is concerned 
with the use of vibration monitoring in Predictive 
Maintenance operations which may or may not be part of a 
larger maintenance system. 

The Predictive Maintenance objective should be zero unex­
pected breakdowns in the overall operation. The techniques 
applied enable machines to be operated to the optimum point, 
maximizing use of machinery and their components, permit­
ting replacement in a predictable manner, with minimized 
downtime, minimized loss of production, minimized spares 
holding, and optimized labor scheduling. 

Predictive Maintenance relates, therefore, to a group of 
machines or to the entire plant. Condition Monitoring, being a 
part of the maintenance system, relates rather to a particular 
machine. 

Condition Monitoring aims to define the current condition 
of a machine and compare it with previously measured condi­
tions. Some element of prediction is inferred by observing 
trends in the monitored parameters, be it efficiency, power 
output, delivered load, vibration, or noise level. 

Condition Monitoring is, in a sense, a subset of Preven­
tive/Predictive Maintenance. Vibration Monitoring is an im­
portant subset of both. In other words, Vibration Monitoring 
is a part of the database and Condition Monitoring and 
represents a subsystem of the overall Preventive/Predictive 
Maintenance, designed to save money in any way possible. 

Machinery Protection is often thought to be a separate 
function providing a means of shutting down machinery if a 
serious defect results. In truth, machinery protection systems 
represent important parts of the Predictive Maintenance pro­
grams. Avoiding the extremely punitive results of an un-
predicted, possibly catastrophic machinery failure, which may 
have implications for personnel safety, is a part of the equa­
tion. Catastrophic failure of large high-speed machinery is 
usually considered to be the most dangerous event in terms of 
plant personnel safety. The fact is that the risks of personal in­
jury are much higher from the failure of much smaller aux­
iliary plants typified by small motor-driven pumps. High-
capital-value machinery is normally monitored continuously 
these days; auxiliary machinery is still "ignored continuously" 
in many industrial environments. 

Selecting Vibration Information Systems for Preven­
tive/Predictive Maintenance (PM) 

It is extremely important, when selecting systems for vibra-
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Fig. 5 Examples of displays on computer screen of a periodic vibration 
monitoring system 

tion data acquisition, information processing, and trend 
analysis/malfunction detection, to take into account present 
needs and possible future modification. If these decisions can 
be made early in a project, before rotating machinery is in 
operation, ensuring the effectiveness of a Preventive/Predic­
tive Maintenance (PM) system becomes much easier. 
Sometimes, however, it is desirable to install transducers per­
manently and monitor the machine on a periodic basis, then 
later adopt a permanent monitoring system. It is of para­
mount importance to remember that no vibration monitor-
ing/PM system can be effective unless the correct type of 
vibration transducer (in the correct place and orientation) is 
used on the specific categories of rotating machinery. Even the 
most sophisticated signal processing/analysis procedures 
(including computer-aided intelligent systems) will yield 
worthless information if the measured vibration signal con­
tains no information about the condition of the machine. 

Selection of information management systems (including 
diagnostic instrumentation) can be made on a broader basis, 
generally by dividing rotating machinery into categories such 
as "critical," "essential," and "balance-of-plant." Large and 
expensive elements of plant machinery which cannot be 
spared, as well as those machines which would create major 
hazard or production loss if they suddenly become unopera-
tional - potential weak points of the system - are classified as 
critical machines. The main factor in all PM decisions should 
be the vulnerability of production to failure of a given 
machine (Fig. 3). Experience suggests that maintenance 
engineers tend to overemphasize the capital cost factor when 
making these categorizations; the degree of criticality of cer­
tain relatively inexpensive machines within a power-generation 
cycle or chemical process can therefore be understated. 

Vibration monitoring and information processing systems 
for Preventive/Predictive Maintenance can be broadly 
categorized into the following generic types: 

1 Portable vibration meters and analyzers - stand-alone 
instruments not associated with an external data storage or 
analysis system. 

2 Portable field data acquisition instruments with digital 
memory, associated with an information management com­
puter system and software. 

3 Permanently installed vibration monitoring systems with 
on-line computer-based data storage, analysis and trending 
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Fig. 6 Portable instrument with host computer and samples of 
dynamic data plots 

capabilities; top end systems can include sophisticated data 
analysis/diagnostic functions and automatic shutdown devices 
(Fig. 4). 

All three generic types of vibration data-acquisition systems 
follow a similar philosophy of generating information which 
will permit experienced engineers to detect machinery prob­
lems before mechanical failure occurs, but late enough to op­
timize the maintenance function. Except in cases where only a 
very small number of machines is included in a periodic 
monitoring program, a computer-based system which 
manages the database and plots the vibration trends is likely to 
be more cost effective. The real cost of manually logging and 
plotting data acquired with simple hand-held vibration meters 
is often overlooked by plant management. 

Portable field data acquisition systems can be very effective 
for periodic monitoring of noncritical rotating machinery. It is 
important, though, to design the system software carefully to 
avoid the pitfall of generating huge quantities of paperwork 
unnecessarily. 

Such equipment really falls into two distinct types-por­
table field data acquisition instruments for condition monitor­
ing by trend analysis alone is one alternative at lowest cost. 
Similar systems for trend analysis and direct diagnostic func­
tions are another type. The latter provides orbit/waveform, 
spectrum analysis, and spectral trending capabilities. 

Figure 5 illustrates output of a trend analysis instrument 
system working with a low-cost computer system and easily 
used software. Using a specially developed hand-held ac-
celerometer probe, vibration measurements can be taken in 
the field on a predefined route that is programmed into the 
field instrument. The computer, with appropriate data com­
pression/correlation software algorithms, stores large trend 
files and outputs mixed parameter trend graphs that indicate 
changes in overall vibration level in two distinct frequency 
bands. Most rotating machine malfunctions are characterized 
by low frequency. The high-frequency band contains informa­
tion on rolling element bearing condition. Machine param­
eters and process variable data can be entered into the vibra­
tion database using a keypad on the field instrument, permit-
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ting valuable correlations to be made between vibration trends 
in other variables. 

Figure 6 shows a periodic monitoring and diagnostic system 
using a portable field data-acquisition instrument and 
computer-based information-processing facility. This system 
allows analysis to be performed on overall vibration values 
(displacement and velocity). However, significant vibration 
analysis functions are also provided, including orbit/ 
waveform analysis and spectrum analysis using a true Fast 
Fourier Transformation (FFT) method. It is also possible to 
measure and trend the synchronous (1 x), as well as 2 x , 3 x , 
etc., vibration component amplitudes and phases when a 
Keyphasor is used. Correctly applied, this system provides a 
means of detecting and analyzing specific machinery problems 
at a very cost-effective level. 

Figure 7 presents an example of continuous (on-line) vibra­
tion monitoring system with an example of the computer 
display. Figure 8 gives a list of condition monitoring 
parameters. Figure 9 illustrates (schematically) the flow of in­
formation in a modern continuous vibration monitoring 
sysytem with on-line computer. The long-term storage capac­
ity of the computer has to be big enough to store large 
amounts of data if dynamic vibration samples are collected for 
spectrum analysis during machinery startup and shutdown. 

Systems of this type, therefore, become very expensive, 
especially if custom-written software is required. 

Periodic monitoring systems cannot provide any continuous 
machine protection capability. The decision to stop the 
machine must be taken by the maintenance personnel on the 
basis of periodic measurements and their analysis. Continuous 
monitoring systems used for critical machines (Fig. 4) usually 
include troubleshooting devices which are activated when 
vibration amplitudes exceed the preset levels. Using recom­
mended vibration tolerance standards as guidelines, the trip 
warning/alarm levels can be specified in advance only in very 
crude terms. It is better practice to establish normal vibration 
levels during early operation of the machine when it has a 
known good condition. Using this approach, the influence of 
the machine's foundation and variables, such as load, can be 
fully accounted for. Manufacturer's recommendations for 
alert/trip vibration settings are an important basis for 
establishing alert/trip values, but experience may lead to 
refinement of these settings, especially regarding trip levels. If 
active trips are used, special attention should be paid to the in­
tegrity of the system which initiates the trip signal. In the ex­
perience of the authors, designs favoring the total integration 
of the computer into the machine protection function are not 
sufficiently reliable using current computer technology. 
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Table 1 Baseline data 
T U R B - G E N 1 

WHAT? 

Bas ic G e o m e t r i c a l / 

K i n e m a t i c a l / P h y s i c a l 
Parameters 

A n a l y t i c a l (Moda l ) 
Models 

Dynamic Parameters 
• N a t u r a l F requenc ies 
• Mode Shapes 
• Damping 
• S e n s i t i v i t y t o 

Va r ious I n f l u e n c e s 
• S tab i1 i ty Margin 
• L o a d - t o - V i b r a t i o n 

Ra t i os 
• V i b r a t i o n L i m i t s 

WHEN? 

• Prototype Testing ~ 
• Acceptance Testing 
• Commissioning 
• Normal Operation 

Continuous or Periodic 
Monitoring 

HOW? 

Transient Data 
(Start-up, Shut­
down) 
Synchronous Per­
turbation (Con­
trolled Unbalance) 
Steady-State Data 
(Operational Speed) 
Nonsynchronous 
Perturbation 
Impulse Testing 

A better approach is to use conventional well-proven analog 
monitors with analog-to-digital signal conversion at the 
monitor rack and a communications processor (with memory) 
feeding information to the computer. Methods have been 
developed to permit inexpensive conversion of existing 
monitoring hardware. This would allow upgrading in the field 
for users who wish to install an on-line continuous vibration 
monitoring system for Preventive/Predictive Maintenance 
without necessitating complete replacement of existing 
monitors. It must be remembered that in some instances effec­
tive diagnosis of machinery problems, especially on complex 
critical machines, can require powerful dedicated analysis 
techniques which are difficult to achieve with on-line monitor­
ing systems. 

The use of dedicated data reduction equipment and data 
recorded with high-quality tape recorders continues to be an 
essential function. In the future, the powerful abilities of such 
equipment will be available on-line. At present, there is some 
compromise involved if these features are integrated into an 
on-line system. 

It can often be demonstrated that even for large turbine-
generator sets on conventional and nuclear power plants, the 
use of cost-effective on-line monitoring systems with good 
operator information, hard-wired primary alarms, and trend 
analysis, together with off-line periodic analysis using a 
specialized diagnostic system based on tape-recorded transient 
data, offers the best solution. 

Machine Malfunction Diagnosis 

Advances in instrumentation and computer information 
processing technologies offer machinery users an added 
dimension for their maintenance programs. As more and more 
information on the machine condition is available, the proper 
interpretation of this information is becoming increasingly im­
portant for accurately analyzing machine behavior, diagnos­
ing malfunctions, and undertaking corrective action. Inter­
pretation of operating data and optimization of monitoring 
procedures can only result from a thorough understanding of 
machine dynamic behavior. At this stage, the level of "know 
how" of the technical personnel determines success or failure 
of the whole Predictive Maintenance programs. 

There are six basic principles creating the foundation for 
machine malfunction diagnosis methodology, applicable for 
both periodic and continuous monitoring: 

1 Know the basic mechanical characteristics of the 
machine. 

2 Know the types of malfunction mechanisms that the 
machine is likely to incur and their corresponding symptoms. 

3 Monitor the key parameters that will indicate a change 
in condition of the machine. 

4 Reduce diagnostic data into interpretable formats. 
5 Understand historical and related events that may have 

caused the change in machine condition. 
6 Take prompt action, based on the machine diagnosis. 
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Fig. 10 Typical display of overall values of vibration, position, 
temperature, speed, and other parameters monitored continuously 
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Fig. 11 Spectrum display of rotor response amplitude versus fre­
quency of vibration, indicating existence of subsynchronous and super-
synchronous components (1 x is synchronous response with frequency 
equal to the shaft rotative speed) 
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Fig. 12 Orbits, Bode, and polar plots of phase and amplitude of vibra­
tion filtered to 1 x (synchronous) frequency—useful tools for rotor 
balancing 

Basic Characteristics of the Machine. Any machinery 
analysis requires that the diagnostician first be familiar with 
the physical parameters of the machine, i.e., size, weight, 
clearances, etc. However, understanding the basic mechanical 
factors of the machine goes beyond knowing these physical 
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Fig. 13 Journal centerline positions versus rotative speed 

Fig. 14 Journal centerline positions versus time 

characteristics. It involves understanding the machine's fun­
damental dynamic behavior during steady-state and transient 
conditions. To achieve this goal, process data and vibration 
data (Fig. 8) must be acquired during acceptance testing and 
commissioning, by using various methods, such as unbalance 
response testing (synchronous perturbation), nonsynchronous 
perturbation testing, and impulse testing, to document the 
rotor response during steady-state (on-line with partial and 
full load) and transient (startup and shutdown) conditions. 
This process provides baseline data (Table 1) for insight to: 

1 the natural frequencies and mode shapes of the machine 
train; 

2 the amount of damping in the system; 
3 the machine's susceptibility to instability and sensitivity 

to various influences; and 
4 the load-to-vibration relationships and vibration limits. 
Analytical models of the dynamic behavior of the 

machine - particularly the models based on a modal ap­
proach-are of tremendous value in future diagnostic pro­
cedures. On large, critical machines, or machines that have 
had a history of vibration problems, it is desirable to incor­
porate these analytical models into the machine's database. 

The analytical and testing baseline information is necessary 

for comparing the machine's previous and present condition 
when machine malfunctions occur. It also can be used after a 
problem is fixed to verify the validity of the correction. 

Most of the baseline data and process/operational re­
quirements as well as a comprehensive prediction profile of 
the machine should be provided by the machine manufacturer. 
Also, a monitoring system, or at least the prediction of 
transducer locations for diagnostic purposes, should be in­
cluded as a part of the design of all rotating machines. 
Monitoring programs alone do not improve the reliability of 
machines. Design improvements based on knowledge gained 
from monitoring, however, can contribute positively to 
Preventive/Predictive Maintenance systems. 

Key Monitoring Parameters. Monitoring of the machine 
operation and its process variables should be closely connected 
with the simultaneous monitoring of the machine vibrational 
behavior. The operation of machines is a dynamic process and 
the significant process functional data must include dynamic 
components of the quantities monitored. 

Changes in process variables or changes in bearing 
temperature may represent the first warning signals of im­
pending vibrational problems. Vibrational responses, which 
are symptoms of machine malfunctions, carry a lot of infor­
mation about the character of these malfunctions. Both pro­
cess variables and vibration data should be trended, ideally in 
cross-correlated formats. 

Knowledge of the basic machine characteristics and the 
types of malfunctions that may occur makes it possible to 
determine the monitoring parameters that will provide the 
most insight into the condition of the rotating machine. Five 
vibration-related parameters are commonly measured on 
critical rotating machines under steady-state (on-line) and 
transient (startup and shutdown) conditions: 

1 magnitude of dynamic parameters (Figs. 7, 10) for in­
dicating presence and severity of a vibration problem; 

2 frequencies of dynamic motion components for insight 
into the forcing functions, and the character - self-excited or 
excited-of the observed motion (Fig. 11); 

3 phase angle of the rotor precessional motion relative to 
rotative motion. Phase angle is one of the most important and 
meaningful parameters for rotating machine malfunction 
identification (Fig. 12); 

4 journal centerline position for insight into the specific 
location of the rotor with respect to the stationary components 
of the machine (Figs. 13, 14); 

5 wave form and orbital path of dynamic motion (rotor 
precession and its direction) for insight into the nature of the 
malfunction (Figs. 5,12). 

Instrumentation for Obtaining Information on the Key 
Monitoring Vibrational Parameters. Instrumentation is 
presently available for measuring the key monitoring 
parameters. The basic component of the instrumentation is 
the vibration transducer, which measures the mechanical mo­
tion of the machine. A variety of transducers are available, 
but the purpose of any transducer is the same: to provide 
vibration measurements that give the most meaningful and ac­
curate information on the dynamic condition of rotating 
machinery. 

There are three widely used vibration transducer types: eddy 
current noncontacting proximity probes, velocity transducers 
(usually based on the electromagnetic principle), and ac-
celerometers (most often of piezoelectric type). The ranges of 
application of these transducers are presented in Fig. 15. An 
example is used for a rotor displacement of 50 /urn and 
machine operational speed 3000 rpm. High-frequency vibra­
tion components yield very strong acceleration signals. 
However, for low-frequency vibrations, the accelerometer 
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Fig. 15 Sensitivity and ranges of application of displacement, velocity, 
and acceleration transducers versus frequency 
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Fig. 16 Trend monitoring of maximum or operational response vector 
(for 1 x or 2 x) and acceptance circle on the polar plot 

signal is too weak to be meaningful, especially when electronic 
integration has to be applied. Since many damaging malfunc­
tions of rotating machines are associated with subsynchronous 
vibrations, which occur in low-frequency range, the applica­
tion of proximity transducers is the most appropriate for 
machinery diagnostics and protection. Proximity transducers 
also provide vital information on the steady-state position and 
slow-roll motion of the shaft in its bearings. 

The generally accepted practice is to utilize two XY proxim­
ity probes, mounted 90 deg apart, on or near each radial bear­
ing for measuring shaft vibration and position. A proximity 
probe is a noncontacting device, which measures the displace­
ment motion or position of an observed surface relative to its 
mounting surface. In the United States, the American 
Petroleum Institute (API) has adopted a standard, entitled 
"Noncontacting Vibration and Axial Position Monitoring 
System" (Standard Number 670). This standard outlines the 
system requirements for installing transducers in the 90 deg 
configuration on process compressors and their drivers. In ad­
dition to the radially oriented vibration transducers, the stand­
ard calls for two axially oriented proximity transducers to 
monitor and alert about machine thrust bearing problems. 
These transducers often are tied to automatic trip when a 
danger condition exists. The transducer installation practices 
outlined in the standard are appropriate for the monitoring 
and protection of turbine generators and other critical 
machinery as well. 

One of the very important transducers called for in the 
standard is a phase angle reference transducer Keyphasor®. 
This transducer is mandatory to facilitate the machine 
diagnostic process. It is used to monitor rotative speed, 1 x 
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Fig. 18 Trend plots of shaft 1 x amplitude of vibration and bearing 
temperature (maximum and minimum values) 

(synchronous) response phase, as well as the phases of the 
fractional and/or multiple-type components of the vibrational 
response. The Keyphasor utilizes a proximity transducer to 
observe a once-per-revolution event, usually a notch (keyway) 
or projection, on the shaft. The transducer provides a voltage 
pulse, which then can be used to trigger the Z-intensity axis of 
an oscilloscope, a vector filter, tachometer, and other 
diagnostic instruments. The Keyphasor transducer ties the 
lateral vibration measurements to the rotational motion of the 
machine. Since the orbit is presented on an oscilloscope as 
simply a rapidly moving dot, representing the centerline mo­
tion of the shaft, the addition of a Keyphasor pulse interposed 
on the orbit tells the diagnostician the location of the shaft at 
the precise moment the keyway is under the Keyphasor 
transducer. This information is extremely valuable for balanc­
ing a machine and in documenting the rotor response with 
Bode and polar presentations (Figs. 12, 16). 

The XY proximity transducers help to determine the mode 
shape of the rotor. With "mode identification transducers," 
located at various longitudinal positions along the rotor, and a 
Keyphasor reference, it is possible to identify nodal point 
regions and rotor mode shapes for various rotative speeds. 
The use of mode identification proximity transducers ensures 
adequate machine protection by overcoming the potential 
danger, when only a single set of XY proximity probes is used, 
of locating the probes at a nodal point along the rotor. 

Very flexible support structures may be encountered on 
large fans and some gas turbines. For such machines, both the 
shaft motion and the casing motion should be monitored. In 
these circumstances, it is possible to use an eddy current 
displacement probe and a seismic transducer in combination 
as a "Dual Probe." The output from the seismic transducer 
(usually a velocity transducer) is electronically integrated and 
vectorially summed with the eddy current transducer signal, 
producing a rotor absolute vibration signal. The rotor relative 
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Fig. 19 Bode plots of the synchronous (1 x) response of a rotor rub­
bing against the stator during startup and shutdown [1] 

vibration signal and the seismic casing vibration signal are also 
available for diagnostic purposes. 

Data Reduction Into Interpretable Formats. The manner 
in which vibration data are processed and reduced into inter­
pretable formats can determine the success or failure of any 
malfunction identification effort. Computerized diagnostic in­
strumentation provides reduced steady-state (on-line) and 
transient (startup and shutdown) vibration data in a variety of 
formats, including both time domain and frequency domain. 

Steady-state (on-line) vibration data can be reduced in the 
following formats: 

1 Orbits and time base plots for examining the magnitude, 
frequency, phase angle, and shape of the shaft precessional 
motion and its filtered frequency components. Proper inter­
pretation of these plots yields insight into the nature of the 
vibration and makes it possible to determine whether the 
precession is of a forward or reverse nature. For any steady-
state or transient conditions, the orbit and time base plots can 
be observed on the oscilloscope or obtained later during data 
reduction procedure (Figs. 5, 12, 20, and 22). 

2 Comparative spectrum plots for tracking changes in 
spectral content over a period of time. New frequency com­
ponents or changes in the magnitude of previous data at a par­
ticular frequency are provided by these graphs (Figs. 5 and 
11). 

3 Journal centerline position for observing changes in the 
steady-state position of the rotor in the bearings. This infor­
mation can provide warning of major changes in the align­
ment state of the machine and gives an indication of bearing 
wear (Fig. 14). 

4 Mode shape plots for providing estimates for the inter­
nal clearances between the rotor and stator as well as estimates 
of the nodal points along the rotor (Fig. 17). 

5 Trend plots for analyzing changes of observed data as a 
function of time to observe the rates of modification in the 
operating parameters of the machine. Trends of vibration 
should be correlated with process variables to determine the 
effects of process variable changes on the dynamic motion of 
the machine (Figs. 6, 18). Trending of vibration data is also 
vital to detect cracked shafts. 
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Fig. 20 Spectrum cascade, orbits, and time base presentation of rotor 
vibrational response, indicating synchronous (1 x) vibrations due to un­
balance, oil whirl (with frequency close to 1/2 x), and oil whip with con­
stant frequency close to the first balance resonance value [2] 

Transient vibration data taken during startup and shutdown 
can be reduced in the following formats: 

1 Bode and polar plots of 1 x synchronous vibrations for 
documenting the location of the balance resonances, mode 
shapes of the rotor, and the synchronous amplification factor 
of the machine provide a data base for solving complex 
multiplane field balancing problems and assist in the diagnosis 
of rotor-to-stator rubs and cracked shafts (Figs. 12, 16, 19). 
The plots present 1 x data in uncompensated or compensated 
form (compensation eliminates slow-roll response vector). 2 x 
polar plots are used for cracked shaft detection (Fig. 16). 
Polar plots of rotating machinery vibration data have a major 
advantage in the emphasizing of phase shifting trends. Both 
types of plot can be used to assess the synchronous damping of 
the rotor/bearing system. 

2 Spectrum cascade for examining the synchronous vibra­
tion components as well as the sub- and supersynchronous 
components at various machine speeds. Certain types of in­
stabilities, such as oil whirl/whip, and symptoms of other 
malfunctions, including cracked shafts and rubs, can be 
detected from this presentation (Figs. 20, 21, and 22). 

3 Journal centerline position for tracking the location of 
the shaft centerline with respect to the geometric center of a 
bearing for observation of shaft alignment (Fig. 13). 

Conclusions 

1 Vibration monitoring for Predictive Maintenance is an 
important part of the overall condition monitoring process. It 
is vital to integrate vibration measurements with other 
machine parameter and process variable measurements. 
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Fig. 21 Spectrum cascade and orbits of a cracked shaft [3] 

Fig. 22 Spectrum cascade and shaft orbit patterns showing multiple 
impacting rotor/seal rub at low speed (1 x rub) and a full annular self-
excited backward rub at higher speeds when the contact with seal is 
maintained continuously. Frequency of full annular backward rub cor­
responds to the natural frequency of the rotor/bearing/seal system [1]. 

2 Advances in the sophistication of computer-based vibra­
tion monitoring systems in the near future will enable 
maintenance engineers to predict machinery problems with in­
creased effectiveness. The role of machinery vibration 
specialists will continue to be important to ensure that obscure 
machinery problems are correctly identified. 

3 When setting up a vibration monitoring program, the 
first step should always be to categorize various types of 
rotating machines, study the design features, and use this in­
formation when deciding on the monitoring philosophy. 

4 Vibration monitoring transducers should be selected 
very carefully, paying particular attention to the expected 
vibration characteristics of the machine, especially the fre­
quency components and the relative amplitudes between rotor 
and casing vibration. 

5 The decision whether or not to monitor smaller, less 
critical machinery permanently should be made after consider­
ing the true economics of employing a portable intermittent 
monitoring scheme and the personnel required to operate it. 

6 It should be recognized that continuous monitoring of 
machinery will always provide better protection than any type 
of periodic scheme; however, the adoption of computer-based 
information management systems and portable digital data 
sampling devices can significantly improve the effectiveness of 
the periodic monitoring approach. 

7 Whether continuous or periodic momtormg schemes are 
adopted, using the best available hardware and software can 
generate detailed information at very little extra cost in the 
long term when compared with labor intensive manual 
schemes. It should always be remembered that using a simple 
data-collection philosophy, typified by the logging of overall 
vibration level on a machine, will generate data which cannot 
be used for diagnostic purposes other than trend analysis. Col­
lection of vibration dynamic data typified by the examples 
given in this paper can enable precise identification of 
machinery defects to be achieved. Thus, specialized diagnostic 
equipment does not need to be employed except when very 
complex problems arise and repetition of data acquisition can 
be minimized. 

8 In the future, vibration monitoring for Predictive 
Maintenance will involve the application of more computer-
based systems with developments in software occurring very 
rapidly. Although software production will become more ex­
pensive, real hardware costs will decrease. As machinery 
repair costs increase and the impact of lost production 
through unplanned machinery outages becomes more expen­
sive, the application of well-engineered condition monitoring 
schemes can be predicted to increase in importance. 

9 Future computerized vibration monitoring systems used 
in Preventive/Predictive Maintenance programs will include 
more elements of diagnostics, leading eventually to fully 
automated machinery protection systems. It is unlikely, 
however, that sufficiently powerful computerized systems will 
be affordable for use in automated diagnostics for several 
years, and even then they will have limitations. 
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Aeroelastic Behavior of 
Low-Aspect-Ratio Metal and 
Composite Blades 
The aeroelastic stability of titanium and composite blades of low aspect ratio is ex­
amined over a range of design parameters, using a Rayleigh-Ritz formulation. The 
blade modes include a plate-type mode to account for chordwise bending. Chord-
wise flexibility is found to have a significant effect on the unstalled supersonic flut­
ter of low-aspect-ratio blades, and also on the stability of tip sections of shrouded 
fan blades. For blades with a thickness of less than approximately 4 percent of 
chord, the chordwise, second bending, and first torsion branches are all unstable at 
moderately high supersonic Mach numbers. For composite blades, the important 
structural coupling between bending and torsion cannot be modeled properly unless 
chordwise bending is accounted for. Typically, aft fiber sweep produces beneficial 
bending-torsion coupling that is stabilizing, whereas forward fiber sweep has the op­
posite effect. By using crossed-ply laminate configurations, critical aeroelastic 
modes can be stabilized. 

Introduction 
Aircraft gas turbine engine designers continually strive to 

improve the performance of new and existing engines. Ad­
vances in aircraft engine technology, especially in the area of 
materials technology, have provided designers with many 
ways of improving engine performance. Fan and compressor 
stages in high-performance engines can be improved by incor­
porating thinner blades, higher tip speeds, higher pressure 
ratios, and advanced materials. Such improvements make fan 
and compressor stages susceptible to various aeroelastic 
problems, especially the destructive phenomenon known as 
flutter. The prediction of flutter boundaries is therefore very 
important and has become a critical part of the design process 
of high-performance engines. 

Researchers traditionally have modeled fan blades as one-
dimensional beam structures. However, thin low-aspect-ratio 
blades in newer engine designs exhibit vibration characteristics 
that cannot be modeled accurately using beam theory. Flat 
plate theory has proven useful in determining the free vibra­
tion characteristics of metal and composite blades [1-4]. Other 
investigators have used thin shell theory for studies of blades 
with camber and twist [5-7]. Both methods reveal the ex­
istence of plate-type chordwise bending modes that are 
thought to be important in the analysis of flutter and fatigue 
problems in low-aspect-ratio blades. 

For most turbomachinery aeroelastic studies, however, the 
structural modeling of the blades is kept very simple because 
of the complexity of the aerodynamic calculations. For exam-
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pie, several studies have considered only single-degree-of-
freedom oscillations [8-10]. Analytical studies of blade flutter 
based on beam theory and uncoupled normal modes were con­
sidered in [ 11, 12]. Coupled mode effects were studied by Ben­
diksen and Friedmann [13, 14] with a simple typical section 
model for the blades. Their typical section model showed that 
coupling between bending and torsion has a pronounced effect 
on the flutter boundaries. 

In the present paper, flat plate theory is used to study the 
aeroelastic stability of both metal and composite fan and com­
pressor blades. Of particular interest is the interaction between 
different modes of motion and the effects of the interaction on 
the aeroelastic behavior of typical low-aspect-ratio blades. 
The results from this study illustrate the importance of in­
cluding chordwise deformation (camber bending) in the struc­
tural model. 

Equations of Motion 

It is assumed that the blades can be modeled as fully can­
tilevered flat plates. Figure 1 shows a typical blade and the axis 
system to be used throughout the analysis. A short study of 
the effects of relaxed stiffness at the blade root will be 
presented later, in which three additional degrees of freedom 
are added to the the blade root. A brief description of the fully 
cantilevered model is presented here. For a more detailed 
description of the aeroelastic model including the additional 
degrees of freedom at the root, the reader is referred to [15]. 

A Rayleigh-Ritz procedure with five elastic degrees of 
freedom is used to formulate the equations of motion for the 
rotating blade system. The deflection of the flat plate is ap­
proximated by a series of assumed mode shape functions 
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The specific mode shape functions used in this analysis are 
shown below. Note that each mode shape function consists of 
explicit functions for the chordwise and spanwise distributions 
of the mode shape, y^x, y) = i/-,(x) 4>j(y). 

First bending (IB): 

h(x) = i 

4>i(y) = cosh(f,j)-cos(e1j)-'Ji[sinh(e1^)-sin(e1j;)] 

Second bending (2B): 

Mx) = l 

<t>2(j) = cosh(e2j^)-cos(e2>0-'>)2[sinh(e2J0-sin(e2j')] 

First torsion (IT): 

ip3(x) = -x 

4>3(y) = sin(g3.y) + (g3//'3)[cosh(/'3.y) 

- sinh(/3 y) - cos(g3y)] 

Second torsion (2T): 

t4(x) = -x 

<t>4(y) = sin(g4j) + (g4//4)[cosh</4>0 

- sinh(f4y) - cos(g4y)] (2a) 

First chordwise (1C): 

i/5(x) = cosh[!/2€5(x+l)] + cos[!/2e5(i+l)] 

Fig. 1 (a) Rotating cantilevered blade system; (6) blade section (look­
ing outboard) with w(x, y, t) positive up 

w(x,y, t)= £ Y,(*> >0?,(O (i) 

The five assumed mode shapes include functions for first and 
second bending, first and second torsion, and a plate-type 
chordwise bending mode. The use of five assumed mode 
shapes allows the first two or three frequencies and mode 
shapes to be predicted accurately. This is desirable since the 
low-frequency bending and torsion modes are most often 
associated with aeroelastic problems. 

-7/5 {smh[Vie5(x+ 1)] + sin[1/2eJ(x+ 1)]) 

05 01 = sin(g5y) + (g5/f5)[cosh(fsy) 

- sinh(f5y) - cos(g5y)] 

e, = 1.875104 Vi = 0.734096 

e2 = 4.694091 r)2 = 1.018466 

g3 = 1.902914 f3 = 4.492336 (2b) 

g4 = 4.936090 / 4 = 6.397264 

e5 = 4.730041 r,s = 0.982502 

g5 = 1.750805 fs = 9.266354 

The first two functions are the first and second cantilevered 
beam vibration modes, respectively. The two torsional func-

N o m e n c l a t u r e 

speed of sound, standard sea level value 
element of aerodynamic matrix 
blade semichord and chord, respectively 
flexural rigidities of laminated composite 
plate 
modulus of elasticity 

Ex,Ey,Es = moduli of elasticity of composite plate 
(longitudinal, transverse, and shear, 
respectively) 
blade thickness 
wb/U= reduced frequency 
element of stiffness matrix 
blade span 
mass per unit length of blade 
element of mass matrix 
Mach number 
number of blades in rotor disk 

Nr, JV„, Nrv = initial in-plane stress resultants 
pR ± id = complex time dependence expo­
nent (nondimensional) 

[Po(x> y)] = complex pressure jump across the reference 

«<» = 
Ay = 

b,c = 
D;j = 

E = 
.E. = 

h = 
k = 

K„ = 
I = 

m = 
Mu = 

M = 
Nb = 

Nxy = 
P 

w(x, 

(zeroth) blade, positive up, nondimen-
sionalized by p^ U2 

generalized displacements 
qjb = nondimensional amplitude of qt 

generalized nonconservative force 
blade root offset from axis of rotation 
blade spacing along leading edge locus 
air velocity 
blade displacement in the z direction 
nondimensionalized blade coordinates x/b 
and y/l, respectively 

7/(^. y) — ^i(.x)4>i(y) = assumed mode shape functions 
blade stagger angle 
eigenvalue 
m/irp„b2 = blade mass ratio 

vx = Poisson ratio 
p = blade mass density 

o„ = air density 
w = blade vibration frequency, rad/s 
Q = angular velocity of rotor 

Qi(t) 

Qi 

Q, 
fo 
s 

C/oo 

y,0 
x,y 

x 
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tions are the same mode shapes as derived by Jensen and 
Crawley [3]. The last function is a chordwise bending mode 
consisting of the free-free beam vibration mode ip5(x), and a 
function 4>5(y) derived by the first author [15]. 

Using the deflection series given by equation (1), expres­
sions for the kinetic and potential energies of the rotating 
blade system are formed. The kinetic energy of the rotating 
cantilevered plate, neglecting Coriolis effects, is 

T= \ \ ph{w2 + Q2[(r0 +y)2 + (wcos6 + xsin6)2]}dxdy 
Area 

(3) 
The total potential energy of the rotating blade system is 

assumed to consist of the strain energy due to bending and the 
potential energy due to forces in the plane of the plate middle 
surface. Stretching of the plate middle surface is not con­
sidered. The strain energy of bending for an anisotropic plate 
of uniform thickness is [16] 

V[ = T \ \ iDn(w,xx)
2 + 2Dl2(.w,xx)(w,yy) + D22(^w,yy)

2 

Area 

+ *Dn(w,xx)(w,xy) + 4D23(w,yy)(w,xy) 

+ 4Di3(w,xy)
2}dxdy (4) 

Equation (4) specifically applies to composite plates in which 
the fibers are oriented symmetrically about the middle surface 
of the plate. Equation (4) is also applicable to metal blades 
since isotropic materials are special (degenerate) cases of 
anisotropic materials. 

The potential due to in-plane forces is [18] 

V2 = \ \ lNx(w,x)
2+Ny(w,y)

2 

Area 

+ 2Nxy(w,x)(w,y)]dxdy (5) 

Following the reasoning of Leissa et al. [7], the expressions for 
the initial in-plane stress resultants due to rotation may be ap­
proximated by 

Nx = -^-phQ2sm2d(b2-x2) 

Ny = - i - phQ2[(r0 + l)2- (/•„ +y)2} (6) 

The total potential energy of the system is then 

K= K, + V2 (7) 

The kinetic and potential energies may be expressed in the 
form of double summations as 

r = 4 - E X><,<to ' (8) 
^ 1 = 1 y = l 

V=-rt t,KuQ,qj (9) 

where M,j and Ku are elements of the system mass and stiff­
ness matrices, respectively. 

The equations of motion are formed using equations (8) and 
(9) in Lagrange's equations, resulting in the following matrix 
equation 

[M]{q}+[K]{q) = {Q) (10) 

The elements Q, of the nonconservative force vector are 
calculated using the unsteady pressure jump distribution over 
the surface of the airfoil. The external virtual work is 

* W^ = £ Qfiq, = P» IP- \ \ [Pofc y)Vw dxdy (11) 
1 = 1 Area 

and therefore, the nonconservative forces become 

Q, = P . t ^ j j [p0(x,y)fti(x,y)dxdy (12) 
Area 

The unsteady pressure jump distribution [p0(x, y)] is given as a 
complex number to account for both amplitude and phase in a 
convenient form. 

The pressure jump is calculated for unstalled supersonic 
flow through a cascade of oscillating flat plate airfoils, 
operating with a subsonic leading edge locus. This flow regime 
is commonly encountered at the tip sections of large fan 
stages. The pressure jump distribution over the airfoil surface 
is obtained from Bendiksen's two-dimensional aerodynamic 
theory [14, 17] by using a strip theory approach. The 
aerodynamic theory provides pressure jump distribution for a 
given cascade configuration, Mach number, frequency of 
oscillation, interblade phase angle, and a specific mode of mo­
tion. The total pressure jump distribution can be written as a 
series of modal pressure jumps 

5 

[Po (*> yHi tot = £ ) [Po (*> MjQj (13) 
y = i 

With the pressure jump in this form, the nonconservative 
force terms can be expressed in terms of an aerodynamic 
matrix 

[Q)=pmU1[AUq) (14) 

where the elements of matrix A are given by 

Area 

Substituting equation (14) into equation (10) results in the 
following system equations of motion 

[M\{q)+[K\{q\=P~U2[A]{q) (16) 

Method of Solution 

Equation (16) is transformed into an aeroelastic eigenvalue 
problem by assuming simple harmonic motion (qj(t) = 9,-e'"') 
and introducing the reduced frequency k = cob/U. The equa­
tions of motion are then nondimensionalized and rearranged 
into the following form 

[K]{q}=V(.[M] + [Amq] (17) 

The eigenvalues X2 = (co/coref)
2 may be complex. The reference 

frequency for all calculations is chosen as the first torsion-free 
vibration frequency at the reference rotational speed. The in­
tegrations for all the matrix elements in equation (17) are done 
numerically using Gaussian integration techniques. 

The assumption of harmonic motion is only valid on the 
flutter boundary where the eigenvalues of equation (17) are 
real. If the time dependence is assumed to be of the form epl 

(where p=pR ± iu>) rather than simple harmonic, it can be 
shown that 

p = (p/uKf) = ik=pR±iu (18) 

Although the aerodynamic theory used is, strictly speaking, 
only valid for simple harmonic motion, \pR I < < 1 for tur-
bomachinery flutter and pR as calculated is therefore a good 
representation of the damping in the system. The stability of 
the system may be determined from the sign of the real part of 
the exponent p, with flutter occurring if pR > 0, w ^ 0. If pR 

> 0 and <ji = 0, divergence occurs. 
The solution of the complex aeroelastic eigenvalue problem 
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Fig. 2 Real part of exponent p versus Mach number for the first tor­
sion, second bending, and chordwise bending branches; titanium blade, 
3 percent thickness, aspect ratio = 1 

is determined as follows: First, the cascade characteristics and 
rotational speed are specified. It is assumed that the rotational 
speed varies linearly with the blade tip Mach number as 
Q = Mtip (flref/Mref). It is also assumed that the blade spacing 
and Mach number do not vary along the span of the blade, 
and that the angle of attack is small. For low-aspect-ratio 
blades or blade tip sections these assumptions are believed to 
lead to reasonable approximations. 

Next, an initial value of the reduced frequency for the mode 
in question is specified. The initial value of the reduced fre­
quency is calculated using the free vibration frequency of the 
mode at the reference rotational speed. Thus 

k0 = (w0b/U) = (w0b/Maoa) (19) 

where the standard sea level value of the speed of sound aa is 
used in all calculations. Once the initial guess for the reduced 
frequency has been determined, the aerodynamic matrix is 
formed according to the procedure outlined previously. The 
eigenvalue problem of equation (17) is then solved using a 
standard IMSL subroutine "EIGZC" for complex eigenvalue 
problems. 

For each eigenvalue X2 there are two corresponding complex 
conjugate roots p12 — PR ± 'w- These roots are examined to 
see if the magnitude of the imaginary part matches the value 
of the vibrational frequency used to calculate the initial value 
of the reduced frequency. If the two frequencies do not match, 
the new calculated frequency is used to update the value of the 
reduced frequency. The eigenvalue problem is solved 
repeatedly in this manner until the frequencies converge. The 
process normally converges within two to three iterations. 

The above process is repeated for each mode, each Mach 
number, each interblade phase angle, and each blade con­
figuration of interest. The stability of each mode can be deter­
mined from the real part of the exponent p as discussed 
previously. For every mode of motion there exists a value of 
interblade phase angle that produces the least stable value of 
pR. Ideally, the entire range of possible interblade phase 
angles should be searched to determine the least stable value, 
which would require Nb solutions corresponding to the in­
terblade phase angles a = 2wn/Nb; n = 0, 1,2, . . ,,Nb-\. For 
reasons of computational cost, an automatic search is not in­
corporated into the present computer program. The least 

-i .5 

1C 

-1 . 

COEFFICIENT, 

COEFFICIENT, 

V q 2 

V5C 

1.2 1.4 1.6 
MACH NUMBER 

l.B 

Fig. 3 Mode shape variation versus Mach number of second bending 
branch and first chordwise bending branch; titanium blade, 3 percent 
thickness, aspect ratio = 1 

stable values of interblade phase angle were determined 
manually using the knowledge gained from interblade phase 
angle studies of a baseline blade configuration (see [15]). All 
numerical results presented in the next section correspond to 
data points for least stable interblade phase angles. 

Numerical Results 

Titanium Blade. The material properties used for the 
titanium blade in this study are those of the titanium alloy 
Ti-6A1-4V [19] 

E = 1.60 X 104 Ksi 

v = 0.31 

p = 0.160 lb/in3 

The baseline blade configuration is a blade tip section of 3 
percent thickness and aspect ratio of one. This configuration 
is believed to be representative of the class of large fans in 
present use. Other pertinent dimensions and reference values 
used are given below: 

blade chord c 
tip radius i?tip 

firef 
Mref 

mass ratio pi. 

= 0.75 ft 
= 3.489 ft 
= 400 rad/s 
= 1.45 
= 24 . 
= 138 

Note that only the tip section of the blade is considered here. 
The tip section is treated as a fully cantilevered flat plate and 
the inboard blade dynamics is neglected for the time being. 
The boundary condition at the blade root will be relaxed later 
in this paper. 

The cascade configuration used in computing the 
aerodynamic matrix is known as Verdon's Cascade A [10]. 
The cascade has a blade spacing s cos 8/b = 0.8 (normal to the 
chord), a blade stagger angle 6 = 59.5 deg, and a design Mach 
number M = 1.345. In the present study the Mach number 
will be varied from 1.3 to 1.9 while keeping the cascade 
geometry fixed. It is assumed that the flow direction is always 
parallel to the blade chords. 

The baseline blade configuration was found to be unstable 
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Fig. 4 Nondimensional frequency variation with Mach number ot all 
five modes; titanium blade, 3 percent thickness, aspect ratio = 1 
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Fig. 6 Mode shape variation of modes 3 and 4 with aspect ratio (sec­
ond bending and chordwise bending components); titanium blade M = 
1.8, 3 percent thickness 
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Fig. 5 Effect of chordwise flexibility on the real part of the exponent p 
versus Mach number for the second bending branch; titanium blade, 3 
percent thickness, aspect ratio = 1 
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Fig. 7 Frequency variation with aspect ratio of modes 3 and 4; titanium 
blade, M = 1.8, 3 percent thickness 

in the first torsion, second bending, and chordwise bending 
branches over the Mach number range. These unstable modes 
are shown in Fig. 2. The first torsion branch is unstable over 
the entire Mach number range and is essentially a pure torsion 
mode. It should be noted that in this study the blade is mod­
eled as a uniform plate with the center of gravity at midchord, 
resulting in a relatively weak coupling between first torsion 
and the bending modes. The second bending and chordwise 
bending branches are highly coupled with each other however. 
The mode shape variations of these two branches are shown in 
Fig. 3. This coupled mode instability may appear to be similar 
to classical frequency coalescence flutter of isolated wing 
theory but this is not the case. Figure 4 shows a plot of the fre­

quency variations with Mach number for all five branches. No 
signs of frequency coalesence are apparent. It is apparent that 
the addition of chordwise flexibility to the blade model has a 
destabilizing effect on the second bending branch of this low-
aspect-ratio blade. 

As further evidence that the second bending instability is 
greatly influenced by the chordwise bending participation, 
calculations are shown in Fig. 5 for a four-degree-of-freedom 
model. The reduced model does not include an assumed mode 
for chordwise bending, but is otherwise identical to the five-
degree-of-freedom model. The chordwise rigid blade does not 
show an instability in the second bending branch over the 
Mach number range of interest. 
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Fig. 8 Real part of the exponent p versus aspect ratio for modes 3 and 
4 (coupled 2B-1C branches); titanium blade, aspect ratio = 1;M = 1.8,3 
percent thickness 
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Fig. 9 Real part of the exponent p versus thickness for the first torsion, 
second bending, and chordwise bending branches; titanium blade, 
aspect ratio = 1; M = 1.8 (except for 1T, M = 1.5) 

The effect of blade aspect ratio on the second bending and 
chordwise bending branches at high Mach number is shown in 
Fig. 6. The figure shows that the two branches significantly 
change mode shapes over a small range of aspect ratios near 
unity. The second bending and chordwise bending branches 
are obviously highly coupled in this low-aspect-ratio range. 
Figure 7 shows the frequency variations of these coupled 
modes with aspect ratio. The two frequencies approach each 
other but never coincide. This region of high coupling between 
modes of motion without a merging of frequencies is similar 
to a so-called "modal transfer" phenomenon reported by 
Weisshaar and Foist [20] in connection with their fiber sweep 
studies of composite wings. 

Figure 8 gives a measure of the relative stability of the 
coupled second bending and chordwise bending branches for 
varying aspect ratio. Chordwise bending flexibility definitely 
has a destabilizing effect on the second bending branch for 
these low-aspect-ratio blades. The chordwise bending branch 
also seems to be quite unstable over a range of aspect ratio 
near unity. 
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Fig. 10 Real part of the exponent p versus fiber sweep angle (positive 
aft) for the first bending branch; composite blade, M = 1.5, 3 percent 
thickness, aspect ratio = 1 

.03 

.02 

a 
.01 • 

• - CHORDWISE FLEXIE LE 

D - CHORDWISE RIGID 

-90 -45 0 45 
FIBER SWEEP ANGLE (0EG) 

Fig. 11 Real part of the exponent p versus fiber sweep angle (positive 
aft) for the first torsion branch; composite blade, M = 1.5, 3 percent 
thickness, aspect ratio = 1 

Blade thickness also affects the aeroelastic behavior of low-
aspect-ratio blades, often profoundly. Figure 9 shows the 
relative stability of the coupled second bending and chordwise 
bending branches at high Mach number over a range of 
thickness. Both branches are unstable below 4 percent 
thickness. Also shown is a curve for the first torsion branch at 
a Mach number of 1.5. This Mach number was chosen since it 
corresponds to the Mach number of the maximum relative in­
stability of the first torsion branch of the baseline case (see 
Fig. 2). This branch is also unstable below 4 percent thickness. 
It is curious that the three branches do not become increasing­
ly stable above 4 percent thickness but remain almost neutrally 
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Fig. 12 Real part of the exponent p versus Mach number for the first 
torsion, second bending, and chordwise bending branches; composite 
blade, 3 percent thickness, aspect ratio = 1 

stable. The reason for this behavior is unknown and is a sub­
ject of continuing study. 

Laminated Composite Blade. It was decided to try to 
stabilize the baseline titanium configuration using the unique 
properties of fiber composite materials. The composite 
material chosen is AS/3501 graphite/epoxy and has the 
following properties [21] 

Ex = 

E, = 

1.38x10" N/m2 

8 .96x l0 9 N/m 2 

0.30 

7.1 xlO9 N/m2 

specific gravity = 1.6 

Two different layup configurations are considered. The first 
configuration is one in which the plies are oriented such that 
the fibers are all swept in the same direction, at an angle to a 
spanwise reference. The second configuration is a crossed-ply 
configuration in which alternating plies have crossed fiber 
directions. For both configurations, the middle one third of 
the plies is always oriented such that the fibers are aligned with 
the spanwise direction to provide longitudinal stiffness. The 
outer two layers of plies are oriented in one of the two 
configurations. 

Figures 10 and 11 show stability plots for the first bending 
and first torsion branches for varying fiber sweep angle. The 
blade geometry is the same as the baseline titanium blade. The 
figures show that fiber sweep produces bending-torsion cou­
pling that can be either stabilizing or destabilizing at a 
moderate Mach number of 1.5. Forward sweep (negative) is 
generally destabilizing while moderate aft sweep (positive) can 
be stabilizing. Also note that chordwise flexibility has a pro­
nounced effect on the stability of the first torsion branch. The 
frequency and structural coupling characteristics of thin low-
aspect-ratio blades cannot be modeled correctly without in­
cluding the effects of chordwise flexibility. 

Numerical results obtained during this study indicate that 
crossed-ply configurations are somewhat more effective than 
swept fiber configurations in stabilizing the first bending and 
first torsion branches. Recall that the baseline titanium blade 
has an unstable first torsion branch over the entire supersonic 

undeflected centerline 

direction of rotation 

Fig. 13 Blade root section with elastic boundaries and shroud section 
mass 
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Fig. 14 Real part of the exponent p versus shroud section center of 
gravity location for mode 2; 8DOF model, M = 1.45, titanium blade 

Mach number range (Fig. 2). Figure 12 shows that the same 
blade with a ± 45 deg cross-ply composite section is stable up 
to a Mach number of about 1.55, except for a narrow instabili­
ty below M = 1.4. Comparing this with Fig. 2 it is evident that 
the composite blade configuration is significantly more stable 
than its titanium counterpart. The unique characteristics of 
the fiber composite material can thus be taken advantage of by 
"tailoring" the blade to meet aeroelastic design constraints. 
Similar conclusions were reached in an earlier study of com­
posite inlays in titanium blades [22]. 

Eight-Degree-of-Freedom Model. Figure 13 shows a blade 
that has three added degrees of freedom wip, wop, and a at the 
blade root. The corresponding blade root stiffness in the plane 
of rotation, out of the plane of rotation, and in torsion are 
modeled by springs Kip, Kop, and KT, respectively. This model 
has been used to evaluate some of the effects of inboard blade 
motions on the outboard blade section of shrouded fans. In 
this case the springs model the stiffness of the shroud and in­
board blade section, while the inertial properties are modeled 
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Fig. 15 Mode shape variation of mode 2 versus center of gravity loca­
tion; 8DOF model, M = 1.45, titanium blade 

by a lumped mass with a given center of gravity and radius of 
gyration about the center of gravity. Details of the necessary 
modifications to the equations of motion can be found in 
[15]. 

Illustrative results for a shrouded fan are shown in Figs. 14 
and 15 for the baseline titanium blade tip section studied 
earlier. The base springs and inertial properties are adjusted to 
give the following blade frequency ratios for the base modes 

^in-plane ' ^out-of-plane ^'^ 

^out-of-plane '^tors ion = 0 . 5 

The in-board section mass ratio is assumed equal to the tip sec­
tion mass ratio. Figure 14 shows the dependence of the center 
of gravity of the shroud and inboard blade section on the 
stability of the second mode. This mode is primarily first tor­
sion, qs (= a), with a large contribution from plate bending ql 

and plate torsion q3; see Fig. 15. There is also a significant 
contribution from the out-of-plane bending mode q6. It is evi­
dent that the aeroelastic stability and mode shape are quite 
sensitive to the e.g. location along the blade chord. 

Conclusions 

The main conclusions that can be drawn from this study 
are: 

1 Chordwise flexibility has significant effects on the 
aeroelastic behavior of low-aspect-ratio fan and compressor 
blades. A strong coupling between chordwise bending and 
second bending is observed, which is destabilizing on the sec­
ond bending branch. 

2 Fan blade aeroelastic stability is very sensitive to blade 
aspect ratio and thickness. For blades of aspect ratio near uni­
ty and thickness below 4 percent of chord, the first torsion, 
second bending, and first chordwise branches are all unstable 
at moderately high supersonic Mach numbers. 

3 Fiber sweep in a laminated composite blade results in 
bending-torsion coupling that can be used as a design tool to 

produce stable blade configurations. Forward fiber sweep is 
generally destabilizing while moderate values of aft sweep can 
be stabilizing. 

4 Crossed-ply configurations in a composite blade can be 
used to prevent aeroelastic instabilities without producing 
destabilizing bending-torsion coupling. This type of con­
figuration is also effective in increasing the torsional and 
chordwise stiffness. 
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Fatigue Crack Growth Resistance
of Advanced Blade Materials
The best measure ofperformance in a jet engine is the thrust-to-weight ratio. Cast
single-crystal superalloys provide higher temperature capability and offer oppor­
tunities for significant improvements in future jet engine performance and durabili­
ty. The highly anisotropic behavior of these advanced materials, which includes
modulus, strength, and ductility variation with crystallographic orientation, pose
potentially significant problems for design and life prediction of advanced turbine
blades. The objective of this paper is to provide a better understanding of the crack
growth behavior in this advanced turbine blade material by evaluating the effect of
temperature, frequency, orientation, and thickness.

As with the DS processing, single-crystal castings usually
have a [001] orientation with corresponding low elastic
modulus in the longitudinal (solidification) direction. A
photograph of turbine blade castings with conventionally cast,
directionally solidified, and single-crystal structures is
presented in Fig. 1.

The face-centered cubic cast single-crystal structure which
characterizes Alloy 454 exhibits pronounced directionality in
its mechanical behavior. As an example, consider the variation
in elastic modulus encountered at 427°C (800°F) with a [001]
crystallographic direction, 115 GPa (16.7 x 106 psi), com­
pared to the [111] crystallographic direction elastic modulus of
274 GPa (39.7 x 106 psi).

Similar variations exist for the tensile, creep, fatigue, and
fracture mechanics behavior of the alloy. Because the poten­
tial is great for improved durability and higher operating
temperatures through the use of single-crystal components, a

Fig. 1 Advances in cast turbine airfoil materials

Direclional Solidification

Introduction and Background

Advances in turbine engine thrust, efficiency, and durability
have historically been directly related to improvements in tur­
bine airfoil materials and cooling schemes. Prior to the 1970s
turbine blade and vane materials were conventionally cast,
equiaxed structure materials, such as IN100 and Rene '80. A
major advancement occurred in the late 1960s with the in­
troduction of directionally solidified (DS) MAR-M200 + Hf
airfoils in the F100 engine.

Directional solidification is a process which generally pro­
duces a [001] crystallographic direction, which will be il­
lustrated later. This direction in conventional superalloys ex­
hibits excellent strain-controlled (but relatively poor load­
controlled) fatigue resistance because of its low elastic
modulus ("" 40 percent below that of equiaxed MAR-M200).
The DS alloy also exhibits good creep and rupture strength.

The improved creep resistance, absence of transverse grain
boundaries, and the low longitudinal modulus and corre­
sponding improved thermal fatigue response of the alloy
resulted in significant increases in allowable metal
temperatures and blade stresses. In the mid-1970s further
developmental work showed that substantial benefits could be
attained over the DS materials by using the single-crystal
casting approach. Objectives and guidelines for the single­
crystal alloy development program then undertaken are
described by Gell et al. [1]. The resulting material, Alloy 454,
has a composition considerably different from and simpler
than preceding cast nickel blade alloys because of the absence
of grain boundary strengthening elements.

Deleting the grain boundary strengthening elements, which
are also melting point depressants, increased the incipient melt
temperature beyond 1288°C (2370°F) and allowed nearly
complete 'Y' solutioning during heat treatment and a reduction
in dendritic segregation. This resulted in significantly im­
proved properties over conventionally cast and directionally
solidified blade materials.
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Fig. 2 Situation of the (111) octahedron in the FCC cubic structure 

program sponsored by the Air Force Wright Aeronautical 
Laboratories (AFWAL) entitled "Fatigue and Fracture of Ad­
vanced Blade Materials" was established to consider the im­
pact of single crystals to the already difficult problem of 
predicting service lives of cooled turbine airfoils. 

Fatigue Crack Growth Mechanisms 

The most severe cyclic stresses that turbine blades encounter 
are thermally induced by extreme temperature gradients and 
transients. These thermally induced stresses, which are 
sometimes combined with the mechanically induced cen­
trifugal and gas bending loads, produce thermal mechanical 
fatigue (TMF) of the blade. 

The mode of fatigue crack initiation and subsequent prop­
agation in cast single-crystal alloys differs from conventional 
nickel superalloys, and is related to the effects of anisotropy in 
the directional microstructures of the face-centered cubic 
(FCC) cast single crystal. 

In general, crack initiation and propagation for 
polycrystalline nickel-based superalloys at elevated 
temperatures can be described by three modes: Stage I, 
crystallographic cracking along preferred slip planes; Stage II, 
noncrystallographic, but generally transgranular cracking nor­
mal to the applied stress direction; and, finally, intergranular 
cracking. Variables which control the cracking mode for both 
initiation and crack growth in any equiaxed nickel-based alloy 
include the temperature, cyclic frequency or hold time, strain 
range and rate, and mean stress. 

In the cast single-crystal nickel alloy, two basic types of 
cyclic fracture modes, crystallographic and non­
crystallographic, are seen in combination in varying propor­
tions upon temperature. In the 427°C (800°F) area small 
amounts of noncrystallographic propagation are seen im­
mediately surrounding initiation sites. This propagation has 
the appearance of Stage II transgranular fatigue in a fine grain 
equiaxed alloy. This propagation changes almost immediately 
to a highly crystallographic mode along (111) shear planes 
(Fig. 2) frequently exhibiting prominent striations. This mode 
continues to an overstress condition. At intermediate 
temperatures, 760°C (1400°F), this first mode of propagation 
is more pronounced and may continue until tensile overstress 
along (111) planes, or it may change to cyclic propagation 
along these planes. At 982°C (1800°F) propagation is almost 
all noncrystallographic, similar to a Stage II condition. 

In studying the alloy's cyclic behavior, tests addressing the 
effects of temperature and anisotropy on propagation were 

conducted. Crack propagation behavior in response to varying 
frequency, including hold times, stress ratios, and thickness 
effects, was also examined. 

Temperature. Actual service temperatures which may 
result in fatigue crack initiation in turbine blades range from 
the temperature of high-pressure turbine cooling air on the 
low end - 427°C (800°F) to 540°C (1000°F) - to the maximum 
gas path metal temperatures on the high end - 815°C (1500°F) 
to more than 1093 °C (2000°F). 

In addition, fatigue crack initiation mechanisms of ad­
vanced nickel superalloys were expected to alter from planar 
slip type (Stage I) at low temperatures to a more homogeneous 
Stage II type deformation and, probably, a creep failure mode 
at the extreme upper temperatures. Test temperatures of 
427°C (800°F), 760°C (1400°F), and 982°C (1800°F) span 
both the majority of the engine operating envelope and ex­
pected changes in fatigue behavior of the material. 

Frequency. Cyclic frequency and hold time effects com­
bine with temperature to determine the fracture mechanism 
which will predominate during fatigue crack growth. The 
baseline tests for reference data were conducted at 0.17 Hz (10 
cpm) to simulate a simple low-frequency fatigue cycle, with 
two tests each at 427°C (800°F), 760°C (1400°F), and 982°C 
(1800°F). Higher frequency cyclic tests at 20 Hz were con­
ducted at each temperature to determine the effect of a much 
higher frequency on crack growth rate and failure mode. Tur­
bine blade resonant frequencies are generally somewhat higher 
(greater than 500 Hz); however, the test frequency was ade­
quate for assessing frequency effects on the material behavior. 
Effects of crack tip oxidation on growth rate and changes in 
failure modes were evaluated. Since the turbine blade airfoils 
are exposed to elevated temperatures for extended periods, a 
dwell time cycle was employed, with a 120-s dwell at maximum 
load. Four dwell tests were conducted, two at 760°C (1400°F), 
and two at 982°C (1800°F). Hold time tests were not planned 
at 427°C (800°F) since hold time effects for the selected alloy 
should be considerably less at 427°C (800°F) than at the 
higher temperatures [2, 3]. 

Orientation. To maximize the effects of anisotropy, 
crystallographic orientations representing extreme variations 
in elastic modulus were chosen. These modulus extremes are 
also accompanied by strength and ductility variations and 
were expected to result in fracture mechanics behavior dif­
ferences. Schematic representations of the orientations chosen 
are shown in Figs. 3 and 4. For baseline crack growth the [001] 
crystallographic direction was chosen as the loading axis. This 
direction is, by convention, parallel to the solidification or 
primary dendrite growth direction and exhibits the lowest 
elastic modulus and ductility, and the highest yield strength. 
In the case of crack growth testing, the [010] direction was 
used as the baseline crack path direction. This direction is 
perpendicular to the alloy's solidification direction and allows 
a crack to propagate transdendritically. It also provides the 
same mechanical properties as the [001] direction. Crack 
growth tests of this orientation are denoted [001]/[010], in­
dicating a [001] loading direction and a [010] crack path. For 
high modulus isothermal crack growth testing, the [110] fami­
ly of directions was chosen as the loading axis and crack path, 
([011]/[011]), representing the highest modulus in the blade's 
transverse plane. 

Thickness. The thickness of the material influences crack 
growth by changing the stress state at the tip of the crack [4]. 
For thick specimens, a condition of plane strain exists at the 
crack tip, and the crack will grow normal to the applied stress. 
This is true in equiaxed materials, except in a region near the 
surface where a condition of plane stress exists and shear lips 
are formed by the crack propagating in shear at a 45-deg angle 
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basic crack growth test matrix.

Experimental Program

The objective of this paper is to provide a better under­
standing of the crack growth behavior in this advanced turbine
blade material by evaluating the effects of temperature, fre­
quency, orientation, and thickness. Therefore, the crack
growth tests summarized in Tables 1 and 2 were conducted.

Table 1 Basic crack growth evaluation test matrix­
temperature and frequency

Table 2 Supplementary crack growth test matrix - effects of
orientation, thickness, and stress ratio

tion material. Structures were considered typical of Alloy 454
given a step solution heat treatment. Typical cuboidal gamma
prime size was found to be approximately 0.5 p., close to the
expected size for material in the solutioned condition. The
castings subsequently received the coating diffusion and
precipitation thermal cycles. Microstructures were again ex­
amined after application of the full heat treatment and were
found to be typical for fully solutioned and aged Alloy 454.

Test Procedures

Isothermal crack growth rate testing was conducted using
ASTM E647 procedures [5]. The specimens used were the
standard compact type (CT) shown in Fig. 5. They were
chosen for the large amount of crack propagation data yield­
ed. The center-cracked-tension (CCT) specimen (Fig. 6) was
employed for negative stress ratio crack growth rate testing.
Test specimens were precracked using procedures outlined in
ASTM E647. Precracking was performed at an elevated
temperature at a cyclic frequency of 20 Hz. This helped to
maintain the crack propagation perpendicular to the loading
direction. Cyclic tests were performed using isosceles
triangular load waveforms. Specimen heating was provided by
resistance, clamshell furnaces having windows which allowed
observation of crack growth at the test temperature.

Using a traveling microscope, crack lengths were measured
on both surfaces of the specimen at the mean test load. This
procedure held the specimen rigid while increasing crack tip
visibility. A high intensity light was used to provide oblique il­
lumination to the crack and further increase crack visibility. In
general, crack length measurements were taken at increments
no larger than 0.25 mm (0.010 in.).

Several specimens exhibited out-of-plane growth along
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Fig. 4 Schematic of seeded [011] slabs used in isothermal crack
growth

with the loading axis. In single crystals, however, the preferred
slip plane (111) is the dominant shear plane.

For thin sections, as in blades, a condition of plane stress
exists through the thickness encouraging the crack to grow out
of plane along the plane of maximum shear mobility. This cor­
responds to a Mode II type of growth controlled by the shear
stress. Limited testing was conducted to investigate thickness
effects at 760°C (1400°F) with specimens oriented in the
baseline configuration [001]/[010].

Material

Castings in the macrograin etched condition were visually
inspected for subgrains or defects. Crystal orientation devia­
tions were held at ± S deg. Schematics showin'g the
crystallographic orientations produced are shown in Figs. 3
and 4.

Orientations of [001] and [011] were chosen. Further ver­
satility in orientation options was provided by controlling
specimen alignment with respect to casting geometry to obtain
crack paths between [010] and [110] in center notch crack
growth specimens and [010] or [001] in compact tension crack
growth specimens.

The test material was supplied in solution. The melt con­
sisted of 50 percent revert and 50 percent virgin material.
Chemical composition was verified via mass spectrometer
analysis, and creep capability at 9SrC (lSOO°F) for the solu­
tion was checked and found to be greater than 400 hr at 172.4
MPa (25 ksi). Microstructures were examined and optical and
transmission electron microscopy was conducted on the solu-

Fig. 3 Schematic of seeded (001) slabs used in isothermal crack
growth and LCF testing
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Fig.5 Compact type (CT) specimen

A. Dendrite Orienlallon

Fig. 6 Center·cracked·tension (CCT) specimen
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Fig.7 Isothermal crack growth rate of PWA 1480, effect of temperature
at 0.167 Hz (10 cpm), [001]1[0101, R=0.1

primary slip planes at an angle greater than 5 percent. The
projected crack length was then used for data analysis.
Although this procedure does not meet ASTM standard E647,
the test specimen fracture surfaces show the crack in the bulk
of the material to be growing in plane and the projected crack
length accurately described this growth. This was the situation
in most, if not all, of the out-of-plane specimens.

Regression of the crack length versus cycle (a, N) data to
produce crack growth rate versus applied stress intensity range
(da/dN, AK) data was accomplished with ASTM recommend­
ed data reduction techniques. In general, the seven-point in­
cremental polynomial technique was used. When only a small
number of data points were available, the direct secant
method was used.

The longitudinal axis and the casting solidification direction
of the specimen was [001] in all cases. Because cracking in the
center notch crack growth specimen is normal to the
longitudinal axis, the crack path was perpendicular to the
primary dendrite growth direction. The crack path (secondary
orientation of the casting) was controlled by specifying rota­
tion of the specimen with respect to the cast bars at the time of
machining.

Results

Information from this project is subject to export control
laws. Consequently, absolute values of the data cannot be
shown. Only relative comparisons are presented in this paper.

The convention used for describing the orientations of crack
growth specimens states the loading axis crystallographic
direction and the crack propagation crystallographic direc­
tion. As an example, [001]/[010] describes an [001] load axis
and [010] crack growth direction. Further, turbine airfoils are
solidified in the Z direction which is also the vertical axis of
the Miller indices system. Consequently, [001] is considered
the Z or growth direction of the castings employed in this
work.

The dependence of isothermal crack growth rate on
temperature was investigated over the 427°C (800°F), 760°C
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Fig. 9 Isothermal crack growth rate of Alloy 454—effect of 
temperature at 0.167 Hz (10 cpm), [011]/[011], H = 0.1 

(1400°F), and 982°C (1800°F) range. The alloy responses to 
this increasing temperature at frequencies of 0.167 Hz (10 
cpm) and 120-s peak load hold time are illustrated in Figs. 7 
and 8. The hold time cycle is the same ramp time as the 0.167 

Hz but maintains the maximum load for 120 s. The specimens 
were all oriented [001]/[010] and the stress ratio was 0.1. For 
the 0.167 Hz cycle, increasing temperatures by as much as 
555°C (1000°F) resulted in only slight increases in crack 
growth rate, as compared to many conventional 
polycrystalline materials. For the 120-s hold time cycle, the in­
crease in crack growth rate was somewhat more significant. 

The crack growth rate results for the [011]/[011] oriented 
material (Fig. 9) show the rate at 427°C (800°F) to be 
significantly lower than the rate at 760°C (1400°F), while little 
difference was observed between the rates at 760°C (1400°F) 
and 982°C (1800°F). 

The effect of crystallographic orientation on crack growth 
rate at 0.167 Hz, J? = 0.1 was investigated at the three 
temperatures 427°C (800°F), 760°C (1400°F), and 982°C 
(1800°F). Orientations of [001]/[010] were compared to 
[011]/[011]. A slightly higher crack growth rate at lower stress 
intensity ranges was observed at all three temperatures for the 
[01 l]/[0fl] orientation. This trend is best illustrated by the 
results at 760°C (1400°F) in Fig. 10. Since this trend is at the 
low stress intensity range, it would significantly affect the life 
of a turbine blade. 

The effects of frequency upon crack growth rate were ex­
amined for the [001]/[010] orientation at all three 
temperatures. The stress ratio was 0.1 and the frequencies of 
20 Hz, 0.167 Hz, and 120 s hold time were applied. The results 
showed little to no effect, other than at the intermediate test 
temperature (Fig. 11) where a slight increase in growth rate is 
evident with increasing frequency. This result is quite different 
from most high-temperature frequency effects, where low fre­
quencies or hold times significantly increase crack growth 
rates [2, 3]. 

The effects of specimen thickness on crack growth rate at 
760°C (1400°F), R = 0.1, and a frequency of 0.167 Hz were in­
vestigated. The specimen thicknesses were 1.88 mm (0.074 
in.), 3.10 mm (0.122 in.), 9.25 mm (0.364 in.), and 11.70 mm 
(0.460 in.). No significant trend was observed from these 
results. 
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Fig. 11 Isothermal crack growth rate of Alloy 454, effect of frequency 
at 760°C (1400°F), [001]/[010], fl = 0.1 

Fig. 12 Isothermal crack growth rate of Alloy 454, effect of negative 
stress ratio at 760°C (1400°F), [001]/[010], 0.167 Hz (10 cpm), B = 0.1 

The effects of negative stress ratio (R= -1 .0) on crack 
growth rates were evaluated at 760°C (1400°F) using CCT 
specimens. A comparison of these results to those obtained at 
R = 0.1 is shown in Fig. 12. The ASTM standard definition for 
AK (AK=Kmax for R>0) was used for data analysis. 

Conclusion 

The objective of this investigation was to provide a better 
understanding of the crack growth behavior in this advanced 
turbine blade material. The conclusions are as follows: 

1 The applicability of linear elastic fracture mechanics 
assumptions to single-crystal crack growth rate evaluation was 
found to be acceptable. This was demonstrated by excellent 
agreement between duplicate tests conducted with specimens 
with significant variations in dimensions, load, and crack 
length and was observed over a variety of test frequencies and 
temperatures. 

2 For the future it should be noted that both test stresses 
and stress intensity solutions, which were used, were based on 
isotropic assumptions. Substantial additional work in this area 
is recommended. 

3 Significant out-of-plane growth was observed at some 

conditions, but deviations from Mode I growth rates were very 
slight. Additional work is recommended in this area, par­
ticularly for thin-wall sections representative of turbine 
airfoils. 

4 Single-crystal behavior in propagation was found to be 
predictable and repeatable, although strong anisotropic and 
crystallographic effects were evident. 

References 

1 Gell, M., Duhl, D. N., and Oiamei, A. F., "The Development of Single 
Crystal Superalloy Turbine Blades," Superalloys 1980, Proceedings of the 
Fourth International Symposium on Superalloys, American Society for Metals, 
Metals Park, OH, 1980, pp. 205-214. 

2 "Application of Fracture Mechanics at Elevated Temperatures," Air Force 
Contract No. F3361575-C-5097, AFWAL-ML, WPAFB, OH. 

3 "Cumulative Damage Fracture Mechanics Under Engine Spectra," Air 
Force Contract No. F33615-77-C-5153, AFWAL-ML, WPAFB, OH. 

4 Harris, J. A., and White, R., "Engine Component Retirement for Cause," 
Interim Technical Report, FR-16511 Contract No. F33615-80-C-5160, Aug. 
1982. 

5 American Society for Testing and Materials, Section 3, Volume 03.01, 
E647. 

6 Wilson, D. A., and Warren, J. R., "Thermal Mechanical Crack Growth 
Rate of a High Strength Nickel Base Alloy," ASME JOURNAL OF ENGINEERING 
FOR GAS TURBINES AND POWER, Vol. 108, 1986, pp. 396-402. 

Journal of Engineering for Gas Turbines and Power APRIL 1987, Vol. 109/181 

Downloaded 01 Jun 2010 to 171.66.16.73. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



M. Srinivasan 
Niagara Falls R&DCenter. 

iVI. Earl 
Structural Ceramics Division. 

Standard Oil Engineered 
Materials Company, 

Niagara Falls, NY 14302 

Quality Assurance in 
Manufacturing High-Performance 
Ceramics 
Quality assurance of ceramic components during various processing stages is an im­
portant ingredient in assuring the reliability in engineering applications. The current 
advances which are made in advanced nondestructive evaluation of finished com­
ponents have been very useful. However, the importance of in-process quality con­
trol in closed-loop iterative process and product development has to be understood 
in terms of materials science aspects. This paper addresses some of the tools in 
nondestructive evaluation which are available in ceramic manufacture and gives il­
lustrations of successful implementation of those techniques in two categories of 
ceramic applications, current and advanced. Further research and development 
needs in the NDE are also briefly addressed. 

Introduction 

Reliability and reproducibility are the key to the successful 
application of sintered alpha silicon carbide as engineered 
material. The reliability of the finished product is a strong 
function of the quality of the starting powders and additives 
as well as the control used in processing parameters 
throughout the manufacturing operation. An understanding 
of the chemistry of the raw materials, various ceramic forming 
steps, the sintering phenomenon, product strength and the 
nature of its variability, and the ubiquitous nonhomogeneity is 
very important in instituting appropriate quality checks at 
various stages. 

Generalization with respect to the degree of control required 
is not possible because it is very much dependent on the 
product and its use. For example, quality requirements for 
wear components are very different from those for com­
ponents slated for engine applications such as turbocharger or 
gas turbine rotors. For several heat exchanger applications the 
requirements may be "essentially round and essentially 
straight" tubes. Therefore, inspection procedures can be ex­
pected to be different for different components. 

At present satisfactory accept/reject criteria do not exist for 
high-performance ceramics. These are established through 
mutual negotiations between the user and the supplier depen­
dent upon cost and expected performance. In fact, in a ma­
jority of circumstances there is insufficient product perfor­
mance history related to product quality to justify rigorous 
specification writing. This applies to both wear components 
and engine components. 

On the basis that assurance of raw material quality and pro­
cess control within specified limits is expected to yield good-

Contributed by the Gas Turbine Division of THE AMERICAN SOCIETY OF 
MECHANICAL ENGINEERS and presented at the 31st International Gas Turbine 
Conference and Exhibit, Dusseldorf, Federal Republic of Germany, June 8-12, 
1986. Manuscript received at ASME Headquarters February 21, 1986. Paper 
No. 86-GT-248. 

quality product, it is wiser to institute adequate in-process 
quality control in addition to final inspection of the finished 
component. This practice is being followed at the Structural 
Ceramics Division. The in-process quality checks during all 
manufacturing steps are very critical in ensuring the quality of 
the final product as well as in reducing the cost by eliminating 
rejects at the earliest manufacturing step. 

In this paper, we will address these concerns in the commer­
cial manufacture of ceramic components for current and ad­
vanced applications. We will consider steps involved in the in-
process quality checks of sintered alpha silicon carbide (Hex-
oloy SA-80) components. The importance and the re­
quirements of the use of quality control in closed-loop 
iterative product manufacture with high quality, low cost as 
the objective will be emphasized. The synergism between the 
use of both commercially available nondestructive evaluation 
techniques and emerging techniques in manufacture will be 
addressed. The limitations in some of the current practices 
which need further research and development will be pointed 
out for future work. 

Type of Inspection 

The inspection process can be broadly divided into two 
segments, as shown in Fig. 1. The in-process inspection in­
cludes both raw materials and processing parameters in all 
aspects of the processing steps. Postfabrication inspection is 
really quality assurance of the final product. 

Further classification of the inspection of fabricated 
ceramic articles generally falls into two categories: destructive 
and nondestructive. Some of the ways of inspecting silicon 
carbide ceramics are indicated in Fig 2. 

It should be noted that not all of the inspection techniques 
are applicable to all product lines. Depending upon the re­
quirements of product performance and history, a few of the 
above methods are selected and agreed upon mutually by the 
supplier and the user. 
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Fig. 1 Division of inspection process

Fig. 2 Some inspection techniques to establish reliability of silicon
carbide ceramic

INSPECTION
r------------L------------,

IN-PROCESS POST-FABRICATION

Manufacturing:

Can detect surface defects of sizes greater than or
equal to 150 /lm (0.006 in.).

(b)
(i)

Fig. 3 Cracks In the hub and blade of rotors after baking In the
injection·molded silicon carbide rotors

Quality Assurance of Finished Components

Quality assurance requires the capability to detect flaws in
fabricated components which arise from process deviation.
Standard NDE methods have been optimized for testing
Standard Oil's ceramic materials.

• Fluorescent Penetrant Inspection. A Zyglo ZA-28-W
semiproduction inspection unit has been used in our present
facility. Samples are cleaned using a Branson B-92 ultrasonic
cleaner. The Zyglo line uses ZL-22C penetrants, ZE-4A
emulsifier, and ZP-4B developer to produce maximum sen­
sitivity for small surface defects .

• X-Radiography. A Magnaflux Model MXK-100M
Microfocus x-ray source, exposure room, and film develop­
ment dark room have been established for high-resolution
radiographs. Other available x-ray facilities include G.B.
KXD 325 II and Baltospot 11/5 units. In 1986, we will also be
installing, within Standard Oil, a real-time microfocus x-ray
system.

• Ultrasonic Testing. A state-of-the-art high-frequency
ultrasonic system consisting of a broad band 50 MHz
transducer, microprocessor-controlled scanning stage, A-scan
and C-scan output, HP 1740A recorder is available. In addi­
tion, a Panametrics 100 ultrasonic analyzer with a variety of
ultrasonic probes is available.

• Visual Inspection. Examination of components for sur­
face defects is performed using the low-power magnification
of a Wild binocular microscope with photographic capability.

• Surface Finish. Determined using a Talysurf 10.

• Dimensional Measurements. An array of micrometers,
calipers, gages, guillontine gages, an optical comparator, and
TalyRand 110 are used for dimensional inspection.

These facilities provide a comprehensive NDE capability to
be used in quality assurance. The QA engineer uses these tools
and works with customer NDE/QA personnel to establish and
ensure conformance to specifications. As new developments,
improved equipment or techniques become available, they are
added to this facility.

Present NDE Capabilities

The present NDE capabilities are different for research and
development and manufacturing groups. For simple shapes
such as test bars, the following capabilities exist.

(a) Development:

(i) Can detect surface defects of sizes greater than or
equal to 50 /lm (0.002 in.).

(ii) Can detect bulk defects of sizes greater than or
equal to 150 /lm (0.006 in.) depending upon part
thickness.

NONDESTRUCTIVE

Density
Ultrasonic velocity
Young's modulus
Dimensional Examination
Contour analysis (Warpage)
Penetrant Inspection
X-ray radiography
Surface wave ultrasonics

INSPECTION

DESTRUCTIVE

Microstructure
Hardness
Fracture Toughness
Strength
Flaw Fractography
XRD Phase Analysis
Elemental Analysis
(via mass spectroscopy)

Rigorous use of statistical quality control is lacking at
present for high-performance ceramics (except ceramic chips)
because of inadequate product volume and field experience.
However, this is changing as the structural ceramics business
matures, especially in wear-resistant applications.

In-Process Quality Control

The in-process quality control (Q.C.) begins with the
characterization of the incoming powder. The properties
which are examined are (Appendix I):

• particle size
• particle size distribution
• surface area
• bulk composition
• surface chemistry
• crystalline form
• degree of agglomeration
• tap density

In production, all of these are not usually examined.
However, a sintering qualification run is made to certify all in­
coming batches of powders. Here density is used as a measure
of sinterability. Samples of the powder are mixed with suitable
binders and pressed into disks 1.25 in. diameter X 0.25 in.
thick. After firing, the density and open porosity are measured
by using ASTM Procedure C-20. Selected pieces are also
polished and etched for microscopic determination of grain
size, grain shape, and porosity.

Other in-process quality checks are usually associated with
processing parameters. In the case of injection molding, the
shear properties of the compound are tested to insure that
these are within specific range. Likewise in slip casting,
viscosity, solids content, and pH are measured for the slurry
to insure that the values are within specified range. In all pro­
cessing, visual inspection of the finished component plays a
predominant role. For example, in slip casting, the surface
finish of the drain cast ceramic is visually inspected for quality
by experienced operator. Visual inspection for cracks and
blemishes is performed after casting, baking, and sintering. In
injection molding, until the machine parameters are opti­
mized, the as-molded components are inspected for cracks,
blemishes, blisters, and flow lines. The components are also
dissected in different planes to examine for voids (unfilled
areas), delaminations, and plastic-rich regions. Occasionally
x-radiography is also performed on components such as rotors
in the as-molded condition (Fig. 3). Such examinations have
been very useful in adjusting processing and machine
parameters to produce components of acceptable quality and
increase the yield.
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(H) Can detect bulk defects of sizes greater than or 
equal to 250 fim (0.010 in.) depending upon part 
thickness. 

The above capabilities are valid assuming that an experi­
enced engineer examines components via ultrasonics in the 
development group, and an experienced inspector examines 
components via visual, penetrant, and x-ray examination in 
manufacturing. 

The Challenges in NDE and Research Needs 

Although considerable progress has been made in NDE 
development over the last 5-6 years for silicon carbide 
ceramics [1-4], it is only the beginning, and much more 
careful and well-coordinated research efforts are needed to 
bring NDE efforts to a meaningful production environment. 
Some of the important tasks needing further development are: 

(1) Unambiguous characterization of detected defects 
such as type (chemistry), size, shape, and orientation 

(2) Complex shape examination in detail 
(3) Performance prediction via NDE signals 
(4) Development of accept/reject criteria 

The NDE research must not only pursue activities with 
respect to defect detection but must explore classifying poten­
tial harmful defects. Considerable research activity and field 
experience are needed in order to establish reliable and ac­
ceptable accept/reject criteria for a given application [5]. At 
present, we do not know unequivocally whether rejected com­
ponents (based on present NDE information) would in fact 
have performed satisfactorily in the field. We do know, 
however, that some accepted components (based on present 
NDE methods) do in fact perform less than satisfactorily in 
some applications. Note that both these situations are not ac­
ceptable and add to cost. 

Current In-Process NDE Practice 

In-process quality control usually is custom tailored to in­
dividual product lines and expected performance. As ex­
amples, we will elucidate in this paper two product categories: 
one for current applications and the other for advanced ap­
plications such as gas turbine or turbocharger rotors. 

Current Applications. In the majority of instances, spray-
dried premix is used in the manufacture of various com­
ponents. A premix is defined as a mixture of submicron alpha 
silicon carbide powder, sintering additives, and some carbon 
source. Initially the premix is characterized for its flow densi­
ty, volatiles (percent), and vibrated density. These 
characteristics have been found, by experience, to be impor­
tant in forming operations. For isopressed components, 
manufacturing isopressing trials are performed. Two 14-inch 
tubes are isopressed and green machined into four tubes ap­
proximately 6 in. long. Inspection is done at this stage and 
o.d. and i.d. (top and bottom), length, and green weight are 
all recorded. 

After sintering, the qualifier tubes are checked for density 
(3.10 g/cc minimum), dimensions—o.d and i.d. (top and bot­
tom), length and extent of a warpage. Each tube is then sliced 
into five to six ring sections and each sliced surface is inspected 
with a low-power microscope (at 70 x magnification). The 
maximum flaw size per surface and number of flaws greater 
than 0.005 in. but less than 0.010 in. within one circumferen­
tial inch are recorded. 

Flaw type characteristics are also noted using a letter code. 
Certain types of flaws are generated by different processing 
variables. For example, long narrow circumferential Haws 
stem from the isopressing operation, while circular or half-
moon flaws of random orientation are often related to 
spherical agglomerates produced in material spray drying. 
Documentation of flaw type can help identify problems 

and/or potential process improvements. The measured densi­
ty, dimensions, and flaw size data are recorded into computer. 
A section of a ring is polished and an optical micrograph at 
200 X is obtained. The section is then etched and another op­
tical micrograph at 200 X is recorded for crystal size and shape 
information. 

The isopress qualification report data are then examined 
and the premix is released for manufacture only if the 
qualification data comply with product requirements. For 
most applications, the density should be at least 3.10 g/cc and 
the shrinkage should be appropriate for tooling. Flaw size 
statistics are monitored in correspondence with customer re­
quirements based on a minimum allowable quality level. This 
quality level is determined by the quantity of samples free of 
rejectable flaws (per customer specification) over the total 
samples examined. An example of statistical data which is 
used in production qualification including flaw characteriza­
tion is shown in Appendix II. 

Advanced Applications. A summary of current practice in 
testing injection molded material is given below: After mixing 
the ceramic powder with plastics and compounding, relative 
viscosity is measured by using Brabender Plastic-Corder. Sam­
ple pucks are made by compression molding in order to check 
for metal contamination and high-density inclusions. After 
molding, a few rotors are sliced in half while still warm to 
check for obvious voids and flaws. All rotors are inspected 
visually for knit lines primarily using low-power magnifica­
tion. The weight of the part is also determined. After binder 
removal, the part is visually examined, sometimes also via x-
radiography and weighed. The weight loss is used to determine 
the extent and success of binder removal. If the molding 
parameters and binder removal conditions are well optimized 
then the x-ray inspection is unnecessary since the parts are 
usually x-ray defect free. 

Components such as rotors, after binder removal, are very 
fragile and the blades break easily, so any examination se­
quence at this state should consider this aspect. The defect-
free components are then sintered. They are post-inspected by 
using visual, low-power microscopy, x-radiography 
(sometimes real time), and fluorescent penetrant inspection 
and ultrasonic NDE as well as density determinations. 

Destructive evaluation is also performed, on a selected 
basis, which includes data acquisition including microstruc-
ture, ultrasonic velocity; and on bars cut from components, 
flexural strength, Weibull modules, and fracture toughness 
are all obtained. Some rotors are spin tested, as well. 

Summary 

In this paper we have discussed the currently practiced 
quality assurance for sintered alpha silicon carbide com­
ponents. Adequate practices exist although quality control 
criteria are not formally established in many applications. It is 
shown that practices differ primarily because of application 
and expected performance differences. Finally, the progress 
being made in advanced NDE methods for examination and 
characterization of complex components can be expected to 
have significant impact in manufacturing application only 
when these methods are simple, cost effective, and identify 
specific accept/reject quality characteristics. 
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A P P E N D I X A 

Powder Characterization Methods 

1 Pressureless Sinterability. Density is used as a measure 
of the sinterability. Samples of the powder are mixed with 
suitable binders and pressed into discs 1.25 in. in diameter x 
0.25 in. thick. After firing, the density and open porosity are 
measured using ASTM Procedure C-20. Selected pieces are 
also polished and etched for microscopic determination of 
grain size, grain shape, and porosity. 

2 Bulk Composition. Previously established instrumental 
and chemical methods are employed to determine the general 
chemistry of the powder product. Free carbon and free silicon, 
total carbon, nitrogen and oxygen, and silica are measured to 
a fraction of a percent by the following methods. 

2a Free Carbon. The free carbon analysis is done by 
heating a weighed sample in an oxygen stream at 800 °C for a 
specified time. The C 0 2 generated by oxidation of the free 
carbon is absorbed in a glass bulb and weighed. In the case of 
submicron powders, oxidation of part of the SiC must be con­
sidered. A correction for this is made from the sample weight 
before and after the test. The analysis is based on the premise 
that clean SiC is used. Appreciable amounts of oxidizable 
metals or silicon would alter the results. 

2b Total Carbon. Total carbon analysis is done using a 
Leco WR-12 or CS-244. The sample is combusted in an ox­
ygen atmosphere in a small induction furnace, with ac­
celerators added to ensure complete destruction of the sample. 
The carbon content is read directly from the instrument. 

2c Free Silicon. Free silicon is determined by the silver 
fluoride method. The sample is first treated with HC1 to 
remove iron and is then washed until it is free of chlorides. 
Silver fluoride is added to the sample in a plastic funnel and 
allowed to react for a short period of time. The free silicon 
reacts with the silver fluoride to form SiF4, which volatilizes, 
and metallic silver. The excess silver salts are washed from the 
filter paper with water and discarded. The metallic silver is 
collected using hot nitric acid and titrated with OAN 
potassium thiocyanate. The corresponding amount of free 
silicon is then calculated. 

2d Free Silica. A weighed sample is fired at 800 °C to con­
stant weight. The residue is then carefully treated with HF and 
H 2 S0 4 , which volatilize the free Si02 . The crucible is again ig­
nited at 800 °C, and the loss in weight caused by the acid treat­
ment is taken as the free silica content. 

2e Oxygen. Oxygen is measured using a Leco RO-116 or 
TC-136. The oxygen in the sample is converted to CO, which 
is analyzed by an infrared detector. The oxygen content is read 
directly from the instrument. Up to 6 percent 0 2 can be 
measured, with a detection limit of 0.1 ppm, for a 1 gram 
sample. 

2f Nitrogen. Nitrogen analysis is done with a Leco 

TC-136, using standard procedures for that instrument. The 
nitrogen content is measured with a thermal conductivity cell, 
and is read directly from the TC-136. 

3 Particle Size/Size Distribution. The particle size 
distribution is measured using one of several Leed & Northrup 
Microtrac units. The small Particle Analyzer (SPA) covers 
the 0.1-20 /im range using scattered laser light. With proper 
dispersion, the SPA can be used to determine the size distribu­
tion of individual powder particles. Samples may be intro­
duced in a wet or dry state. Data collected in 14 size channels 
are summed to give a cumulative distribution curve. However, 
if the sample contains particles which are 0.1 /an in diameter, 
these would not be detected by the system. 

The standard Microtrac covering the 2-176 pm range or one 
with an extended range of 3-300 fim might be useful in gaining 
information about agglomeration. Here efforts to disperse the 
discrete particles would be minimized. Thirteen size channels 
are available on this instrument. 

Both of these instruments also give other statistical 
information. 

4 Particle Shape. The shape and morphology of powder 
particles are studied by scanning electron microscopes and, 
where appropriate, the information will be supplemented by 
that obtained from the microprobe mode of such instruments. 
Microscope available is the AMR Model 1400. The resolution 
and depth of field offered by such instruments make them in­
valuable for direct viewing of submicron particles and of small 
agglomerates by using dispersed and nondispersed materials. 
Sufficient materials are examined in order to eliminate sam­
pling problems, and the number of samples viewed is deter­
mined by the particle size distribution. 

5 Phase Composition. The polytypes of SiC are identified 
and levels determined by employing general automated x-ray 
diffractometers and, if required, by powder Gandolfi and 
single-crystal film cameras. X-ray diffraction procedures offer 
sensitivities in the range of a few percent to several percent, 
depending on which polytypes are present. Precision and ac­
curacy are also in the few percent level. In addition, limited in­
formation regarding minimum crystallite size and average 
shape is also available from diffraction patterns. It is not an­
ticipated that low-trace levels of crystalline phases other than 
SiC will be readily identified without the application of 
selected particle diffraction. 

6 Tap Density. Tap density is a measure of the packing 
characteristics of the powder. Specifications for this test are 
found in ASTM-B 527, a test designed for refractory metals 
and compounds. A weighed sample is tapped mechanically for 
specified number of taps. The volume occupied by the powder 
is read from the cylinder, and weight divided by this volume is 
the tap density. Tap density is calculated in g/cm3 to the 
nearest hundredth. The average of three tests is reported. This 
capability exists within Standard Oil Co., but it has not been 
applied to submicron powders. The fineness of the powder 
could be a problem. 

7 Surface Area. Surface area is determined by standard 
gas adsorption techniques, using BET method, with an ac­
curacy of ± 10 percent. The in-house instrument is a 
Micromeritics 2100 D. Multipoint nitrogen adsorption at 77 K 
is the usual technique. Successive amounts of gas are adsorbed 
by the sample and the changes in pressure in the system are 
used to calculate the amount of gas adsorbed. Reproducibility 
is ±0.2 m2/g for the surface area range of interest, or approx­
imately ± 2 percent of the value. Also available is a Quan-
tachrome unit that uses a single point method to determine the 
BET surface area. Reproducibility is 3-5 percent of the value 
measured. 

Journal of Engineering for Gas Turbines and Power APRIL 1987, Vol. 109/185 

Downloaded 01 Jun 2010 to 171.66.16.73. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



A P P E N D I X B 

Statistical Analysis Flaw Size 

STANDARD MINIMUM MAXIMUM STD ERROR 
DEVIATION VALUE VALUE OF MEAN 
(INCH) (INCH) (INCH) (INCH) 

LENGTH 
WIDTH 

40 
40 

0.0021 
0.0016 

0.001 
0.0006 

0.001 
0.001 

0.006 
0.003 

0.001 
0.000 

ELAW SIZE MEASUREMENTS 

TUBE ID 

13 
15 
24 
25 
31 
32 
34 
34 
45 
11 
13 
14 
15 
16 
22 
23 
24 
25 
26 
32 

LENGTH 
(INCH) 

0.001 
0.001 
0.O01 
0.001 
0.001 
0.001 
0.001 
0.001 
0.001 
0.002 
0.002 
0.002 
0.002 
0.002 
0.002 
0.002 
0.002 
0.002 
0.002 
0.002 

WIDTH 
(INCH) 

0.001 
0.001 
0.001 
0.001 
0.001 
0.001 
0.001 
0.001 
0.001 
0.002 
0.002 
0.002 
0.002 
0.002 
0.001 
0.002 
0.002 
0.001 
0.002 
0.002 

Flaw Type Code: 

TVPE 

C 
C 
C 
C 
C 
C 
C 
C 

c 
c 
c 
c 
c 
c 
A 
C 

c 
A 
C 
C 

A -

WITHIN 

0 
0 
0 
0 
0 
0 
0 
0 
0 
0 
0 
0 
0 
0 
0 
0 
0 
0 
0 
0 

Long, narrow flaw 

TUBE ID 

33 
33 
35 
36 
42 
43 
43 
44 
44 
45 
12 
14 
22 
35 
41 
42 
46 
12 
21 
23 

concentric to 

LENGTH 
(INCH) 

0.002 
0.002 
0.002 
0.002 
0.002 
0.002 
0.002 
0.002 
0.002 
0.002 
0.003 
0.003 
0.003 
0.003 
0.003 
0.003 
0.003 
0.004 
0.004 
0.006 

tube diameter 

WIDTH 
(INCH) 

0.002 
0.001 
0.002 
0.001 
0.001 
0.001 
O.002 
0.001 
0.001 
0.002 
0.002 
0.003 
0.002 
0.003 
0.002 
0.002 
0.002 
0.002 
0.002 
0.003 

Round flaw with no specific orientation. 
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On the Premixed Combustion in a 
Direct-Injection Diesel Engine 
The factors influencing premixed burning and the importance of premixed burning 
on the exhaust emissions from a small high-speed direct-injection diesel engine were 
investigated. The characteristics of premixed and diffusion burning were examined 
using a single-zone heat-release analysis. The mass of fuel burned in premixed com­
bustion was found to be linearly related to the product of engine speed and ignition-
delay time and to be essentially independent of the total amount of fuel injected. Ac­
cordingly, the premixed-burned fraction increased with increasing engine speed, 
with decreasing fuel-air ratio and with retarding injection timing. The hydrocarbon 
emissions did not correlate well with the premixed-burned fraction. In contrast, the 
oxides of nitrogen emissions were found to increase with decreasing premixed-
burned fraction, indicating that diffusion burning, and not premixed burning, is the 
primary source of oxides of nitrogen emissions. 

Introduction 

Combustion in diesel engines principally consists of an in­
itial premixed-combustion stage, followed by the main 
diffusion-combustion stage [1-4]. As shown in Fig. 1, the 
premixed-combustion stage commences at the end of the igni­
tion delay period and is associated with a short-duration high 
rate of heat release. The heat-release history during the 
premixed-combustion stage is strongly dependent on the 
amount of fuel that mixes with air to form a combustible mix­
ture during the ignition-delay period. 

In the direct-injection diesel the diffusion-combustion stage 
is generally associated with lower heat-release rates than those 
of the premixed-combustion stage. The heat-release history 
during this stage is controlled by the mixing rate since during 
this period the characteristic time of combustion is much 
shorter than the characteristic time of fuel-air mixing [3, 4]. 

The premixed-combustion stage is of great importance 
because of its high rate of heat release, which results in a rapid 
rate of pressure rise. This in turn affects the noise level of the 
engine. In addition, recent studies [5, 6] suggested that the 
premixed-combustion stage strongly influenced the exhaust 
emissions from diesel engines. 

Wade and Hunter [5] showed, from a relatively limited 
amount of data, that both the hydrocarbon (HC) and oxides 
of nitrogen (NOx) emissions increased with increasing 
premixed-burned fraction (fraction of fuel burned in premixed 
combustion). Furthermore, they stated that the reason that 
direct-injection diesel engines produce higher HC and NOx 

emissions than divided-chamber diesel engines is that the 
former engines have larger premixed-burned fractions. 

The magnitude of the premixed-burned fraction was also 
used by Wade and co-workers [6] to explain the trends of HC 
and NO. emissions observed from an uncooled direct-

Contributed by the Internal Combustion Engine Division and presented at the 
Energy-Sources and Technology Conference and Exhibition, New Orleans, 
Louisiana, February 23-27, 1986. Manuscript received at ASME Headquarters 
December 23, 1985. Paper No. 86-ICE-4. 

injection diesel engine. In contrast to several other studies 
(e.g., [7-9]), Wade and co-workers [6] found that their un­
cooled diesel engine produced lower NOx and HC emissions 
than the corresponding water-cooled engine. They argued that 
the lower NOx and HC emissions were caused by a reduction 
in the amount of premixed combustion that resulted from the 
shortened ignition-delay period of the uncooled engine. 

Several investigators [3, 10-12] have dealt with the 
premixed-combustion stage of diesel engines. Watson et al. [3] 
and Miyamoto and co-workers [10, 11] developed empirical 
relationships between the premixed-burned fraction and 
parameters such as ignition-delay period and equivalence 
ratio. The premixed-burned fraction was found to increase 
with increased engine speed, decreased fuel-air ratio, and 
lengthened ignition-delay period. Gerpen and co-workers [12] 
found that, in general, the premixed-burned fraction increased 
with increasing air swirl and increasing injection pressure. 

The aims of the present study were to investigate the factors 
which influence the premixed-combustion characteristics of a 
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Table 1 Engine description 
Bore, mm 
Stroke, mm 
Connecting rod length, mm 
Displacement, L 
Compression ratio 

85 
94 
160 
0.533 
21.7:1 

Fig. 2 Combustion-chamber geometry 

small high-speed direct-injection engine and to evaluate the 
role of premixed combustion as a primary source of exhaust 
emissions. 

The combustion characteristics of the engine at various 
engine conditions were examined using a heat-release analysis. 
This analysis was a single-zone thermodynamic model which 
utilized measured cylinder-pressure histories. The engine 
operational parameters examined were fuel-air ratio, engine 
speed, and injection timing. 

Apparatus and Procedure 

The measurements were made in an experimental single-
cylinder 0.53-L DI diesel engine. The principal dimensions of 
the engine are listed in Table 1. A cross-sectional view of the 
piston geometry of the engine is shown in Fig. 2. The piston 
bowl was a reentrant type with its axis offset 6.2 mm from the 
cylinder axis. The fuel injector was a mechanical unit injector. 
It had a VSO (Valved-Sealed Orifice) tip with four 0.20-mm-
dia holes. The opening pressure of the injector was nominally 
18 MPa. 

The engine tests were performed for a range of fuel-air 
ratios (0.018 to 0.040), engine speeds (800 to 3300 rpm), and 
injection timings (9 to 0° BTDC). The corresponding baseline 
values of these parameters were: fuel-air ratio = 0.022, 
engine speed = 1500 rpm, injection timing = 6° BTDC. In all 
tests, the intake air was maintained at ambient pressure and at 
310 K temperature. 

Heat-Release Analysis 

The heat-release model used is a single-zone model similar 

t 

R
A

T
E

 
R

E
LE

A
S

E
 

H
E

A
T

 

METHOD A 

PREMIXED COMBUSTION 

/ 

1 
DIFFUSION COMBUSTION 

wMh^ 
CRANK ANGLE -

METHOD B 

PREMIXED COMBUSTION 

DIFFUSION COMBUSTION 

CRANK ANGLE —~ 

Fig. 3 Definitions for the premixed-combustion and diffusion-
combustion stages 

to that developed by Krieger and Borman [13] that utilizes the 
measured pressure history of the gases in the combustion 
chamber to calculate the heat-release history of the fuel. The 
model is based on the first law of thermodynamics and con­
siders the cylinder contents to be a homogeneous mixture of 
ideal gases (air and products of combustion) which are always 
in thermodynamic equilibrium. The products of combustion 
are assumed to be in chemical equilibrium, and their ther­
modynamic properties are computed based on the 
temperature, pressure, and the overall equivalence ratio of the 
mixture. 

The instantaneous surface heat transfer, Q„(6), is de­
scribed by an equation of the form: 

Qw = hs{B) D Ai(e)[TtiO)-T„j] (1) 

where Tg{6) and hg (8) are the gas temperature and convective 
heat transfer coefficient, respectively, at crank angle 6; A, 
represents the surface areas of the cylinder head, piston, and 
liner; and Twi represents their corresponding time-averaged 
temperatures. At each crank angle the convective heat transfer 
coefficient is computed from an empirical correlation 
developed by Woschni [14]. This correlation is scaled (con­
stant multiplier) such that the computed final fuel-burned 
fraction is equal to a specified value which is estimated from 
exhaust-emissions measurements. 

The fraction of fuel burned in premixed combustion, and 
consequently the fraction of fuel burned in diffusion combus­
tion, was calculated from the computed heat-release history of 
the fuel. Because the definition of premixed burning from a 
heat-release history is somewhat arbitrary, in the present study 
premixed-fuel-burned fractions were computed using two 
definitions which are demonstrated in the schematics of Fig. 3. 
The first definition (see also Wade and Hunter [5]) implies 
that diffusion burning starts at the end of premixed burning, 
whereas the second definition implies that premixed and diffu­
sion burning occur concurrently. It is obvious that the amount 
of fuel burned in the premixed mode computed by method A 
would always be larger than that computed by method B. 
However, the question to be answered is whether the results of 
the two methods show similar trends when the influences of 
operational parameters of the engine on premixed combustion 
are examined. 
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Premixed-Combustion Characteristics 

With the other operating parameters held at their baseline 
values, the variations of the premixed fractions computed by 
methods A and B with engine speed, fuel-air ratio, and injec­
tion timing are shown in Fig. 4. The premixed fractions com­
puted by the two methods showed similar behaviors with 
changes in engine speed, fuel-air ratio, and injection timing. 
Because of this similarity and the somewhat arbitrary defini­
tion of the premixed mode of combustion, in the subsequent 
sections the premixed combustion was computed by method A 
only. This is also the method used by other investigators [5, 
10]. 

Figure 4 shows that the premixed-burned fraction increases 
with increasing engine speed, with decreasing fuel-air ratio, 
and with retarding injection timing. The premixed-burned 
fraction appears to be very sensitive to variations in fuel-air 
ratio and injection timing. This sensitivity increases with 
decreasing fuel-air ratio and retarding injection timing. In 
contrast, engine speed appears to have a moderate effect on 
the premixed-burned fraction. The premixed-burned fraction 
varies linearly with engine speed. 

To understand the above trends it may be instructive to ex­
amine the influence of the operating parameters of the engine 
on the mass of fuel that burns in the premixed mode of com­
bustion. Figure 5 shows the variations of the mass of 
premixed-burned fuel with engine speed, fuel-air ratio, and 
injection timing. For a constant fuel-air ratio and injection 
timing, the mass of premixed-burned fuel increased linearly 
with engine speed. For a constant engine speed and injection 
timing, the mass of premixed-burned fuel remained relatively 
unchanged with fuel-air ratio. Lastly, for a constant engine 
speed and fuel-air ratio, the mass of premixed-burned fuel in­
creased dramatically with retarded injection timing. 

The fact that the amount of fuel that burns in premixed 
combustion is not significantly affected by load is not entirely 
unexpected since the quantity of fuel injected during the 
ignition-delay period does not change significantly with load 
[15]. This is demonstrated in Fig. 6, which shows rate-of-
injection measurements for different rack positions. For a 
period of 10 crank-angle degrees during the initial period of 
injection, which corresponds to about the longest ignition-
delay period encountered in these tests, the rate-of-injection 
history appears to be essentially independent of rack position. 
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Fig. 6 Rate-of-injection histories for different rack positions [15] 

The above trends are also depicted for a speed of 1500 rpm 
in Fig. 7, which is a plot of the mass of premixed-burned fuel 
versus the mass of fuel injected. From these results one may 
make the following deductions on the factors that influence 
premixed burning in direct-injection diesel engines. The mass 
of fuel burned in the premixed mode of combustion (a) is 
essentially independent of the mass of fuel injected,1 (6) in­
creases with increasing mixing rate, which is believed to be the 
primary cause of the observed increase in the mass of 
premixed-burned fuel with increasing engine speed, and (c) in­
creases with increasing ignition-delay period, which is believed 
to be the primary cause of the observed increase in the mass of 
premixed-burned fuel with retarding injection timing. 

Figure 8 shows the mass of fuel burned in the premixed 
mode of combustion mPR as a function of the ignition-delay 
period 8ID. The ignition delay period is expressed in crank-
angle degrees, which is directly proportional to the product of 
engine speed N and ignition-delay time TID. 

In general, the mass of premixed-burned fuel increases with 
increasing ignition-delay period. With the exception of the 

This observation may be applicable only to engines with injection-system 
characteristics similar to those of the engine used in this study. 
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most retarded injection-timing condition = 0° BTDC) 
and of the highest engine-speed condition (N = 3300 rpm), the 
mass of premixed-burned fuel appears to vary linearly with the 
ignition-delay period. The straight line shown in Fig. 8 results 
from a linear regression of the data with an added condition 
that when the ignition-delay period is zero, the mass of 
premixed-burned fuel is zero. 

From the linear relationship between mPR and 6ID and from 
the experimental result that mPR is independent of the total 
mass of fuel injected mF, one may derive the following em­
pirical relationship for the fraction of premixed-burned fuel, 

/3 = 0.45 61D/mr, (2) 

where mF, the total mass of fuel injected, is expressed in units 
of mg, and 6ID, the ignition-delay period, is in crank-angle 
deg. 

Empirical equations for the fraction of premixed-burned 
fuel also were obtained by Watson and co-workers [3] and 
Miyamoto and co-workers [10]. 

Miyamoto and co-workers [10] developed heat-release cor­
relations (Wiebe functions) for the premixed and diffusion 
combustion using direct-injection and divided-chamber single-
cylinder four-stroke naturally aspirated diesel engines. They 
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Fig. 9 Comparisons of Watson's correlations with the correlation and 
data obtained in the present study 
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Fig. 10 Variations of the peak rate of heat release with engine speed, 
fuel-air ratio, and injection timing 

found that the mass of premixed-burned fuel varied linearly 
with the ignition-delay time for constant engine speed and that 
the mass of premixed-burned fuel increased with increasing 
engine speed for a fixed ignition-delay time. These results are 
generally in agreement with the results of the present investiga­
tion. Miyamoto and co-workers tested several fuel blends 
(diesel, rapeseed oil, palm oil, ethanol, and methanol) and 
found that the amount of premixed combustion correlated 
best with the amount of fuel injected during the ignition-delay 
period. For the DI engine their correlation may be reduced to 
the form: 

(3 = 0.50 y„ (3) 

Equation (3) states that 50 percent of the fuel injected dur­
ing the ignition-delay period in a direct-injection engine burns 
in the premixed mode. The corresponding number for a 
divided-chamber engine was 88 percent. The data for the 
direct-injection-engine were not well correlated by equation 
(3). In fact, a close examination of their data (see Fig. 10 of 
[10]) shows that for diesel fuel only, equation (3) is a poor cor-
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Table 2 Empirical constants of equation (2) 

Engine* 

1 
2 
3 

0.926 
0.950 
0.810 

0.37 
0.41 
0.28 

0.26 
0.28 
0.51 

•Watson et al. [3] gave little description of their three four-stroke 
direct-injection diesel engines. Engine 1 was a six-cylinder in-line 
diesel with inlet-port swirl generation. Engine 2 was a V-8 turbo-
charged and intercooled diesel. Engine 3 was a turbocharged and in-
tercooled diesel but much more highly rated than engines 1 and 2. 

relation of the data. In addition, Miyamoto and co-workers 
[10] expressed the amounts of premixed combustion in units 
of MJ/kmole, which when converted to appropriate mass 
units result in unrealistically large quantities of premixed-
burned fuel. 

Watsons's correlation is of the form 

|8=1 .0 - f lP ' (T / D ) - (4) 

where F i s the equivalence ratio. The values of the empirical 
constants a, n, and m for the three turbocharged four-stroke 
open-chamber diesel engines tested are shown in Table 2. 

Figure 9 shows a comparison of the correlations obtained by 
Watson et al. [3] for engines 1 and 3 with the data and correla­
tion (equation (2)) obtained in the present study. The two 
Watson correlations2 show large disagreements at high speeds 
and light loads. However, most distressing is the fact that both 
correlations predict a decrease in the premixed-burned frac­
tion with increasing engine speed, which contradicts the find­
ings of this study and of Miyamoto and co-workers [10]. 

The influence of fuel-air ratio, engine speed, and injection 
timing on the peak rate of heat release due to premixed burn­
ing is shown in Fig. 10. The peak rate of heat release increases 
with increasing engine speed and decreasing fuel-air ratio; the 
relationship between this rate and injection timing exhibits a 
minimum for an injection timing of 3° BTDC. 

Influence of Premixed Burning on Emissions 

As stated in the Introduction, Wade and co-workers [5, 6] 
have suggested that premixed burning in diesel engines strong­
ly influences the hydrocarbon (HC) and oxides of nitrogen 
(NOx) emissions. Both HC and NOx emissions were found to 
increase with increasing premixed-burned fraction. 

Considering first the hydrocarbon emissions, Fig. 11 shows 
the emission index of hydrocarbons, EIHC, versus the 
premixed-burned fraction (3 for the various operational condi­
tions examined. Increasing the load (while keeping injection 
timing and engine speed constant) decreased both EIHC and 
/3. Increasing the engine speed increased /3 and produced a 
minimum EIHC in the midspeed range. Retarding the injec­
tion timing had little effect on EIHC but increased the 
premixed-burned fraction dramatically. 

The above results suggest that, in contrast to the findings of 
Wade and Hunter [5], hydrocarbon emissions do not correlate 
well with the premixed-burned fraction. This is not too sur­
prising, however, because a number of investigators [16-19] 
showed that there are several sources of hydrocarbon emis­
sions from diesel engines. These sources are: (a) air-fuel mix­
ing beyond the limit of combustion during the ignition-delay 
period, (b) fuel emptying from the volume of the injector sac, 
(c) bulk quenching of both flame and oxidizing nonflame reac­
tions, (d) wall quenching of the flame reactions, and (e) 

2Watson's correlation for engine 2 is not presented because it was found to be 
in close agreement with the correlation for engine 1 for the present test 
conditions. 
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lubricating oil sources. For example, Alkidas [19] found that 
bulk quenching and lubricating oil were the primary sources of 
HC emissions from a divided-chamber diesel engine. Mixing 
beyond the lean limit of combustion during the ignition-delay 
period and wall quenching were secondary sources of HC 
emissions. 

Considering next the nitric oxide emissions, Fig. 12 shows 
the emission index of nitric oxide, EINO, versus the premixed-
burned fraction, /3, for the various operational conditions ex­
amined. Increasing the load (while keeping other parameters 
constant) decreased /3, but EINO typically (see, e.g. [20]) in­
creased at light loads, reaching a maximum, and then de­
creased. In comparison to /3, however, the variation of EINO 
with load was not large (less than about 10 percent). Increas­
ing the engine speed increased /3 and produced a peak in EINO 
in the mid-speed range. Retarding the injection timing 
decreased EINO while /3 was increased. 
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The results of Fig. 12, which show that the nitric oxide emis­
sions generally decreased with increasing premixed-burned 
fraction, suggest that, in contrast to the contentions of Wade 
and co-workers [5, 6], diffusion burning rather than premixed 
burning is the principal source of nitric oxide emissions in 
diesel engines. 

Closure 

The fraction of fuel burned in premixed combustion in the 
small high-speed direct-injection diesel engine used in this in­
vestigation may be computed with the aid of the established 
empirical equation (2). In general, the premixed-burned frac­
tion may be expected to be linearly related to the product of 
engine speed and ignition-delay time and to be inversely pro­
portional to the amount of fuel injected in the cylinder. 
However, equation (2) may not be directly applicable to other 
direct-injection engines because the amount of fuel burned in 
premixed combustion may be affected by several parameters 
which are characteristic of a particular engine-combustion 
system. In addition to the combustion-chamber-geometry 
parameters, other important parameters are air swirl, rate of 
fuel injection, and number of injector holes [4]. The amount 
of fuel burned in premixed combustion is expected to increase 
with increasing air swirl, increasing rate of fuel injection and 
increasing number of injector holes. 

Conclusions 

The following conclusions are based on results of this in­
vestigation, which was performed on a small single-cylinder 
high-speed direct-injection diesel engine: 

1 The mass of fuel burned in the premixed mode of com­
bustion was found to be essentially independent of the mass of 
fuel injected and, in general, to increase linearly with the prod­
uct of engine speed and ignition-delay time. 

2 In agreement with the above observations, the fraction 
of fuel burned in premixed combustion (premixed-burned 
fraction) increased with increasing engine speed, with decreas­
ing fuel-air ratio, and with retarding injection timing. 

3 The hydrocarbon emissions did not correlate well with 
the premixed-burned fraction. This indicates that air-fuel 
mixing beyond the lean limit of combustion during the 
ignition-delay period may not be a major source of hydrocar­
bon emissions in this engine. 

4 The nitric oxide emissions were found to increase with 
decreasing premixed-burned fraction. This indicates that dif­
fusion burning, rather than premixed burning, may be the 
primary source of oxides of nitrogen emissions. 
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Heat Release Studies in a Divided-
Chamber Diesel Engine 
The influences of operational parameters on the heat release and heat transfer 
characteristics of a divided-chamber diesel engine were examined. Increasing the 
fuel-air ratio increased the heat release rate, as expected, and increased the duration 
of combustion. Near the beginning and end of combustion the mass-burned rate was 
found to increase in direct proportion to an increase of engine speed. In contrast, in 
the central part of the combustion duration, the mass-burned rate was found to in­
crease at a higher rate than engine speed. For motored conditions, the computed 
area-averaged heat-flux histories were found to be in reasonable agreement with the 
corresponding measured local heat-flux histories. 

Introduction 

Diesel engine combustion is an exceedingly complex 
phenomenon which involves the burning of a high-pressure 
transient liquid-fuel spray in an unsteady turbulent flow which 
is confined by the walls of a combustion chamber whose 
geometry is generally complex and varies with time. The com­
bustion process is characterized by the nonhomogeneous fuel 
distribution in the combustion chamber and by the strong in­
fluence of air-fuel mixing [1, 2]. 

In view of the above, it is not surprising that detailed model­
ing of diesel engine combustion is in its infant stage, although 
research activity in this area has substantially increased [3]. 
Presently most modeling studies of diesel combustion use 
engine heat release and simulation analyses, which in general 
require either pressure-time data or an empirical burning-rate 
history. The simulation analyses, despite their limitations, are 
well suited for parametric studies [2]. 

The present investigation utilized a heat release analysis in 
conjunction with heat-flux measurements to analyze details of 
the combustion processes and to examine the influence of 
operational parameters (engine speed, fuel-air ratio, and com­
bustion timing) on the combustion processes in a divided-
chamber diesel engine. This type of diesel engine provided the 
added complication that combustion occurs in two chambers, 
the antechamber and the main chamber, which are separated 
by a short, narrow connecting passage. 

Heat release studies in divided-chamber diesel engines have 
been performed by several investigators [4-13]. Of these in­
vestigators, Hey wood and co-workers [12] used a stochastic 
mixing model, and Leone et al. [10] used a simple air-
entrainment model to simulate combustion in the two 
chambers of the engines. The accuracy of these simulation 
analyses is limited by the accuracy with which all the physical 
and chemical processes are modeled. In contrast, both Anisits 
[6] and Watson and Kamel [7, 8] utilized measured pressure 
histories in the main chamber and antechamber to compute 
the heat release rates in the individual chambers. However, 

because of the small difference in pressures in the two 
chambers, these analyses require tedious matching of the two 
pressure transducers, and often the required accuracy of the 
measurement is beyond the capability of the available pressure 
transducers. To circumvent this problem Terada [9, 11] used 
measured main-chamber pressures and ionization 
measurements in the connecting passage to compute the heat 
release rates in the two chambers. 

In this study the heat release analysis used was a single-zone 
single-chamber thermodynamic analysis based on main-
chamber pressure-time data. The computed heat release rate is 
an overall rate in which no distinction is made between the two 
separate combustion chambers. Single-chamber heat release 
analyses of divided-chamber diesel engines were also per­
formed by Bowden et al. [4] and Kort et al. [13]. The heat 
release analysis of Kort and co-workers [13] utilized main-
chamber and antechamber pressure-time data as input. 
However, the calculated rate of heat release included the effect 
of surface heat transfer. 

Apparatus and Diagnostics 

Engine. The engine used in this study was an experimental 
single-cylinder divided-chamber diesel engine whose principal 
specifications are summarized in Table 1. The cylinder head of 
the engine was instrumented with three surface heat-flux 
probes and a pressure transducer. Two of the surface heat-flux 
probes, designated TM1 and TM2, were located in the main 
chamber. The other probe, designated TS1, was located in the 
antechamber. The locations of these probes relative to the 
valves, cylinder, and antechamber are shown in Fig. 1. 

The fuel injector was instrumented to monitor the poppet-
lift profile. The glow plug was replaced with a luminosity sen­
sor, of the same external geometry, to detect the start of com­
bustion. The sensing element of the luminosity sensor was a 
photodiode. 
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Pressure Measurements. The main-chamber pressure 
history was measured using a water-cooled piezoelectric 
pressure transducer. At each test condition, the pressure was 
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Table 1 Engine specifications 

Antechamber: double-throat swirl chamber 
Bore, mm 
Stroke, mm 
Connecting rod length, mm 
Displacement, L 
Antechamber volume, L 
Compression ratio 

Intake valve opens, CA 
Intake valve closes, CA 
Exhaust valve opens, CA 
Exhaust valve closes, CA 

Injection system: 

103.0 
85.6 

223.5 
0.718 
0.0147 
19.2:1 

6BTC 
38 ABC 
64 BBC 
17 ATC 

Rotary pump 
Poppet injector (opening pressure = 7.9 MPa) 

recorded at each crank angle (CA) for 96 consecutive cycles. 
From these data the average pressures were calculated, 
together with the corresponding standard deviations at each 
CA. 

Surface Heat-Flux Measurements. The heat-flux probes 
were modified fast-response surface thermocouples of the 
Bendersky type having a second thermocouple placed at a 
known distance from the tip of the probe [14]. The surface 
temperatures at locations TM1, TM2, and TS1 were recorded, 
simultaneously with main-chamber pressure, at each crank 
angle for 96 consecutive cycles. From these data the local 
average surface-temperature histories were computed and 
used to calculate the corresponding local heat-flux histories. 

The surface heat flux may be separated into two com­
ponents: the steady-state and the unsteady components. The 
steady-state component was evaluated from the time-averaged 
temperature difference between the surface thermocouple and 
the second, in-depth thermocouple. The unsteady component 
was evaluated from the measured cyclic surface-temperature 
variation. This method is described in several studies [15, 16]. 
Briefly, the measured cyclic surface-temperature variation is 
represented by a Fourier series of sine and cosine terms. The 
surface heat flux is derived from the solution of the one-
dimensional unsteady heat-conduction problem with a 
surface-temperature boundary condition described by the 
above harmonic analysis of the measured surface-temperature 
history. 

Heat-Release Analysis. The analytical model is a single-
chamber single-zone model, similar to that developed by 
Krieger and Borman [17], that utilizes the main-chamber 
pressure history and an estimation of the trapped mass in the 
combustion chamber to calculate the heat release history of 
the fuel. Thermodynamic equilibrium and ideal gas behavior 
are assumed at all times. At any instant, the control volume 
contains a homogeneous mixture of air and combustion 
products. Thus the fuel is assumed to be introduced into the 
chamber at the same rate as it is burned, and the combustion 
process is uniformly distributed. The property calculations are 
based on the temperature, pressure, and equivalence ratio. For 
negligible dissociation of the products the rate of heat release 
QHR may be approximated by 

„ dm,, 
QHR=~<AHQ) (1) 

where dmb/dt is the fuel mass-burned rate and AH0 is the 
lower heating value of the fuel. A quantity used in this study is 
the specific mass-burned rate of fuel per unit crank-angle 
degree 6. This is defined as 

_L ^L = J_ ( d m b \ (^_\ m 
mf d6 mf\ dt ) \ N ) ( ' 

where mf is the total mass of fuel injected per cycle and N is 
the engine speed in rpm. 
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Fig. 1 Locations of heat-flux probes on the cylinder head 

The instantaneous surface heat transfer Qw(t) is described 
by an equation of the form 

Q„(0 = E VM/Wt^W - TVil) (3) 

where Tg(t) and hg(t) are the gas temperature and convective 
heat transfer coefficients, respectively, at time t; At represents 
the surface areas of the various regions of the combustion 
chamber; and Twj represents the corresponding time-averaged 
temperatures of these regions. 

The heat transfer coefficient is given by 

hg=c(hg)w (4) 

where (hg)„ is the Woschni convective heat transfer coefficient 
[18] and c is a constant multiplier whose value is adjusted at 
each engine condition such that the computed final fuel-
burned fraction is equal to a specified value. 

Test Conditions. The engine tests were performed with 
diesel fuel No. 2 for a range of engine speed (1000-2500 rpm), 
fuel-air ratio (0.000 to 0.040), and start of combustion (0 to 10 
deg ATDC). Unless otherwise specified, the start of combus­
tion was fixed at TDC. The intake air was maintained at am­
bient pressure and at a temperature of 35 °C. In addition, for 
all tests the coolant temperature (82 °C), oil temperature 
(82°C), and fuel temperature at the pump entry (35°C) were 
maintained at fixed values. 

Results and Discussion 

Heat Release Characteristics. Figure 2 shows measured 
main-chamber pressure histories and corresponding calculated 
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Fig. 2 Variations of pressure and temperature histories with fuel-air 
ratio 

average gas-temperature histories for various fuel-air ratios at 
1000 rpm and TDC combustion timing. Increasing the fuel-air 
ratio resulted not only in an increase in peak pressure, but also 
a broadening of the pressure history. The computed average 
gas temperatures increased significantly with increasing 
fuel-air ratio during the period of combustion because of the 
resultant increase in the amount of fuel burned per cycle. It 
must be noted that the computed gas temperatures are com­
paratively low because they represented spatially averaged 
quantities due to the assumption of spatially uniform 
combustion. 

The influence of fuel-air ratio on the heat release history of 
the engine is demonstrated in Fig. 3. The upper graph shows 
heat release-rate histories for various fuel-air ratios, and the 
lower graph shows the corresponding computed combustion-
chamber heat transfer-rate histories. In general, increasing the 
fuel-air ratio (by increasing the amount of fuel injected per cy­
cle) increased the instantaneous heat release rate, as expected, 
because of the greater amount of fuel that burns during each 
time increment. The exception was at the beginning of heat 
release, where the initial rate of heat release appears to be 
essentially independent of fuel-air ratio. This has also been 
observed by Kort et al. [13]. At the bottom of Fig. 3 the 
observed increase in the calculated-heat transfer rate with in­
creasing fuel-air ratio is caused primarily by the higher gas 
temperatures. Although radiation was not accounted for in 
the present analysis, an increase in combustion-chamber heat 
transfer rate with load is also caused by the augmented radia­
tion heat transfer due to the resulting higher concentration of 
soot in the combustion chamber [19, 20]. 

Figure 4 shows the variations of injection duration and 
combustion duration with fuel-air ratio. The injection dura­
tion was obtained from poppet-lift profiles of the in­
strumented injector. The start of combustion was detected by 
a luminosity sensor. The end of combustion was defined as the 
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Fig. 3 The influence of fuel-air ratio on the rates of heat release and 
heat transfer 
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crank angle corresponding to a mass-burned fraction of 0.90.' 
Increasing the fuel-air ratio, or more precisely the fuel per cy­
cle, resulted in an approximately linear increase of the period 
of injection, whereas it caused a much more drastic increase in 
the duration of combustion. 

The beginning and end of combustion, and consequently the duration of 
combustion, are parameters that require arbitrary definitions. 
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5 The influence of engine speed on the rates of heat release and 
transfer 

The influences of engine speed on the heat release-rate 
histories and calculated heat transfer-rate histories of the 
engine for a fuel-air ratio of 0.022 at various engine speeds 
and combustion timing at TDC are shown in Fig. 5. Increasing 
the engine speed generally increased the heat release rate 
because of the higher mixing rate achieved and increased the 
heat transfer rate primarily because of the resulting higher 
flow velocities, which augmented the convective heat transfer 
coefficient. The heat transfer rates may also be enhanced by 
the higher gas-temperature levels achieved at higher engine 
speeds. 

Perhaps a more interesting presentation of the influence of 
engine speed on the heat release characteristics of the engine is 
provided by Fig. 6, which is a plot of the specific mass-burned-
rate histories for various engine speeds. From Fig. 6, the initial 
stages and final stages of the specific mass-burned-rate history 
appear to be relatively insensitive to engine speed, whereas in 
the central stage, the peak values of the specific mass-burned 
rate increase with increasing engine speed. This suggests that 
during the initial and final stages of combustion the burning 
rate, and consequently the mixing rate, increased in propor­
tion to engine speed. In the central region, however, the in­
crease in magnitude of the specific mass-burned rate with 
engine speed suggests that higher speeds cause proportionally 
better dispersion of the fuel-rich regions through better 
mixing. 

It appears in Fig. 6, as it did in Fig. 5, that the duration of 
combustion expressed in crank-angle degrees was not 
significantly influenced by engine speed. However, if one ar­
bitrarily defines the end of combustion as the crank angle at 
which 90 percent of the fuel is burned (as in Fig. 4), then, as 
shown in Fig. 7, the duration of combustion in crank-angle 
degrees appears to decrease somewhat with increasing engine 
speed. This seeming anomaly is, in fact, consistent with Fig. 6, 
close inspection of which reveals that the high peak values at 
high speeds are balanced by subsequent lower values of 
specific mass-burned rate. 

The influence of combustion timing on the heat release-rate 

0.07 

0.06 

0.01 

325 350 375 400 425 450 475 

CRANK ANGLE-DEGREES 

Fig. 6 The influence of engine speed on the specific mass-burned-rate 
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Fig. 7 The variations of injection duration, ignition delay, and combus­
tion duration with engine speed 

history and calculated heat transfer-rate history of the engine 
is shown in Fig. 8 for an engine speed of 1000 rpm and a 
fuel-air ratio of 0.022. Retarding the combustion timing 
delayed the combustion schedule of the fuel, as expected. 
Retarding the combustion timing from 0 to 5 deg ATDC 
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slightly decreased the peak value of mass-burned rate, whereas 
a further retarding of the combustion timing to 10 deg ATDC 
restored the original peak value of the mass-burned rate. In 
contrast, the peak heat transfer rate decreased with 
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Fig. 10 Measured local surface heat-flux histories and corresponding 
computed area-averaged heat-flux histories for two fuel-air ratios 

combustion-timing retard because of the lower pressure and 
temperature levels during the combustion period. 

The variations of the measured injection duration and 
calculated combustion duration (to 90 percent mass burned) 
with changes in combustion timing are shown in Fig. 9. The 
combustion duration appears to become progressively longer 
when retarding combustion timing beyond TDC. This is at­
tributed to lower pressure and temperature levels, as well as to 
the reduction in mixing rate because of lower flow velocities 
later after TDC. On the other hand, both the injection dura­
tion and ignition-delay period appear not to be influenced 
significantly by combustion timing within the range of com­
bustion timings examined. This is probably because, with the 
ignition delay period so close to TDC at all timings in­
vestigated, cylinder-gas temperature was insensitive to injec­
tion timing. 

Measured Heat Transfer Characteristics. Figure 10 shows 
the measured local heat-flux histories at locations TMl and 
TM2 in the main chamber and at location TSl in the 
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antechamber for fuel-air ratios of 0.022 and of 0.000 
(motored condition). These data were obtained for an engine 
speed of 1000 rpm, and for a combustion timing of TDC in the 
fired case. Also shown in Fig. 10 are the corresponding area-
averaged heat-flux histories obtained from the heat release 
analysis. 

For the motored condition (lower plot), the measured heat-
flux histories peaked near TDC (360 deg). The heat fluxes are 
highest at location TS1, because of the high swirl flows present 
in the antechamber, followed by the heat fluxes at TM1 and 
TM2. The computed area-averaged heat-flux history appears 
to be in reasonably good agreement (overall shape and 
magnitude) with the local heat-flux measurements. 

For the fired condition (upper plot), the heat-flux histories 
appear to be double peaked. The first peak, which in general is 
lower in magnitude, occurs near TDC and is due to compres­
sion. In agreement with the motored data, the peak heat flux 
due to compression was highest at TS1, followed by TM1 and 
TM2. The second peak, which occurs later in the cycle and is 
strongly dependent on location, is caused by combustion. The 
peak heat flux due to combustion was highest at TM1, fol­
lowed by TS1 and TM2. The location of TM1 is between the 
valves and in line with the throat of the antechamber; 
therefore it experiences the convective action of the hot com­
bustion gases exiting the antechamber during the early stages 
of the expansion stroke. 

The comparison of the local heat-flux measurements with 
the corresponding calculated area-averaged values clearly 
demonstrates that for fired conditions, because the local heat-
flux measurements are strongly influenced by combustion 
which is spatially nonuniform, a meaningful comparison of 
local heat-flux measurements with computed area-averaged 
heat fluxes is not possible. 

Some insight concerning the relative magnitudes of the heat 
release in the two chambers may be gained by considering Fig. 
11. This shows the variations of the measured local heat-flux 
histories at locations TS1 and TM2 with changes in the com­
bustion timing for an engine speed of 1000 rpm and a fuel-air 
ratio of 0.022. At the TS1 location in the antechamber, retard­
ing the combustion timing ATDC significantly decreased the 
peak heat flux due to combustion. In contrast, at the TM2 
location in the main chamber, the peak heat flux due to com­
bustion increased with retarded combustion timing. These 
observations indicate that as the combustion timing is retarded 
ATDC, a proportionally larger amount of unburned fuel 
enters the main chamber, where it mixes and burns. 

Closure 

In the present study, a heat release analysis and local surface 
heat-flux measurements were employed to examine in some 
detail the combustion process in a divided-chamber diesel 
engine. The heat release model was a single-zone single-
chamber thermodynamic model that utilized measured main-
chamber pressure histories and the amount of trapped mass in 
the chamber as inputs. Although the model is incapable of 
distinguishing combustion in the individual chambers of the 
divided-chamber diesel engine, it provided useful quantitative 
information with regard to the overall characteristics of the 
combustion process of the engine. Utilizing this analytical 
model, the influences of engine speed, fuel-air ratio, and com­
bustion timing on ignition delay, combustion duration, and 
the fuel mass-burning rate were examined. 

The heat-flux measurements in the main chamber and 
antechamber of the engine provided additional insight on the 
fluid motion and combustion in the two chambers. For exam­
ple, the relative magnitude of the heat flux in the antechamber 
during motored operation of the engine indicated the strong 
air swirl generated in the antechamber of the engine. Addi­
tionally, the observed variations of the heat-flux histories in 
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Fig. 11 Variations of the heat-flux histories at locations TS1 and TM1 
with combustion timing 

the two chambers with changes in the combustion timing pro­
vided information on how the fuel-mass-burned distribution 
in the two chambers varied with combustion timing. 

In closing one should observe that more detailed informa­
tion may be obtained by employing one of the recently 
developed two-chamber heat-release models [6, 7]. Unfor­
tunately, however, these models appear to be very sensitive to 
the accuracy of the measured pressure difference between the 
two chambers, since this difference controls the mass flow be­
tween the two chambers. Unlike the engines used to validate 
these models, the engine used in this study has a relatively 
large-area antechamber throat, and consequently the pressure 
differences between the two chambers are relatively small. 
This makes any heat release histories obtained by the two-
chamber model suspect. 
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Conclusions 

This study was conducted on an experimental single-
cylinder divided-chamber diesel engine. The engine 
parameters examined were engine speed (1000 to 2400 rpm), 
fuel-air ratio (0.000 to 0.040), and start of combustion (0 to 10 
deg ATDC). Based on the results of this investigation, the 
following conclusions were reached: 

1 Increasing the fuel-air ratio increased the duration of 
combustion (0 to 90 percent mass-burned fraction) and, in 
general, the instantaneous fuel-mass-burned rate (which is 
linearly related to heat release rate). The exception was the 
initial mass-burned rate, which was found to be essentially in­
dependent of fuel-air ratio. 

2 Increasing the engine speed increased the fuel-mass-
burned rate as expected. Near the beginning and end of com­
bustion the mass-burned rate increased in direct proportion to 
engine speed. In the central part of the combustion duration, 
the mass-burned rate was found to increase at a higher rate 
than engine speed. As a consequence of this, the combustion 
duration to 90 percent completion, expressed in crank-angle 
degrees, decreased somewhat with increasing engine speed. 

3 Retarding the combustion timing (start of combustion) 
after TDC significantly increased the combustion duration to 
90 percent mass burned. 

4 For motored conditions, comparison of computed area-
averaged heat fluxes and measured local heat fluxes showed 
good agreement. For fired conditions, because local heat 
fluxes are strongly influenced by combustion, which is spa­
tially nonuniform, a meaningful comparison of local heat-flux 
measurements with area-averaged heat fluxes computed from 
a heat release model was not possible. 

5 Heat-flux measurements in the main chamber and 
antechamber of the engine suggested that as the combustion 
timing was retarded ATDC, progressively more fuel burned in 
the main chamber. 
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Adapting the Heat and Mass 
Transfer Analogy to Model 
Performance of Automotive 
Catalytic Converters 

J. R. Mondt C/ri/jg theory for mass transfer of a diffusing specie with very low concentration, 
Enqine Research Department rate e<Juations and a mass-balance equation can be combined to derive a differential 

General Motors Research Laboratories! equation for mass transfer in an automotive catalytic converter. A closed-form solu-
Warren, Ml 48090-9055 tion to this equation shows conversion efficiency to be a function of the dimen-

sionless size of the converter, or the number of transfer units, Ntum. This mass-
transfer-limited analysis does not include catalyst kinetics; hence it is limited to fully 
warm, fresh catalyst performance. However, a technique is developed to model 
lightoff of a catalytic converter by combining convective heat transfer when warm­
ing up with mass-transfer-limited conversion when fully warm. Realistic assessment 
of the merit of a catalytic converter must also include the influence of size and shape 
on flow pressure drop. Accordingly the size and shape of square-cell monoliths and 
packed-sphere bead beds are correlated with both conversion performance and 
pressure drop. Applications of these correlations are shown to compare realistically 
the size versus performance characteristic of monoliths with that for bead beds, in 
spite of drastically different flow patterns for the two converters. Model predictions 
are confirmed by engine-dynamometer and vehicle test results. 

Introduction 

Since the mid-1960s, spark-ignition engines and emission-
control systems have changed markedly to meet specific emis­
sions requirements set forth by Federal regulations, as shown 
in Fig. 1. Stringent emission levels legislated for 1975 were met 
by installing catalytic converters on all GM passenger cars [1]. 

Although catalyst technology was well developed for the 
chemical and petrochemical industries, adapting this 
technology to automobiles posed several new challenges. Size, 
shape, and mass limitations for a practical vehicle installation 
posed new challenges for the designed catalytic converters. 
Rapidly varying inlet conditions to the converter and the re­
quirement that a catalyst must be heated before it is effective 
influenced the design of automotive catalytic converters. 

Modeling the performance of an automotive catalytic con­
verter [2] is further complicated by the many alternative 
geometries [3, 4] that could be used as substrates to support 
catalyst metals. These substrates can be broadly categorized as 
either monoliths or bead beds. 

"Monolith" identifies a substrate which contains an array 
of parallel continuous flow channels of square, triangular, or 
hexagonal shape. Regardless of flow-channel shape, the small 
passages of a typical automotive monolithic converter cause 
the flow to be laminar, so the velocity profiles are established 

Contributed by the Heat Transfer Division and the Internal Combustion 
Engines Division and presented at the ASME Winter Annual Meeting, Miami 
Beach, Florida, November 17-21, 1985. Manuscript received at ASME Head­
quarters May 19, 1986. Paper No. 85-WA/HT-33. 

by viscous shear forces. As shown m Fig. 2, these velocity pro­
files are developed in the entrance region of a monolith, where 
thin boundary layers can significantly augment heat and mass 
transfer. Augmented heat or mass transfer is accompanied by 
augmented pressure' drop required to develop the velocity 
profiles. 

A "bead bed" identifies an aggregation of small pellets, 
either spheres or cylindrical extrudates, retained by a per­
forated grid at both the inlet and outlet faces. Flow through a 
bead bed follows a tortuous path, shown in Fig. 3, where eddy 
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Fig. 1 Legislated tailpipe emission levels for unburned hydrocarbons 
(HC) and carbon monoxide (CO) in the USA 
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Fig. 2 Developing flow in a monolith 

and momentum forces make boundary layers very thin. These 
thin boundary layers result in high heat transfer and mass 
transfer but with very high flow pressure drop. 

To compare performance of monoliths with that for bead 
beds, mass-transfer-limited models were developed to 
calculate tradeoffs of conversion efficiency, pressure drop, 
and overall size and shape. Use of mass-transfer-limited 
models simplifies modeling by excluding any limitation to con­
version performance because of kinetics for the chemical reac­
tions [2-5]. By excluding kinetics, these models calculate an 
upper limit for attainable conversion efficiency, or perfor­
mance of a fresh catalyst. Other models have been reported to 
address aging and poisoning of catalysts [6]. 

For modeling catalyst activity on a vehicle, the temperature 
level establishes three regimes: 

1 Warmup to initiate catalyst lightoff 
2 Continued heating until all the catalyst is above the 

lightoff temperature 
3 Fully warm operation 

FLOW 

Fig. 3 Bead-bed flow schematic 
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Fig. 4 Lightoff for a typical catalyst 

These three temperature regimes are experienced by a 
catalytic converter for every cold start of an automobile. Im­
mediately following startup of an engine, exhaust gases pass­
ing through the converter begin heating the substrate by 
forced convection. Some time elapses after the engine is 

Nomenclature 

p 
C 
D 
f 

A = surface area exposed to gas 
flow fn = 

Ajr = frontal area 
Ag = augmentation factor for ' M = 

developing boundary layer 
c = specific heat of solid n = 

specific heat of fluid Ntum = 
constant 
Fick's diffusion coefficient Nu = 
friction factor p = 

g = variable mass-transfer Re = 
coefficient Sc = 

g = mean mass-transfer coeffi- Sh = 
cient over a prescribed flow st = 
length q -

G = flow mass velocity 
gc = gravitational constant rh = 
h - heat transfer coefficient for 

convection j — 
j = convection factor for a bead y -

bed Vol = 
kex = thermal conductivity of ex- vv = 

haust gas x = 
Kc = contraction coefficient x+ = 
Ke = expansion coefficient 
L = flow length y = 
m = mass concentration of specie a = 

in a gas stream 

mass-transfer flux by 
convection 
mass flow rate of specie in a 
gas stream 
exponent constant 
number of mass-transfer 
units 
Nusselt number 
pressure 
Reynolds number 
Schmidt number 
Sherwood number 
Stanton number 
heat transfer flux by 
convection 
hydraulic radius of substrate 
matrix 
temperature 
exhaust gas velocity 
volume of substrate matrix 
exhaust-gas mass flow rate 
flow direction 
dimensionless developing-
flow parameter 
direction normal to the wall 
porosity, void fraction of 
substrate matrix 

(3 

V 
/* 
f 
p 

T50 

Subscri 

a 
A 
J 

m 
h 

M 
B 

ex 
diff 

1,2,3 
s 
f 
g 
0 
A 
0 0 

= 

= 
= 
= 
= 

pts 

= 
= 
= 
= 
= 
= 
= 
= 
= 
= 
= 
= 
= 
= 
= 
= 

area density, surface area per 
volume of substrate matrix 
conversion efficiency 
dynamic viscosity 
dummy variable 
fluid density 
time delay until conversion 
efficiency = 50 percent 

and Symbols 

ambient 
difference 
specie 
mass transfer 
heat transfer 
monolith 
bead bed 
exhaust 
diffusion 
different constants 
solid 
flow friction 
exhaust gas 
wall 
defining 
free stream 
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Fig. 5 Mass-transfer-limited conversion efficiency 

started until the substrate and catalyst are hot enough to pro­
mote chemical reactions. As shown in Fig. 4, significant 
catalytic activity can be expected for a typical, fresh oxidizing 
catalyst only after the temperature reaches approximately 
290 °C. This threshold temperature for a converter to become 
active is termed "lightoff" temperature. 

As soon as the leading edge of the substrate attains a 
temperature above lightoff, the second temperature regime 
begins and catalyst activity starts. Exothermic reactions that 
are promoted by any fraction of a catalytic converter that is 
above lightoff temperature can augment substrate heating, 
although the contribution to substrate heating from chemical 
reactions is small for normal engine operation. The second 
temperature regime terminates when the lightoff temperature 
wave propagates to the exit face of the substrate. 

The final temperature regime occurs most of the operating 
time, when all of the catalyst has been heated to a temperature 
higher than lightoff. Then for fresh catalysts, convective mass 
transport limits conversion efficiency. For mass-transfer-
limited conversion, adequate quantities of chemical species 
must be available to complete the reactions, such as adequate 
oxygen in the exhaust stream to oxidize unburned hydrocar­
bons and carbon monoxide. Thus, mass-transfer-limited 
theory has been successfully applied only to oxidizing 
converters. 

Heat and Mass-Transfer Analogy 

Exhaust gas flowing into an automotive catalytic converter 
normally contains reactants at very dilute concentrations of 
less than 0.1 percent by volume. These low concentrations per­
mit simplified solutions for diffusion mass transfer based on 
Fick's Law [7], which is analogous to Fourier's Law for con­
duction heat transfer [8]. 

Heat Transfer: 

Mass Transfer: 

<-£•) dy /y=o 

/dm,\ 
m dy /y=o 

(1) 

(2) 

For either convective transfer process, rate equations define 
the heat transfer coefficient h and mass-transfer coefficient g 
as follows: 

Heat Transfer: 

Mass Transfer: 

q"=h(Tg-T0) 

mf=gj(mJta>-mjfi) 

(3) 

(4) 

The convective mass-transfer rate equation (4) can be com­
bined with a constituent balance 

where 

MjY - Mj2 = dnijW 

• ( dm; \ 
Mjil = w\mJl+-^-dx) 

(5) 

(6) 

(7) 

To derive an equation for mass transfer from the exhaust gas 
to the surface of a substrate in a catalytic converter 

g 
dm, = r- (W2: „ -m, 0 )dA 

Rearranging equation (8) and integrating: 

f mj,. dm. 

>j,i (mj-mJi0) - i ; g dA 

m <JA -m 'j,2 
= e -gA/w 

"lj,l~"'j,0 

Defining the number of mass-transfer units by 

Ntu„ 
§A_ 

w 

and the conversion efficiency by 

^ - "j.i -m li,i 
"j.i nj,o 

it follows that 

i, = l-

(8) 

(9) 

(10) 

(11) 

(12) 

(13) 

In equation (13) the parameter Ntu,„ indicates the dimen-
sionless size of a catalytic converter. This parameter has been 
used to size catalytic converters for chemical plants [7] and 
compact heat exchangers for many heat transfer processes [9]. 

Conversion efficiency for a warmed-up converter that is 
mass-transfer limited, from equation (13), is graphed versus 
Ntu,„ in Fig. 5, showing efficiency increasing at a decreasing 
rate as Ntum increases. Regardless of substrate type or 
geometry - monolith, bead bed, packed screen, or porous 
mesh - a specific Ntu„, defines a specific conversion 
efficiency. 

Monolith Catalyst Supports 

Modeling of convective transport in monoliths is logically 
subdivided according to whether the flow is fully developed 
laminar flow or developing flow. 

Fully Developed Laminar Flow. For fully developed 
laminar flow, velocity, temperature, and reactant profiles re­
main invariant with flow length. Closed-form solutions 
describe either the heat transfer or mass-transfer convective 
processes. 

Heat Transfer [10]: 

Nu = C, 

Mass Transfer [7\: 

Sh = C, = 

K4rh) 

g(4rh) 

pD 

(14) 

(15) 

In equation (14), Nu is the Nusselt number, which contains 
the heat transfer coefficient h. In equation (15), Sh is the Sher­
wood number, which contains the mass-transfer coefficient g. 
In both equation (14) and equation (15), the constant C has 
the same value, depending only on the shape of the flow 
passage. 
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Fig. 6 Correlation of experimental friction factor f and Coiburn factory 
for an infinite randomly stacked sphere bed [9] (porosity varies from 0.37 
to 0.39) 

By combining equation (11) with equation (15), the Ntu 
for a monolith can be derived using A = /3«Vol 

, . __ , [pDSh] 
( N t u J M V w / /3-

4r„ 
(16) 

Equation (16) shows that conversion efficiency is directly 
proportional to the volume of the monolith but independent 
of the arrangement of that volume into frontal area and flow 
length. This allows the designer flexibility to package 
monolith volume into a variety of shapes with the same fully 
warm conversion performance, as long as flow is distributed 
uniformly across the frontal area of the monolith. 

Developing Laminar Flow. A thinner boundary layer in the 
entrance region of monoliths, shown schematically in Fig. 2, 
augments both convective heat transfer and mass transfer. 
Closed-form solutions have been derived to correlate heat 
transfer and mass-transfer augmentation in the entrance 
region of flow passages of a variety of cross sections using x% 
and xi,: 

Heat Transfer [8]: 

Mass Transfer [7]: 

L/4rh 

RePr 

L/4rh 

ReSc 

(17) 

(18) 

In equations (17) and (18), Prandtl and Schmidt numbers 
are explicit in the derivation; thus there are no limitations for 
using these correlations for either heat transfer or mass 
transfer. Similarly in the entrance region, augmented pressure 
drop has been correlated using the parameter x/[10]: 

All monoliths have developing flow in an entrance region. The 
influence of developing-flow augmentation on conversion ef­
ficiency depends on the relative amount of flow length in the 
developing region. Wendland [11] reported theory and ex­
perimental tests for monoliths segmented to exploit 
augmented performance by using several entrance regions in 
one monolith converter. 

Wendland based conversion efficiency on a variable mass-
transfer coefficient characterized by a variable Sherwood 
number Sh(*+). If a mean Sherwood is defined as 

A 1 f*'" 
S h 4 Sh(f)df 

xt Jo 
(20) 

the conversion efficiency defined by Wendland simplifies to 
the following 

Note that equation (21) is identical to equation (13). 

Bead-Bed Catalyst Supports 

A bed of packed pellets, or a bead bed, provides a tortuous 
flow path which does not allow fully developed velocity, 
temperature, or species profiles to be established. Boundary-
layer development starts from the stagnation region on an in­
dividual pellet, but adjacent pellets interrupt development of 
any boundary layer. Since theoretical solutions have not been 
obtained for convection processes in a bead bed, heat transfer 
correlations have been established from experimental 
measurements. Convective heat transfer can be correlated by 
the Coiburn factor (jh), and convective mass transfer can be 
correlated by j m : 

Heat Transfer: 

y„ = (St)(Pr)2/3 = C2Re" (22) 

Mass Transfer: 

ym = (g/G)(Sc)2/3 = C2Re" (23) 

For convective heat transfer, the Prandtl number in the Coi­
burn factor j h accounts for the ratio of momentum diffusivity 
to thermal diffusivity. Similarly, the Schmidt number in the 
mass-transfer factor j m accounts for the ratio of momentum 
diffusivity to mass diffusivity. Thus the use of experimental 
heat transfer correlations for calculating mass-transfer coeffi­
cients requires the following two substitutions and one 
limiting condition [12]: 

1 substitution of g, mass transfer, for h/cp, heat transfer, 
in the Stanton number 

2 substitution of Schmidt number for Prandtl number in 
the Coiburn factor 

3 a limitation that the heat transfer correlations are based 
on a Prandtl number value that is numerically equal to the 
Schmidt number to be used for the mass-transfer calculation 

If this limiting condition is not met, the analogy may be ap­
plied but with some reservations about the accuracy of 
calculated results. 

A formulation for the Ntum of a bead bed can be derived 
from equations (11) and (23) 

~-ma^ (24) 

The Coiburn factor for heat transfer j h for a sphere bed 
varies with Reynolds number as shown in Fig. 6. Thus, assum­
ing condition No. 3 above is satisfied, 

[" Vol I r 1 ] T ^ 1 °-30 T 0.23 
.Sc°-« 

(25) 

This formulation shows the (Ntum)B to be a function of 
both frontal area and volume. Hence in contrast to the 
monolith, bead-bed performance is dependent on the arrange­
ment of volume into frontal area and flow length. 

Performance Modeling 

Performance modeling must include flow pressure drop in 
tradeoffs of performance versus size for catalyst supports. 
High conversion efficiency lowers the amount of pollutants 
exhausted from a vehicle. High pressure drop, however, in­
creases engine backpressure, which lowers both engine power 
and efficiency. 

Monolith Pressure Drop. For a monolith substrate, pressure 
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Table 1 Monolith and bead-bed geometry factors 

Monolith Bead bed 

.02.03 .05 .10 

t L/(4rh) 
x f = — n 

Re 
Fig. 7 Pressure drop augmentation for a developing boundary layer 

0.8 

A f r = 0.0182m2 

Tg = 590°C 

2 4 6 8 10 

HC MASS-TRANSFER UNITS (Ntum) 

Fig. 8 Monolith performance map 

drop is required to overcome momentum losses from three 
sources: 

1 flow contraction at the entrance minus expansion at the 
exit 

2 fluid shear in the boundary layer 
3 development of the parabolic velocity profile 

A correlation for the overall pressure drop which accounts 
for these momentum losses, derived by Kays and London [9], 
is 

A P M = ^ (Kc+Ke+Agf—) (26) 

Entrance contraction coefficients Kc, and exit expansion 
coefficients Ke, are plotted in Kays and London [9], The 
pressure drop augmentation Ag required to develop the flow is 
graphed in Fig. 7 for a monolith flow passage with square 
cross section. For fully developed laminar flow in a square 
passage the friction factor / correlates with Reynolds number 
[10] 

/Re =14.23 (27) 

Bead-Bed Pressure Drop. For flow through a packed bed, 
all contraction, expansion, and augmentation effects are in­
cluded in the experimental friction factor. A correlation [9] 
for this friction factor is also graphed in Fig. 6. The following 
equation has been derived for bead-bed pressure drop using 
this experimental friction factor [9] 

pV2 fL 
APB=~ — (28) 

28c rh 

Conversion Efficiency. Equation (13) can be used to 
calculate conversion efficiency for either a monolith or bead-
bed geometry. Equal fully warm conversion for either a 
monolith or bead bed can be assured by equating their respec­
tive Ntum. 

Warmup. Since a catalyst does not promote chemical reac­
tions until heated to lightoff temperature, quick warmup is 

Porosity 
Area density, m 2 /m 3 

Hydraulic radius, mm 

0.620 
1654 
0.3749 

0.380 
1171 
0.3245 

136 kg/h 
590°C 
3 . 8 4 x l 0 - 5 P a s 
2.976 
1.77 
0.69 
50 mm2 /s 
130 mm2 /s 
963. J /kgK 

Table 2 Typical thermodynamic properties and transport 
constants 

Exhaust mass flow rate 
Exhaust temperature 
Exhaust viscosity 
Monolith Sherwood number 
Schmidt number, HC 
Schmidt number, CO 
Diffusion coefficient, HC 
Diffusion coefficient, CO 
Substrate specific heat 

essential to control vehicle emissions to very low levels. Initial 
warmup of a substrate by convective heating was modeled us­
ing a finite-difference solution reported previously [13]. This 
model calculates the temperatures in both the solid substrate 
and the flowing fluid as functions of both space and time. 
These temperatures can be calculated if time-varying 
temperature and flow rates are known for the exhaust gas 
entering a substrate. If kinetics are assumed to be instan­
taneous and adequate quantities of chemical species are 
available to complete the chemical reactions, transient conver­
sion efficiencies during warmup can be calculated by assuming 
that the instant any portion of substrate is heated above a 
lightoff temperature of 290°C, conversion efficiency is limited 
only by convective mass transfer. 

The time required to warm up a converter until conversion 
efficiency equals 50 percent has been arbitrarily selected to 
compare alternative converter designs [14]. From Fig. 5, 50 
percent conversion efficiency for a warmed-up converter cor­
responds to an Ntum of 0.70. Thus when a quantity of 
substrate corresponding to Ntum = 0.70 is heated above 
lightoff temperature, conversion efficiency should equal 50 
percent. 

Monolith Versus Bead-Bed Tradeoffs. Pressure drops and 
fully warm Ntum were calculated to compare monolith perfor­
mance with that for a bead bed. Pertinent geometry factors 
for a square-cell ceramic monolith and a bed of 3.2-mm 
spherical pellets are listed in Table 1. 

Performance was calculated for both a monolith and a bead 
bed for a frontal area of 0.0182 m2. Pressure drop for the 
bead bed did not include a contribution from bead retainers. 
Contributions to pressure drop from housings were not in­
cluded for either the monolith or the bead bed. Pertinent ther­
modynamic properties and mass-transfer constants are listed 
in Table 2. 

Using pressure drop for the substrate only and constants in 
Table 2 for mass transport, both pressure drop and Ntum are 
linear functions of length for either a monolith or bead bed. 
Thus if both frontal area and flow rate are fixed, pressure 
drop and flow length are both linear functions of Ntum. By 
selecting different flow rates, a sizing map can be constructed. 
Figure 8 is a sizing map for a square-cell monolith. As shown 
in Fig. 8 at an idle flow rate of 45.4 kg/h, potential conversion 
efficiency or Ntu„, is high and pressure drop is low. At a 
relatively high flow rate of 272 kg/h, conversion efficiency 
decreases and pressure drop increases. 

A similar sizing map for a bead bed is shown in Fig. 9. At 
low flow rates the bead-bed potential conversion efficiency or 
Ntum is slightly higher than that for a monolith. As flow rate 
is increased, bead-bed potential conversion efficiency does not 
decrease as rapidly as does monolith potential conversion effi­
ciency. However pressure drop for the bead bed increases 
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Fig. 11 CO conversion efficiency for two small monoliths 

rapidly as flow rate increases, and it is 31 times that for the 
monolith at a flow rate of 272 kg/h. 

Two examples of monolith versus bead-bed sizing tradeoffs 
are presented in Fig. 10, for the geometries listed in Table 1 
and the operating environment represented by the constants in 
Table 2. In Fig. 10(a), a bead bed and monolith are compared 
with the same size and shape. The bead bed offers higher 
potential conversion efficiency with a calculated Ntum of 7.6, 
compared with potential conversion efficiency of a monolith 
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Pressure drops for a monolith and a bead bed tested on a 

with a calculated Ntu,„ of only 3.2. However, the pressure 
drop for this small bead bed was calculated to be 21 times that 
for the monolith. 

For warmup comparisons, time delays were calculated using 
the procedure discussed previously in the section on warmup. 
Time delays are those required to heat a volume of substrate 
corresponding to Ntu,„ = 0.7 to a lightoff temperature of 
290°C. For these calculations, experimental temperature data 
were used for the exhaust gas flow. These temperature data 
were measured for a standard converter warmup test, which is 
described in more detail in the next section of this report. 
Calculated time delays correspond to the time to attain 50 per­
cent conversion efficiency, calculated as 16 s for the bead bed 
and 25 s for the monolith. 

As shown in Fig. 10(6), a monolith can be sized to match 
conversion efficiency of a production bead bed by increasing 
the flow length of the monolith to match the bead bed Ntu,„ of 
7.7. Pressure drop calculated for this larger 3.6-L monolith 
matches the pressure drop of a 4.3-Z, bead bed. Comparing 
lightoffs calculated using the dynamometer warmup-test 
temperatures, the monolith delay time until attaining 50 per­
cent conversion was calculated as 25 s, compared to a 
calculated delay time of 34 s for the bead bed. 

Experimental Verification 

Many experimental catalytic converters have been built and 
tested to confirm model predictions. Conversion efficiencies 
for small monoliths were measured for fully warm operation 
using an engine-dynamometer test. Pressure drops were 
measured for small monoliths and a small bead bed tested on 
vehicles. 

Fully Warm Conversion Efficiencies for a Monolith. Two 
small monolith converters, 0.22-L and 0.43-Z,, were tested for 
conversion performance on an engine dynamometer. Small 
converters were used so differences in conversion performance 
could be accurately detected. Efficiencies for conversion of 
carbon monoxide were measured for these small converters 
[11], and the test results were correlated using the entrance-
region parameter x+. As shown in Fig. 11, measured conver­
sion efficiencies confirm within a few percent values for con­
version efficiencies calculated using mass-transfer-limited 
models for x+ varying from 0 to 0.35. 

Pressure Drop Measurements. Pressure drop data are 
graphed in Fig. 12 for a 1.5-L ceramic monolith tested on a 
vehicle operated at several steady-speed conditions on a 
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Fig. 13 Converter thermal warmup for Ntum = 0.70 on the ACSP test 

chassis dynamometer. To measure pressure drop for the 
substrate only, probes were mounted in the gas stream im­
mediately upstream of, and immediately downstream from, 
the monolith. As shown in Fig. 12, measured pressure drops 
confirm within a few percent pressure drops calculated using 
equation (26). Pressure drops were also measured for a very 
small 0.10-Z, bed of 3.2-mm spherical pellets. Pellets were re­
tained in a housing by open-mesh screens to minimize the con­
tribution to pressure drop by the retainers. This bead bed was 
tested on a vehicle operated at several controlled speeds on a 
chassis dynamometer. Measured data for pressure drop for 
this 92.0-mm diameter by 19.1-mm flow-length bead bed are 
also graphed on Fig. 12. Measured data confirm within a few 
percent pressure drop values calculated using equation (28). 

Warmup. Warmup models were confirmed by comparing 
calculated warmup with warmup measured using an engine 
dynamometer test developed at AC Spark Plug Division, 
ACSP [14]. Exhaust from a test-stand engine can be valved 
either to bypass around or to flow through a test converter. By 
running the engine with exhaust gas bypassing the converter, 
very stable exhaust temperature, flow rate, and constituent 
concentrations can be established. Then by closing the bypass 
valve, the test converter is exposed to hot exhaust. Immediate­
ly after closing the bypass valve, the flow rate and temperature 
of the gas entering the converter increase rapidly. On this test, 
converter thermal response is rated by the time delay after 
valve closure for conversion efficiency to reach 50 percent. 

To validate warmup models, a small monolith and a small 
bead bed were built with the dimensions shown in Fig. 10(a). 
The ACSP transient dynamometer test was used to measure 
warmup delay until conversion efficiency attained 50 percent 
for these two substrates. This time delay, or lightoff time, was 
compared to the lightoff time calculated using the thermal-
response model discussed previously. 

Lightoff time for the monolith measured 25 s, compared to 
a calculated lightoff time of 24 s to heat a volume of substrate 
corresponding to an Ntu„, = 0.70 to a temperature of 290°C, 
as shown in Fig. 13. Similarly for the small bead bed, 
measured lightoff of 17 s compares to 16 s calculated using the 
model. 

Summary 

Mass-transfer-limited models based on the heat and mass-
transfer analogy can be used to calculate fully warm conver­
sion performance for either monolith or bead-bed converters 
with fresh catalyst. These models, combined with models for 
convective heat transfer and flow pressure drop, are useful to 
expedite development of alternative catalytic converters by 

simplifying calculations of tradeoffs of size and shape versus 
conversion efficiency and pressure drop. 

1 For bead beds, a prerequisite for strict application of the 
analogy is that the numerical value of the Schmidt number 
(mass transfer) must fall within the range of the Prandtl 
number (heat transfer) used to correlate the experimental heat 
transfer data. 

2 For fully developed laminar flow, Nusselt number (heat 
transfer) equates to Sherwood number (mass transfer) in­
dependent of the ratio of Schmidt number to Prandtl number. 

3 The heat and mass-transfer analogy also is applicable to 
developing flow in the entrance region of a monolith by 
substituting Schmidt number for Prandtl number in the x+ 

parameter. 
4 For a fixed volume, both conversion efficiency and 

warmup time are functions of frontal area for a bead bed, but 
not functions of frontal area for monoliths. 

5 For an equal volume of monolith or bead bed, a bead bed 
can be packaged with a small frontal area to provide higher 
conversion efficiency and quicker warmup than for a 
monolith; however, bead-bed pressure drop is then unaccept-
ably high. 

6 For equal fully warm conversion and accept­
able pressure drop, a monolith warms up faster than a bead 
bed, even if bed retainers are neglected. 
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Introduction 

Fuel Oil Reburning Application for 
N0X Control to Firetube Package 
Boilers 
Two pilot-scale (0.73 MW or 2.5 x 106 Btu/hr) firetube package boilers were 
retrofitted for fuel oil reburning application for NOx emission control. When firing 
distillate fuel oil (0.01 percent nitrogen content), an overall NOx reduction of 46 
percent from an uncontrolled emission of 125 ppm (dry, at zero percent 02) was 
realized by diverting 20 percent of the total boiler load to a second stage burner; a 51 
percent NOx reduction from 265 ppm was achieved in a distillate/residual fuel oil 
mixture (0.14 percent nitrogen content) reburning application. Nitrogen-free fuel 
oil reburning was found to be slightly more effective at reducing NOx than was 
natural gas reburning, although longer fuel-rich zone residence times were required 
to allow for evaporation and mixing of the fuel oil droplets. Key parameters in­
vestigated which impact the reburning process were: primary flame NOx, reburn 
zone stoichiometry, and reburn zone residence time. Reburning applied to firetube 
package boilers requires minimal facility modification. Reburning can be coupled 
with other NOx control techniques (e.g., distributed air low NOx burners) to 
achieve NOx emissions of less than 100 ppm. However, for very low primary flame 
NOx conditions (i.e., less than 200 ppm), reburning fuel nitrogen content is a 
limiting factor, and reburning with a low-nitrogen-content fuel, such as natural gas 
or nitrogen-free distillate oil, may be necessary to achieve 50percent NOx reduction. 

Oxides of nitrogen (NOx) are formed during combustion by 
the reduction and oxidation of molecular nitrogen and 
nitrogen contained in the fuel. Because NOx emitted from sta­
tionary combustion sources contributes to the degradation of 
air quality as well as to acid deposition and forest damage, 
various control technologies have been developed to reduce 
emissions. Many of the NOx control technologies currently in 
use involve modification of the combustion process to reduce 
peak flame temperatures and create fuel-rich conditions by 
altering fuel and oxidizer mixing rates. Thus, NOx formation, 
a kinetically controlled process, is minimized. However, NOx 

control can also be achieved by removing NOx from the com­
bustion products after they are formed. Reburning, or fuel 
staging, is an in-furnace NOx control strategy that ac­
complishes this. 

As many as 30 years ago [1, 2], experimental results were 
available indicating that NOx could be destroyed by reaction 
with hydrocarbon radicals. Commercial utilization of this 
reaction mechanism occurred in the late 1960s by the John 
Zink Corporation, which patented an NOx control process for 
nitric acid plants [3] based on staged injection of natural gas. 
Early fundamental studies of NOx destruction by injection of 
secondary fuel into the flame zone were performed by Wendt 
et al. [4], who coined the name "reburning" to describe the 
process. Concerted effort to develop reburning for application 
to boilers occurred in Japan during the late 1970s and early 
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1980s. The first reporting of these efforts was by Takahashi et 
al. [5], documenting extensive laboratory-, pilot-, and full-
scale evaluation of a fuel staging process they refer to as Mi­
tsubishi Advanced Control Technology, or MACT. MACT 
results indicate that NOx emissions can be reduced by at least 
50 percent independent of initial NOx level and fuel type. 
These promising results have renewed interest in reburning, 
and further development is being sponsored by the U. S. En­
vironmental Protection Agency (EPA), the Electric Power 
Research Institute, the Gas Research Institute, and the U. S. 
Department of Energy. 

Application of reburning involves diverting portions of the 
fuel and combustion air streams from the main burner(s) for 
injection into the postflame gases. Thus, reburning establishes 
a three-stage combustion process, consisting of a fuel-lean 
primary zone, a fuel-rich reburning zone, and a fuel-lean 
burnout zone. NOx reduction via reburning occurs in two 
ways: NOx formation is inhibited due to reduced mixing in­
tensities in the derated primary burner zone and fuel-rich con­
ditions in the secondary combustion zone, and NOx destruc­
tion is promoted due to secondary flame radical attack on 
nitric oxide (NO) produced in the primary zone to form 
molecular nitrogen (N2). Maximizing the destruction compo­
nent of NOx reduction is a key to optimizing the reburn 
technology. Bench-scale tests [6, 7] have been used to verify 
the hypothesized NOx destruction mechanism, represented in 
a simple form as follows: 

CH OH, H O H J i . ^ ^ NO 
NO s»-HCN »^NH ZZ^_~~ (]) 

NO "-*- N2 
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Full-scale application of reburning has been achieved in 
Japan, where NOx emission regulations are stringent, by 
Hitachi Zosen [8] and Ishikawajima-Harima Heavy Industries 
[9], as well as Mitsubishi Heavy Industries [10]. In the U . S . , 
bench- and pilot-scale evaluation of gas, oil, and coal reburn­
ing processes continues [11-13]. Application of reburning to a 
coal-fired industrial boiler, sponsored by the U. S. En­
vironmental Protection Agency (EPA) and the Gas Research 
Institute (GRI), is scheduled to begin in 1986. While relatively 
inexpensive distributed air low-NOx burner designs have been 
developed to meet current federal and state NOx emission 
standards (in the 300 to 500 ppm range), reburning offers a 
means to reduce NOx emissions by another 50 percent without 
impacting furnace combustion efficiency. 

The current study utilizes two pilot-scale firetube package 
boiler test facilities located at EPA's Environmental Research 
Center in Research Triangle Park, NC. Tests were performed 
to evaluate fuel oil reburning application at low primary com­
bustion NOx levels (50 to 250 ppm1), which simulates a com­
bined NOx control strategy to achieve extremely low NOx 

levels (less than 125 ppm), and low reburn zone temperatures 
(1300 to 1600 K), which simulates the thermal environment of 
a small commercial firetube package boiler. Previously 
documented tests on these facilities have shown that natural 
gas reburning effectiveness in NOx control decreases as 
primary NOx levels decrease [14, 15]. That is, NOx reduction 
via natural gas reburning was shown to have an order of 1.5 
with respect to primary NOx. It has also been shown that, at 
low initial NOx levels, volatile nitrogen in the reburning fuel 
limits reburning effectiveness [16]. This paper describes tests 
to firetube package boilers that evaluate these results for fuel 
oil reburning application. 

Experiment 

Apparatus. Two pilot-scale firetube package boiler test 
facilities, each rated at 0.73 MW (2.5 x 106 Btu/hr) heat in­
put and capable of firing gaseous and liquid fuels, were 
modified to accommodate fuel oil reburning for this series of 
experiments. A package boiler simulator (PBS) fitted with a 
low NOx precombustion chamber burner, shown in Fig. 1(a), 
was utilized to perform parametric input/output and detailed 
tests to evaluate fuel oil reburning effectiveness. A North 
American Scotch-type package boiler, shown in Fig. 1(b), was 
used to verify PBS test results and demonstrate optimized fuel 
oil reburning application. 

The radiant section of the PBS is cooled with Dowtherm 
G®, with absorbed heat dumped to the atmosphere via a cool­
ing tower. The horizontal radiant section is 0.6 m (2 ft) in 
diameter and 3.0 m (10 ft) in length. Combustion gas exits the 
boiler through a vertical stack. A commercial burner origi­
nally installed on the research boiler was replaced with a low 
NOx precombustion chamber burner patterned after the unit 
developed by England et al. [17]. This major facility modifica­
tion was made to achieve control of the NOx concentration at 
the plane of secondary fuel injection, independent of boiler 
fluid mechanics. The prechamber itself is a refractory tunnel 
designed for near adiabatic conditions and contains a fuel-rich 
flame. At the interface between the prechamber and the ra­
diant section, the flow path is constricted through a 25 cm (10 
in.) diameter throat. Eight ports, located in this throat region, 
allow staged combustion air to be injected inward. This air 
mixes rapidly with the fuel-rich exhaust from the prechamber 
and produces a fuel-lean, essentially premixed flame in the ra­
diant section. Multiple ports allow for radial and axial inser­
tion of various sample probes and staged fuel and air 
injectors. 

Reburning fuel oil was injected through a heat-traced line 

All NOx concentrations are reported on a dry basis, and corrected to zero 
percent 0 2 , in this paper. 
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Fig. 1(a) Pilot-scale package boiler simulator test facility showing fuel 
oil reburning application 

Fig. 1(b) Pilot-scale North American firetube package boiler showing 
fuel oil reburning application 

contained in a water-cooled, stainless steel jacket inserted 
through a side port in the PBS. A 45-deg hollow-cone fuel 
spray was achieved with a pressure-atomizing nozzle directed 
downstream into the primary combustion exhaust along the 
boiler centerline. Final burnout air was injected downstream 
of the staged fuel injection location through eight radial ports 
in a water-cooled boom inserted along the boiler centerline 
through a rear flange. 

The North American boiler is a three-pass unit, 0.6 m (2 ft) 
in internal diameter and 3.0 m (10 ft) in length, with a con­
tinuous service rating of 302 kg of steam per second (2400 
lb/hr). The mechanical linkage for automatic control of 
air/fuel ratio with load variation was disconnected from the 
burner and replaced with a manual adjustment that permits in­
dependent control of primary flame excess air at any desired 
load. 

Reburning fuel and final burnout air were injected at loca­
tions along the centerline of the North American boiler 
through a water-cooled boom assembly inserted through a 
modified maintenance access plate at the rear of the boiler. 
The assembly consists of two concentric telescoping injectors, 
with the inner injector supplying reburning fuel through a 
heat-traced line and the outer injector providing burnout air in 
eight radial jets. As in the PBS, a 45-deg hollow-cone, 
pressure-atomizing fuel spray nozzle was used, but here it was 
directed upstream into the primary combustion gas. 

The experimental facilities were designed with independent 
control of each fuel, fuel dopant, and air stream. Natural gas, 
distillate fuel oil, and a distillate/residual fuel oil mixture were 
fired, with ammonia and pyridine dopants being used to 
simulate fuel-bound nitrogen. Ammonia was injected into the 
natural gas delivery system sufficiently upstream to ensure 
thorough mixing before entry to the combustion system. 
Distillate fuel oil, containing 0.01 percent (by weight) 
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Table 3 Reburning process parameters 

Natural D is t i l l a te D is t i l late/Residual 
Gas Oi l Oi l Mixture 

Gross Heating Value: 

Btu/lbf 23,663 19,382 18,734 

(k j /kgf) (54,810) (45,083) (43,578) 

Theoretical Air : 

lba/10,000 Stu 7.04 7.48 7.58 
(koj/kJ) (3.03) (3.22) (3.26) 

Encal Chromatograph Analysis, mo 

Nitrogen 0.35563 
Carbon dioxide 0.91649 
Methane 96.11870 
Ethane 1.85666 
Propane + 0.75252 

. %: Ult 

Carbon: 
Hydrogen 
Nitrogen 
Sulfur: 
Ash: 

(a 38°C 
(100DF) 

0 99°C 
(210°F) 

mate Analysis 

6.44 
13.21 
0.01 
0.22 

<0.01 

Viscosity, cs 

2.58 
(0.0000278) 
1.08 

(0.0000116) 

wt %: 

87.12 
11.97 
0.14 
0.84 
0.02 

( f t 2 / sec ) : 

26.76 
(0.0002880) 
4.68 

(0.0000504) 

Table 2 Gaseous emission monitor specifications 

Gas Sample Type Instrument Type Manufacturer/Model Range 

0? Continuous Paramagnetic Beckman/F3 0 to 5 
10, 25% 

CO2 Continuous Infrared Beckman/864 0 to 5 
10, 20J 

CO Continuous Infrared Beckman/865 0 to 500, 
1000, 2000 
ppm 

N0X Cont inuous Chemiluminescence Teco/lOA 0 to 2 .5 , 
10, 25, 
100, 250, 
1000, 2500, 
10000 ppm 

THC Cont inuous Flame Ion iza t ion Beckman/400 0 to 10, 
100, 1000, 
10000 ppm 

KH3 Batch-wet Speci f ic Ion Electrode Orion/95-10 0.1 to 100 
ppm 

HCN Batch-wet Specific Ion Electrode Orion/94-06 0.1 to 100 
ppm 

N2O Batch Gas Chromatograph Varian/1400 1 to 1000 
ppm 

nitrogen, was doped with pyridine to achieve a 0.5 percent fuel 
nitrogen batch mixture. The distillate/residual fuel oil mixture 
contained 0.14 percent nitrogen. This heavier fuel oil, with a 
net viscosity of a light No. 5 fuel oil, was preheated to 370 K 
(200°F) prior to injection. A comparison of various 
properties of these fuels is presented in Table 1. 

Methods. All gas flows were measured independently using 
various types of flow meters. The fuel oil volumetric flow rate 
was measured with a calibrated metering pump. 

Stack and in-flame combustion gas speciation, temperature, 
and velocity were measured. A sampling panel board provided 
for continuous measurement of NOx, CO, C 0 2 , THC, and 0 2 

concentrations, as defined in Table 2. In-flame species concen­
trations were determined by extracting samples through a 
water-cooled stainless steel probe and ducting the sample gases 
to the continuous emission monitors. The sample probe is 
equipped with a water quench spray which was activated dur­
ing batch sampling to collect HCN and NH3 in solution from 
the reacting gas. HCN and NH3 were measured using specific 
ion electrode techniques. The collection efficiency for HCN 
was experimentally determined to be 70 percent. Ammonia 
collection efficiency was found to be nearly 100 percent. 
Nitrous oxide (N20) was measured with a gas chromatograph 
equipped with an electron capture detector and a 3.66 m (12 ft) 
long stainless steel column packed with Porapak Q®. 

Flame temperature measurements utilize suction pyrometers 
equipped with R-type (platinum-platinum/13 percent 
rhodium) thermocouples. A short pyrometer was inserted 
through sidewall ports in the furnace to measure radial 

Primary Zone Reburning Zone Burnout Zone 

° Initial N0X Concentration ° Stoichiometry ° Stoichiometry 

° Stoichiometry ° Residence Time ° Temperature 

0 Primary Fuel Properties ° Temperature ° Burnout Air 

Mixing Rate 
° Reburning Fuel Mixing Rate 

° Reburning Fuel Properties 
(e.g., nitrogen content, 
volatility, C/H ratio) 

temperature profiles. A long pyrometer was used to measure 
axial temperature profiles through the entire length of the ra­
diant section at three different radii. 

Velocity profiles at the secondary fuel injection plane are 
derived from measurements made with a Prandtl probe in­
serted through a port in the boiler sidewall. Measurement of 
the dynamic pressure differential in the radiant section of the 
firetube package boiler was particularly difficult due to the 
low mean velocity (less than 5.0 m/s) and the high apparent 
turbulent fluctuations. Pressures from 0.1 to 100 Pa (0.00071 
to 0.71 in. of H 2 0) were measured using a differential 
pressure transducer in tandem with an electronic manometer 
(Barocell model 1173). The electrical output signal for the 
dynamic pressure differential measurement was sampled by a 
microcomputer at an approximate rate of 15 Hz, with the 
square roots of approximately 1250 individual readings 
averaged at each point. With this technique it is possible to ob­
tain accurate measurements (with mean and standard devia­
tion repeatable to at least two significant digits) for boiler ra­
diant section velocities greater than 3.0 m/s (10 ft/s). It is 
significant to note that the ratio of the standard deviation to 
the mean was often in excess of 50 percent, increasing with 
decreasing velocity. 

Approach. This paper, describing a series of pilot-scale ex­
periments designed to investigate fuel oil reburning applica­
tion for in-furnace NOx control, provides information bridg­
ing the gap between fundamental studies of NO/hydrocarbon 
reaction mechanisms and full-scale field applications of re­
burning. The firetube package boilers used in this study have 
single centerline burners and relatively simple furnace 
geometries (right circular cylinders), allowing for complete 
spatial and temporal characterization of experimental condi­
tions while providing thermal and fluid mechanical en­
vironments typical of small commercial systems. 

Three objectives were defined at the outset of the ex­
perimental program. First, parametric tests were performed in 
the PBS to characterize the fuel oil reburning process at a 
practical level. Key process parameters to be varied in­
dependently were identified, as listed in Table 3. In this paper, 
light and heavy fuel oil reburning test results are discussed 
which describe the effects of three of these parameters: 
primary NOx concentration, reburn zone stoichiometry, and 
reburn zone residence time. Separate papers have been 
published, or are in preparation or review, on natural gas 
reburning application [14], reburning fuel mixing rate effects 
(in review), reburn zone thermal environment effects (in 
preparation), and reburning fuel nitrogen content effects [16]. 
A second objective of this study was to evaluate the validity of 
proposed reburning reaction mechanisms by making detailed 
measurements of intermediate nitrogenous species in the 
reburn zone of the PBS. Third, fuel oil reburning application 
was to be optimized in the North American boiler. 

Results 

Parametric tests, in-flame measurement tests, and optimiza­
tion tests are discussed. N 2 0 measurements in both the stack 
and in-flame gases were found never to exceed 3 ppm. 
Therefore, these measurements are not reported here. 
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Fig. 2 Baseline radial temperature and velocity profiles measured at 
the secondary fuel addition location 

Parametric Tests. In the PBS tests, primary burner load was 
held constant at 0.59 MW (2.0 x 106 Btu/hr). A precombus-
tion chamber stoichiometry of 0.61 was maintained to allow 
for primary NOx variation from 50 to 250 ppm, adjusted by 
varying the amount of ammonia injected into the primary 
natural gas stream. A secondary combustion air addition rate 
was established such that a primary zone excess air level of 5 to 
10 percent was achieved. Under these conditions, the primary 
flame extended approximately 0.9 m (35 in.) into the boiler. 
At the 1.02 m (40 in.) axial location, the radial profile of 0 2 

concentration was essentially flat. Also, this location was just 
downstream of the point at which flow from the precombus-
tion chamber constriction reattached to the boiler wall. Thus, 
a nominal location for secondary fuel injection of 1.02 m (40 
in.) was chosen. Final burnout air was staged at 1.63 m (64 
in.), providing a 200 ms reburn zone bulk residence time. For 
natural gas reburning, this reburn zone length was found to be 
the minimum necessary to achieve maximum NOx reduction. 

The temperature and velocity profiles measured at the loca­
tion of reburn fuel injection are shown in Fig. 2. Temperatures 
ranged from 1200 K (1700°F) near the wall to 1600 K (2420 °F) 
at the boiler center line. These low radiant zone temperatures 
are characteristic of small package boilers. It was found that 
this was the low temperature limit at which the fuel oil could 
be injected without heavy sooting in the reducing zone. The 
combustion gas flow had a peak velocity of over 15 m/s (50 
ft/s) and a mean velocity of 3 m/s (10 ft/s). 

Input/output fuel oil reburning trials were performed at 
three levels of primary zone NO (NOPRI) and three reburn 
zone stoichiometries (SRR). Results from these tests using 
distillate oil and distillate/residual oil mixture as reburning 
fuels are shown in Figs. 3 and 4, respectively. In these figures 
the abscissa is SRR, varied by adjusting the flow rate of re­
burning fuel, and the ordinate is the percent ratio of exhaust 
NO (NOEX) to NOP R I . Thus, the ordinate is equivalent to 100 
percent minus the percent NO reduction via reburning. Each 

Fig. 3 Exhaust NO as a function of reburn load for distillate fuel oil 
reburning 
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Fig. 4 Exhaust NO as a function of reburn load for distillate/residual 
fuel oil mixture reburning 

curve represents a line of constant NOP R I . These results show 
clearly that NOx control by reburning is a function of primary 
zone NOx, reburn zone stoichiometry, and reburning fuel 
properties.2 

To show the dependence of NOx reduction on NOP R I , the 
light and heavy fuel oil reburning data are replotted in Fig. 5 
for a reburn stoichiometry of 0.90. The overall rate of change 
of NO in the reburning process can be expressed as 

d[NO] 

dt 
• - * , [ N O ] " + * 2 (2) 

The formation of NO in the reburning zone, via either the Fenimore 
"prompt" NO mechanism or fuel-bound nitrogen oxidation (reburn zone 
temperatures are too low to result in NO formation by the Zeldovich "thermal" 
NO mechanism), is not independent of NOPRI. It has been shown that, for 
NOPR] less than 250 ppm, SRR between 0.75 and 1.0, and volatile fuel nitrogen 
content of up to 1 percent, reburning fuel nitrogen to exhaust NO net conversion 
is 30 to 40 percent [16]. Reburning prompt NO formation was found to range 
from 20 to 30 ppm. Therefore, over the range of NOPR[ considered in this 
paper, the assumption that reburning NO formation is independent of NOpR] is 
approximately true. It should also be noted that, at high NOPRI conditions, fuel 
nitrogen may result in a net increase in NO reduction due to amines formed 
from the fuel nitrogen reacting with NO to form N2. It has been shown by as yet 
unpublished data that, for high NOPRI conditions (greater than 500 ppm), 
reburn zone ammonia injection increases reburning NOx reductions. 
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where kt is an overall destruction rate term, a is the overall 
order of destruction with respect to N O , and k2 is a formation 
term which is assumed in this expression to be independent of 
NO concentration. Equat ion (2) is evaluated for two limiting 
cases. First, if k2 is small relative to the kx term, as would be 
the case for high initial N O x , the equation can be integrated to 
yield 

Fig. 6(a) Optimum stoichiometry for distillate fuel oil reburning 

J5^L= [i + (a_ i)*,/ NOte"]1^-", c o l (3) 
NOEX 

Using this expression, a curve fit to the natural gas reburning 
data is shown in Fig. 5. The natural gas data are consistent 
with an overall order of NOv destruction of 1.5 with respect to 
NOPRI, for &!? = 0.032 ppm"1 / 2 . The formation term is 
negligible for NOPRI greater than 50 ppm. This result con­
tradicts the first-order reduction (a = 1) claimed by the MACT 
researchers [5]. In a later report on MACT [10], it is suggested 
that the MACT process includes variable application of a 
selective catalytic reduction technology as well as reburning. 

At low NOPRI conditions, where the NO formation term 
dominates the NO destruction term of equation (2) (i.e., k2 

» fc] [NO]a), integration yields 

NOP :[l + ( ^ / N O P R I ) ] - (4) 
NOEX 

A curve representing equation (4) is also shown (Fig. 5), with 
k2t = 51 ppm. 

The fuel oil reburning data plotted in Fig. 5 lie between the 
two limiting curves. For low NOPRI conditions, the NO for­
mation term is significant. At high NOPRI conditions, the data 
appear to be approaching the natural gas results described by 
the destruction term curve with an order of 1.5 with respect to 
NOPRI. Thus, it is shown that, as initial NOx is decreased, it 
becomes more difficult to reduce NOx via reburning, and fuel 
nitrogen can limit reburning effectiveness. 

There exists an optimum reburn zone stoichiometry for 
maximum NOx reduction by reburning. This optimum is a 
function of NOPRI and reburning fuel nitrogen content. 
Figures 3 and 4 show that, for high levels of NOPRI (greater 
than 200 ppm), maximum NOx reductions are achieved for 
reburn zone stoichiometrics less than 0.85 (reburn 
load/primary load greater than 25 percent). As the NOPRI 

level decreases, the optimum SRR increases. For the 
distillate/residual fuel oil mixture containing 0.14 percent 
nitrogen, at an initial NO level of 82 ppm, the minimum ex­
haust NO was achieved with no reburning. 

Data from Figs. 3 and 4 are replotted in Figs. 6(a) and 6(b), 
respectively, to show the effect of SRR on the various com­
ponents of NOx reduction by reburning. Overall NOx reduc­
tion via reburning occurs by both the destruction of moles of 
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Fig. 6(b) Optimum stoichiometry for distillate/residual fuel oil mixture 
reburning 

NO produced in the primary zone and the "dilution" of the 
high NO primary zone gases by the staged fuel and air. The 
dilution portion of the overall NO reduction is calculated from 
the percent reburn load (assuming zero NO contribution by 
secondary combustion) and plotted as dashed lines on Figs. 
6(a) and 6(b). In the case of distillate fuel oil, which contains 
virtually no fuel-bound nitrogen, the difference between the 
overall NO reduction curve and the dilution line represents the 
net destruction. In the case of the distillate/residual fuel oil 
mixture, the conversion of fuel nitrogen to N2 is included in 
the net destruction component of overall NO reduction. 

It has been shown in bench-scale tests [6], and verified in 
natural gas reburning tests in the PBS [15], that NO destruc­
tion is maximized for SRR of about 0.9. This was found to be 
true of fuel oil reburning as well. This optimum is consistent 
with the minimum in the total fixed nitrogen (TFN) species 
equilibrium curve at the reburn zone temperature, although 
the experimental NO levels greatly exceed the equilibrium 
values under fuel-rich conditions. 

Tests were conducted to compare fuel oil reburning effec­
tiveness with natural gas reburning effectiveness. In these tests 
reburn zone bulk residence time was varied from 100 to 400 ms 
by varying the location of final air addition; the results are 
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Fig. 8 Reburn zone nitrogenous species profiles for distillate fuel oil 
reburning at NO P m of 200 and 80 ppm 

plotted in Fig. 7. At the nominal reburn zone length of 0.61 m 
(24 in.), natural gas reburning was slightly more effective than 
distillate fuel oil reburning and much more effective than 
distillate/residual fuel oil reburning. It was originally 
hypothesized that low nitrogen fuel oil reburning would be 
more effective than natural gas reburning due to the higher 
carbon-to-hydrogen ratio in fuel oils that would produce more 
methyldine radicals than would be produced in methane com­
bustion. Figure 7 shows that, for high reburn zone residence 
times, distillate fuel oil reburning is slightly more effective 
than natural gas reburning at reducing NO. Oil reburning re­
quires longer reburn zone lengths to allow for complete 
vaporization and combustion of the fuel droplets prior to igni­
tion. For natural gas reburning, with the staged fuel injected 
circumferentiaily into the primary zone effluent to produce a 
uniform reburn zone stoichiometry, a fuel-rich zone length of 
0.76 m (30 in.) was required to achieve maximum NOx reduc­
tion. With a peak gas velocity in the reburn zone of 15 m/s (50 
ft/s), as shown in Fig. 2, this suggests a characteristic time of 
50 ms for gas phase reburning reactions to occur. For the 
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Fig. 9 Reburn zone nitrogenous species profiles for distillate fuel oil 
reburning at SRR of 0.89 and 1.03 

distillate fuel oil, approximately 1.0 m (40 in.) reburn zone 
length was required to maximize NOx reduction. For the 
heavy fuel oil mixture, about 1.2 m (48 in.) reburn zone length 
was required. Photographs of the reburning fuel oil spray con­
firm that the fuel oil droplets persist several inches into the 
reburning zone. 

Before discussing in-flame measurements of nitrogenous 
species, a parameter that was investigated and found to have 
little impact on the reburning NOx reductions is mentioned. 
The fuel oil nozzle spray angle was varied from 30 to 90 deg. 
In addition, various size nozzles were tested under identical 
conditions to investigate atomization effects. All of these noz­
zle variation tests yielded negligible effect on reburning effec­
tiveness. Detailed measurements revealed that large-scale tur­
bulent structures existed in the reburning zone. Apparently, 
the combustion gas turbulence intensity dominated reburn 
zone mixing rates, resulting in NOx emissions independent of 
oil injection methods. This result, which simplifies applica­
tion, may be specific to the firetube package boiler class. 

In-Flame Measurement Tests. Detailed in-flame sampling 
was performed for a variety of fuel oil reburning test condi­
tions (Figs. 8 and 9). NO, HCN, and NH3 profiles in the 
reburn zone were measured, and total fixed nitrogen (TFN) 
was determined by summing the three measured nitrogen 
species. Time averaged axial combustion gas profiles were 
measured at a 13.3 cm (5.25 in.) radius. The species concentra­
tions are ratioed to the primary NO corrected to reburn zone 
molar concentrations. These profiles were not time resolved as 
large radial gradients in stoichiometry were observed, as well 
as large-scale turbulent eddy structures. Thus, these trends are 
not representative of the entire boiler volume, but are useful in 
comparing different reburning conditions. 

In Fig. 8 reburn zone profiles for distillate fuel oil reburning 
at a 0.89 stoichiometry were measured for 200 and 80 ppm 
NOPR,. The curves show that reburn zone reactions are 
delayed until about the 0.2 m (8 in.) axial location. Natural gas 
reburning, on the other hand, resulted in immediate nitrogen 
species reactions. The curves also indicate that there is no 
reduction in TFN in the reburn zone for either test condition. 
In fact, for the 80 ppm NOPRI condition, a significant net 
TFN formation occurred. It is hypothesized that this occurs 
via Fenimore's prompt NO mechanism (N2 reaction with 
methyldine to form HCN), since the temperatures in the 
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Fig. 10 Distillate fuel oil reburning applications 

reburn zone are well below the temperature necessary for 
Zeldovich reactions. 

The difference between the TFN and NO curves represents 
the sum of the measured HCN and NH3 concentrations. In all 
cases, NH3 concentrations were less than 20 ppm. The low 
temperatures resulted in slow kinetics and no N2 formation in 
the reburn zone. N2 formation occurred in the burnout zone 
when the final air addition completed burnout of the hydrogen 
and carbon. In the reburn zone, the composition of the TFN 
was changed by the reaction 

NO + CH •• HCN + O (5) 

The test conditions shown in Fig. 8 and other test conditions 
indicate that this reaction is limited by the presence of CH 
radicals and not NOP R I . That is, the reburn zone NO curve is a 
function of SRR but not of NOPR1. However, the TFN curve 
does depend on NOP R I . The net moles of N2 destruction (by 
the Fenimore mechanism and reburning fuel nitrogen) in the 
reburn zone appears to be a relatively constant 20 ppm. Thus, 
at lower NOPRI this becomes increasingly significant, and 
overall NO reduction is reduced. 

In Fig. 9 reburn zone nitrogen species profiles are compared 
to two distillate fuel oil reburn loads: SRR 's of 0.89 and 1.03. 
Here it is shown that the reaction expressed by equation (5) is 
dependent on SRR, with more NO being converted to HCN 
for more fuel-rich stoichiometries. Although the TFN is ac­
tually a greater percentage of the NOPRI in the 0.89 SRR con­
dition, the composition of TFN is such that more N2 forma­
tion occurs in the burnout zone, probably by the following 
reaction sequence 

O H , H NO 
HCN- - • N H - -*-N') (6) 

In the 1.03 SRR reburn condition, little HCN is formed in the 
reburn zone so little N2 formation occurs. The only significant 
reduction of NOPRI that is achieved under this condition is via 
dilution of the primary flue gases by the low NOx reburning 
flame gases. 

Thus, in-flame measurements of intermediate nitrogen 
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Fig. 11 Distillate/residual fuel oil mixture reburning application 

species confirm bench-scale experiments that suggest a reburn­
ing mechanism. The qualitative argument presented here is 
based on typical data trends; however, the boiler volume is too 
large, and turbulent mixing too great, to provide a more quan­
titative analysis of the process. 

Optimization Tests. The North American boiler was used to 
show how fuel oil reburning might be optimized in actual ap­
plication. Baseline tests were performed to demonstrate that 
the North American boiler and PBS had similar thermal and 
aerodynamic environments in the radiant section. Reburning 
characterization tests were then performed to verify PBS test 
results; Finally, two optimized examples were performed and 
are presented here: distillate fuel oil reburning of a distillate 
fuel oil primary flame, and distillate/residual fuel oil reburn­
ing of a distillate/residual fuel oil flame. Constraints on these 
applications were to achieve good fuel burnout by minimizing 
fuel-rich zones and to compare conditions at full load, defined 
to be 650 kW (2.2 x 106 Btu/hr), and 15 percent excess air. 
These applications are shown in Figs. 10 and 11 in a stepwise 
fashion to demonstrate how the overall NOx reduction via 
reburning is achieved. 

Initial NO levels of 125 ppm (dry, at zero percent 0 2 ) and 
265 ppm were observed for distillate and distillate/residual 
fuel oil firing, respectively. Step 1 consists of reducing primary 
flame excess air from 15 to 5 percent at full load. This resulted 
in reduced NO emissions of 21 percent for distillate oil firing 
and 26 percent for distillate/residual fuel oil firing. In step 2 
the primary burner load is dropped by 20 percent, maintaining 
constant excess air. Some reduction in NO was achieved here 
due to the reduced mixing intensities in the primary flame. In 
step 3 reburning is applied, bringing the boiler back to a full 
load condition. Here, primary NO is reduced by staged 
hydrocarbon injection. Finally, the overall excess is increased 
to 15 percent resulting in slightly increased NO emissions. It is 
significant to note that the effect of increasing excess air in the 
burnout zone is less severe than the effect of decreasing excess 
air in the primary zone, due to lower flame temperatures in the 
staged combustion. 

The overall NOx reduction for the distillate fuel oil example 
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was 46 percent; the overall NOx reduction for the distillate/ 
residual fuel oil example was 51 percent. Thus, approximately 
50 percent NOx reduction can be achieved via fuel oil reburn­
ing in the firetube package boiler. 

Conclusions 

The results from the firetube package boiler fuel oil reburn­
ing application tests demonstrate that 50 percent NOx reduc­
tion is achievable with minimal retrofit modification require­
ment. The parametric tests indicate that, as primary NOx is 
decreased, such as by low NOx burner design, NOx destruc­
tion via reburning becomes increasingly difficult, perhaps re­
quiring the use of low-nitrogen reburning fuels. There exists 
an optimum fuel-rich stoichiometry for reburning application 
of 0.7 to 1.0, dependent on system and fuel parameters. 
Distillate fuel oil reburning was shown to be slightly more ef­
fective than natural gas in reducing NOx. However, fuel oil 
reburning requires longer reburn zone residence times than 
natural gas reburning due to droplet evaporation and mixing 
requirements. A minimum gas phase residence time of 50 ms is 
required to complete reducing zone reactions. In the firetube 
package boiler employed in this study, in which the peak com­
bustion gas velocity in the boiler radiant section was 15 m/s, a 
reburn zone residence length of 1.0 m or greater was required 
to optimize fuel oil reburning. 

In-flame measurements of intermediate nitrogen species 
were consistent with proposed reburning NO reduction 
mechanisms. In the low temperature environment of this ap­
plication (1300-1600 K), actual N2 formation occurred in the 
burnout zone; in the reburn zone, total fixed nitrogen specia-
tion was shifted from all NOx in the primary zone to NO, 
HCN, and NH3 . Unpublished test results indicate that, 
although higher temperature fuel oil reburning applications 
result in increased reburn zone N2 formation, higher temper­
atures in the burnout zone result in less N2 formation. Thus, 
the net effect of temperature on the overall reburning process 
is not as dramatic as was first expected. 

In optimizing reburning application to a firetube package 
boiler, while maintaining fuel-lean conditions in the primary 
zone to avoid boiler wall corrosion and/or sooting, reductions 
of about 50 percent were achieved for 20 percent distillate and 
distillate/residual fuel oil reburning. The overall NOx emis­
sion for distillate fuel oil firing was reduced from 125 to 68 
ppm (dry, at zero percent 0 2 ) ; for distillate/residual fuel oil 
firing the overall NOx emission was reduced from 265 to 131 
ppm (dry, at zero percent 0 2 ) . 
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Effective Thermal Conductivity of 
Coal Ash Deposits at Moderate to 
High Temperatures 
The effective thermal conductivity of coal ash deposits strongly influences heat 
transfer in pulverized coal-fired boilers. In this study thermal conductivity 
measurements were performed over a wide range of temperatures for fly ash, slag­
ging deposits, and fouling deposits. The effects of ash particle size, thermal history, 
and physical structure of the deposit are discussed. Thermal history and deposit 
structure were observed to have the greatest influence on the local thermal conduc-
tivty, which increased by an order of magnitude with particle melting. Conduc­
tivities for solid-porous deposits were twice those of the same sample in particulate 
form. 

Introduction 

The thermal performance of coal-fired boilers is affected 
greatly by the deposition of coal ash particles on furnace wall 
steam tubes, superheater tubes, and other heat transfer sur­
faces. The reduction in heat absorption and the accumulation 
of low-thermal-conductivity ash deposits are known to in­
fluence temperature and heat flux distributions and to 
drastically reduce heat transfer rates [1-5]. Consequently, coal 
ash deposits have a major impact on the control (operation) 
and efficiency of a coal-fired unit. 

Heat transfer through a porous coal ash deposit occurs by 
both conduction and thermal radiation. While the latter con­
sists mainly of radiation transfer across voids, thermal radia­
tion absorption, emission, and scattering can also be impor­
tant at certain wavelengths for semitransparent slags. De­
pending on the temperature, physical state, and boundary 
conditions at the wall and deposit surface, the ratio of conduc­
tive to radiative heat fluxes will change with position in the 
deposit. 

Since conductive and radiative heat transfer in the ash 
deposit occur both in parallel and in series, the concept of an 
"effective" thermal conductivity is used. This quantity ke is 
defined such that the following form of the heat equation for 
one-dimensional, steady-state conduction is satisfied 

dq d r dr\ 
= 0 (1) 

dy dy L dy 

Since the heat flux is constant, the local effective thermal con­
ductivity can be defined as 

ke(T) = -q/(dT/dy) (2) 

An overall effective thermal conductivity ke „, calculated for 
the entire ash deposit thickness, 
manner. 

can be defined in a similar 
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Heat transfer rates depend primarily on the effective ther­
mal conductivity, surface absorptivity, and thickness of the 
deposit [6]. The deposit thickness, however, depends indirect­
ly on the temperature distribution in the deposit, which in turn 
is governed by the effective thermal conductivity. The low 
thermal conductivities of ash deposits (typically less than 1.0 
W/m K for sintered deposits) [7, 8] can produce temperature 
gradients of 100°C/mm or larger in the deposit. As a result, 
variations in effective thermal conductivity with temperature 
can be expected to be significant. While measurements of the 
overall effective thermal conductivity (or conductance) of ash 
deposits have been made [7, 9-12], measurements of local con­
ductivities of coal ash at temperatures well above the sintering 
range are lacking. 

An experimental facility has been constructed to study 
steady-state, high-temperature heat transfer through coal ash 
deposits obtained from utility boilers. The primary objectives 
of the study were: (1) to measure local thermal conductivities 
accurately over a large temperature range for three types of 
coal deposit (fly ash, slagging deposits, and fouling deposits), 
(2) to correlate experimental results and identify the 
parameters which significantly influence thermal conduc­
tivities, and (3) to compare results for solid-porous samples 
with those obtained from crushed deposits. 

Experimental Facility and Procedures 

The facility consists of a large-cavity kiln capable of con­
tinuous operation at 1500°C. Six silicon carbide heating elec­
trodes irradiate a uniform and relatively thin ash deposit sam­
ple, as shown in Fig. 1. A water-cooled heat sink at the bottom 
of the test cell assembly produces a one-dimensional heat flux 
through the sample. Surface irradiation across the sample is 
measured with a water-cooled, circular-foil transducer. Ir­
radiation levels were typical of those existing in coal-fired 
boilers. 

Figure 2 shows details of the test cell assembly. Heat is con-
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Fig. 2 Details of test cell assembly 

ducted and radiated through the porous ash sample (1) and 
conducted through the thin, high-conductivity substrate plate 
(3). The heat is then transferred by radiation across an air gap 
which separates the substrate plate from the blackened top 
surface of the heat-flux calorimeter and primary thermal 
guards (4). The flux calorimeter (100 X 100 mm) and the sur­
rounding thermal guards are water-cooled assemblies con­
structed of 25 mm copper plate with internal flow channels ar­
ranged in a serpentine fashion. The calorimeter is located 
directly below the center of the substrate plate and occupies 16 
percent of the total primary layer area. Temperatures across 

the calorimeter surface were uniform to within 0.5°C. A set of 
secondary thermal guards (5), located below the calorimeter 
and primary guards, is used to isolate the calorimeter com­
pletely from any extraneous heat gains or losses. 

Internal ash temperatures were measured with 0.13 mm 
(0.005 in.) " S " type platinum thermocouples in 1.2 mm (3/ 
64 in.) o.d. alumina tubing. Accurate measurement of ash sur­
face temperatures would have been difficult, especially for 
samples of particulate coal ash which have no well-defined 
surface. To circumvent this problem, the top and bottom ther­
mocouple probes were positioned slightly below the top sur­
face and slightly above the substrate plate, respectively. Using 
these and two other interior thermocouples, temperature pro­
files were determined and the surface temperatures were 
estimated by extrapolation. 

Each experiment consisted of a heating cycle and a cooling 
cycle. The ash sample was first heated from 25 °C to approx­
imately 300°C (at the irradiated surface). After steady-state 
conditions were reached, data were collected and effective 
thermal conductivities were determined. The kiln temperature 
was then increased in increments of 100°C up to the desired 
maximum temperature, with data collected at each kiln 
temperature. This constituted a heating cycle. In the cooling 
cycle, thermal conductivities were determined in a similar 
fashion. The cooling cycle in each experiment lasted much 
longer than the heating cycle, since the kiln could cool only by 
natural convection from the kiln exterior and from the 
residual heat removed by the primary and secondary guards. 

At each steady-state condition, the ash surface irradiation, 
the internal ash temperatures, and the heat flux through the 
ash sample were determined. Local thermal conductivities 
were calculated from the Fourier-Biot law, equation (2), 
where the gradient dT/dy was estimated from the temperature 
drop between two adjacent thermocouples. The heat flux was 
measured calorimetrically. Overall thermal conductivities, 
which represent an average conductivity for the entire sample 
thickness, were calculated from the following equation 

ke<0 s \k{ T)dT/\dT= - qH/AT (3) 

where AT is the difference between extrapolated surface 
temperatures. Alternatively, ke-0 can be calculated using the 
top and bottom thermocouple temperatures and the corre­
sponding separation distance. Results from these two methods 
agreed with one another to within 5 percent. The overall 
uncertainty in determining ke was estimated to be less than 10 
percent. More detailed descriptions of the facility, the ex­
perimental procedures, and the methods of data reduction are 
presented elsewhere [13]. 

Materials Studied 

Thermal conductivities were measured for fly ash, crushed 
boiler-wall slag and fouling superheater deposits, and solid-
porous fouling deposits. Hygroscopic moisture, specific gravi­
ty, and characteristic particle sizes were determined using 
American Society for Testing and Materials (ASTM) methods 
[14, 15]. Properties of the samples and relevant operating 
parameters are listed in Table 1. 

With the exception of the fly ash samples, there was a 

Nomenclature 

A = 
DP = 
H = 
k„ = 

area, n r 
particle diameter, m 
ash sample thickness, m 
local effective thermal con­
ductivity, W/mK 
overall effective thermal con­
ductivity, W/mK 

q = heat flux, W/m2 

T = temperature, K 
y = distance from substrate plate, 

m 
£ = dimensionless height = y/H 

Subscripts 
fc = heat flux calorimeter 
h = hybrid 
p = particulate 

sp = solid porous 
/ = total 
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Table 1 Ash characteristics and experimental conditions 

Experiment 

A 
B 
C 
D 
E 
F s 
G* 
H 
I 

Sample 
thickness," 

mm 

19.0 
20.3 
20.3 
20.5 
20.5 
19.7 
19.7 
20.6 
21.8 

Particle 
diameter, 

ftm 

25.5d-e 

13.5" 
715 
420 
420 
— 
— 
160 
1015 

Specific 
gravity* 

2.45 
2.38 
2.33 
2.37 
2.37 
2.58 
2.58 
2.58 
2.58 

Bulk 
density," 
g-cm"3 

0.80 
0.99 
0.67 
0.67 
0.67 
0.80 
0.80 
1.04 
0.95 

Porosity," 
percent 

67.4 
58.4 
71.5 
71.6 
71.6 
69.1 
69.1 
59.6 
63.2 

Silica 
ratioc 

59.6 
86.3 
58.5 
58.5 
58.6 
80.0 
80.0 
80.0 
58.5 

Maximum 
surface 

temperature, 
°C 

1150 
~1050/' 

1380 
1155 
1394 
1255 
1365 
1235/" 
1420 

"Values prior to melting, where applicable. 6ASTM C-188 (1982). cSilica ratio = [(Si02)/(Si02+Fe203+CaO + MgO)]* 100 percent. dASTM D-422 (1982). eValue for particles passing #200 mesh (84 w/o of sample). 
Ajseful data limited due to exposed thermocouple probes. 
gApproximately 1/3 of sample was in particulate form with median particle diameter of 
table entries are for solid pieces. 

-200 /on. Where relevant, 

significant spatial variation in the chemical composition of the 
deposits. It was believed that a conventional mineral analysis 
(using x-ray fluorescence, for example) would not yield 
representative compositions for the samples. For this reason 
each sample was characterized by its average silica ratio. The 
silica ratios in Table 1 were provided by the utilities supplying 
the deposits. These are average values in the sense that they 
were obtained from the results of numerous mineral analyses 
performed over a period of several weeks. 

The fly ash samples (Experiments A and B) were prepared 
by loading as-received fly ash into the test cell tray (Fig. 2) to a 
depth of approximately 20 mm. Care was taken to insure that 
the samples were not compacted during the loading process. 
Nonhomogeneities in the boiler-wall slag samples, such as 
their chemical composition and the size, shape, and distribu­
tion of voids, as well as machining difficulties, precluded stu­
dying these samples in their natural form. In order to obtain 
uniform samples, crushing the boiler-wall slag prior to testing 
was required. In order to investigate the influence of particle 
size on thermal conductivity, experiments were performed on 
three different particle sizes of the crushed samples. The parti­
cle sizes listed in Table 1 for Experiments C through I 
represented the mean characteristic particle size Dp. 

While the thermal resistance of a collection of discrete slag 
particles is different from that of the original slag deposit, this 
difference diminishes considerably when the particles ex­
perience sintering and melting. Thus, at high temperatures the 
thermal conductivity of sintered or fused particles can be con­
sidered to be representative of that for the corresponding slag 
deposit, bonded to a steam-tube wall. 

To assess objectively the effect of crushing deposits prior to 
heating, Experiments F and G were performed on a sample of 
solid-porous superheater deposit. Due to an insufficient 
amount of suitable'material, preparation of a hybrid sample 
was necessary. Two thirds of this sample consisted of a solid-
porous deposit 19.7 mm thick, with a 19.7 mm layer of 
crushed particles, approximately 160 /jm in diameter, con­
stituting the remaining third of the particulate sample. The 
heat flux calorimeter was located below part of the solid-
porous deposit and part of the particulate sample. Since heat 
transfer through the solid and crushed regions was in parallel, 
the effective thermal conductivity of the solid-porous 
specimen could be determined. For comparative purposes, 
measurements were made on the same fouling deposit after it 
had been crushed into particles of approximately 160 jitm 
diameter (Experiment H). 

o 
O 
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e 
H 

O 
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Fig. 3 Overall thermal conductivities for fly ash 

Results and Discussion 
Fly Ash. The overall effective thermal conductivities, 

based on the temperature drop across the entire sample 
thickness, are shown in Fig. 3 as a function of temperature. 
The magnitude of keo is quite small, indicating that the fly ash 
will create a large thermal resistance if it is allowed to ac­
cumulate on heat transfer surfaces. 

A very light sintering of fly ash particles near the heated sur­
face was produced at the higher temperatures. Local conduc­
tivities in this region were only a few percent greater than 
those in cooler regions, where sintering did not occur. That the 
overall effective thermal conductivity curve in Fig. 3 is rever­
sible (Experiment A) suggests that the thin layer of lightly 
sintered ash particles did not significantly alter the effective 
conductivity of the ash sample. 

Within experimental error, the overall effective conduc­
tivities for both types of fly ash are the same up to a mean ash 
temperature of approximately 650°C (see Fig. 3), despite the 
disparity in particle size, porosity, and the silica ratios listed in 
Table 1. (Experimental difficulties limited the useful data 
from Experiment B to the six points shown.) This agreement 
suggests that either the foregoing parameter effects cancel 
each other, or that the effects are negligible under these condi­
tions. The likelihood of the first possibility is small, lending 
credance to the second alternative. Indeed, thermal radiation 
models for packed beds [16, 17] predict a negligible radiation 
contribution for 13.5 /xm and 25.5 /mi particles. Silica ratio is 
important only at higher temperatures [9], where strong sinter­
ing and fusion can occur. While porosity is important, 
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Fig. 5 Steady-state temperature profiles for crushed boiler-wall slag 
deposits showing effects of thermal history 

regardless of particle size [18, 19], the particle size distribution 
can play a much larger role than porosity alone. The fly ash 
sample used in Experiment A consisted of particles 1.5 /tm to 
50 fim in diameter; fly ash particles in Experiment B ranged 
from less than 1 /on to 30 /xm in diameter. 

Crushed Slag Deposits. Experiments were performed on 
samples of crushed boiler wall slag for three different particle 
sizes: 420 ± 170 /mi, 715 ± 125 /un, and 1015 ± 175 /an. 
Temperatures were sufficiently high to produce extensive 
sintering and melting, with corresponding decreases in sample 
thickness ranging from 23 to 33 percent. The maximum sur­
face temperature of the melt was 1420°C. 

Experiments D and E were performed on the same sample 
of boiler-wall slag (see Table 1) to check the reproducibility of 
the experimental results for a lightly sintered sample. Max­
imum ash temperatures in Experiment D were limited to 

1155°C in order to preserve the sample for Experiment E. The 
sample was allowed to cool to 25 °C prior to Experiment E. 
The effective thermal conductivities measured during the 
heating cycle in Experiment E agreed to within 10 percent with 
those measured during the cooling cycle of Experiment D. 

Results from Experiments C, D, and E (Table 1) were used 
to generate the composite curve in Fig. 4. The local thermal 
conductivities ke measured in the heating cycle are seen to be 
fairly independent of temperature below 1100°C, and increas­
ing particle size from 420 jim (Experiments D and E) to 715 
/xm (Experiment C) did not significantly influence ke. At 
higher temperatures, particle sintering and fusion become im­
portant. The increase in ke with temperature is seen to be 
greater than tenfold (0.25 to 2.5 W/m-K). 

The following empirical correlations for the local thermal 
conductivity in Fig. 4 (heating cycle) were obtained using least-
squares curve-fitting methods. With ke and T having units of 
W/mK and °C, respectively, 

T<ll70°C: 

k=0A05 + 2.99xl0-4T 

7>1170°C: 

k. = 24.3 - 0.0416r+ 1.81 x 10~5 T2 

(4) 

(5) 

These correlations have been used in modeling boiler-wall heat 
transfer for this particular slag [13]. However, in practice 
equation (4) should be modified to account for the loose par­
ticles which are predominant in the laboratory slag samples at 
relatively low temperatures. Since the actual boiler-wall 
deposit will at least be sintered, the minimum thermal conduc­
tivity will be closer to that of sintered material (~0.4 W/m-K 
in Fig. 4). 

The most obvious trend in Fig. 4 is the irreversibility in ke. 
Four heat transfer mechanisms govern overall heat transfer in 
a bed of loose particles in stagnant air [20]: (1) conduction 
through the solid particles, (2) radiation transfer between 
discrete particles not in contact, (3) radiation transfer between 
neighboring voids, and (4) conduction through the air near the 
contact points or surfaces. When individual particles become 
sintered or fused at high temperatures, the thermal resistance 
due to the fourth mechanism vanishes. In addition, heat con­
duction through the resulting solid matrix increases. These 
two effects produce a decrease in the total thermal resistance 
offered by the particles, i.e., an increase in the local thermal 
conductivity. 

Another factor responsible for the increase in the effective 
thermal conductivity in Fig. 4 is that thermal radiation heat 
transfer is enhanced at the higher temperatures. Since radia­
tion transfer depends on T4, the curve shows a nonlinear 
temperature dependence at high temperatures. Packed-bed 
models [16, 20, 21] predict that the radiative contribution to 
ke depends on J3 , but that the contribution is negligible for 
particles smaller than 100 /on. For spherical particles 1.0 mm 
in diameter with an emissivity of 0.8, radiation can become 
significant at temperatures of approximately 1000 to 1200 K. 
For smaller particles, radiation becomes significant at higher 
temperatures (Fig. 4). While the slag particles are certainly not 
spherical, packed bed heat transfer models are useful in ex­
plaining the observed thermal conductivity trends. 

Figure 5 shows the effect of increased thermal conductivity 
on steady-state temperature distributions in the sample. The 
dimensionless height £ is defined as £ = y/H, where y is the 
distance from the substrate plate and H is the thickness of the 
ash sample. Each curve contains four ash temperatures 
measured at a single steady-state condition. The dashed line 
segments are the surface temperature extrapolations. 

Near the cooled substrate plate (small £) the profiles are 
nearly linear, with temperature gradients of ~85 °C/mm. In 
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shown in Fig. 7. Spherical voids, most of which ranged in size
from 0.5 to 1.5 mm, are present throughout most of the hard
melt region. Very few voids, however, are present in the top
millimeter of the melt. Evidently the slag viscosity in this
region was sufficiently low for the trapped voids to migrate to
the surface and escape.

Results from the crushed slag experiments are compared
with the data of Mulcahy et al. [7] and Singer [8] in Fig. 8. The
present data are seen to agree quite well with previous data at
temperatures below lOOO°C. The deviation above lOOO°C is
believed to result from a slightly higher silica content in the
present slag samples (46 percent) than that in Mulcahy's
samples (41 percent). In addition, Mulcahy's data are for par­
ticles approximately 200 j.tm in diameter, whereas the particles
used in Experiments C, D, and E had diameters of 420 and 715
j.tm. The smaller particles can be expected to sinter and melt
sooner than larger particles for a given sample of material.

As expected, the curves for Singer's fused deposit and
Mulcahy's solid deposit in Fig. 8 lie above the particulate­
sample data. The thermal resistance of the particulate sample
is greater than that of the solid sample due to the added con­
tact resistance offered by the discrete particles. The magnitude
of k e for the solid and fused deposits in Fig. 8 depends
primarily on the extent of sintering. The locations of the four
cooling cycle curves (solid lines) reflect the relative degree of
particle sintering and fusing.

Considering that the data in Fig. 8 are for different slag
samples with different-sized particles, the close agreement for
particulate samples at temperatures below lOOO°C is en­
couraging. However, thermal conductivities at higher
temperatures (above the sintering point) strongly influence
heat transfer to the boiler steam tubes. The large discrepancy
between the present data and those of Mulcahy et al. [7] at
temperatures above 1000°C clearly indicates the importance
of extending the measurement of thermal conductivities to
temperatures above the sintering point.

Fouling Deposits. Local effective thermal conductivities
measured for the hybrid sample of fouling superheater deposit
(2/3 solid-porous, 1/3 particulate) in Experiments F and G
and for the sample of crushed deposit (Experiment H) are
shown in Fig. 9. Results for the hybrid sample exceed those for
the particulate example by as much as a factor of two, in­
dicating that the practice of routinely crushing samples of
porous coal ash deposits can significantly bias effective ther­
mal conductivities.

Results from Experiments F and G are not strictly valid for
either a solid-porous deposit or for a particulate sample, since
the heat flux calorimeter absorbed heat which was transferred
through both materials. Results from Experiments F and G
are therefore bounded by the two limiting cases. An estimate
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Fig. 7 Cross section of slag melt layer from Experiment I (1 In. scale)

Fig. 8 Comparison of present data with those of previous experiments

3.0,------------------------,

contrast, the gradient is reduced near the heated surface,
where k e is largest. Temperature profiles are also greatly in­
fluenced by the thermal history of the sample itself, as clearly
evidenced in the cool-down curves. The shift in dimensionless
height of the thermocouple positions to larger ~ at elevated
temperatures results from the decrease in sample thickness
during melting.

Local effective thermal conductivities for the sample of
1015-j.tm-dia crushed slag particles (Experiment I) are shown
in Fig. 6. Conductivities were approximately twice as large as
those for particles with diameters smaller than 715 j.tm (see
Fig. 4). The increase results from increased solid particle con­
duction and longer path lengths available for thermal radia­
tion transfer. Quantitative predictions of ke for various parti­
cle sizes using packed-bed heat transfer models are difficult
due to the randomness of particle shape, the number of con­
tact points, and the partiCle size distribution existing for the
crushed slag samples. Comparing Fig. 6 (Dp = 1015 j.tm) with
Fig. 4 (Dp < 715 j.tm), however, shows that crushing coal ash
deposits into particles of arbitrary size can have a significant
influence on effective thermal conductivity.

A cross section of the melt layer produced in Experiment I is
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of the solid deposit conductivity can be made, however, since 
the heat transfer paths are in parallel. The thermal conduc­
tance for the hybrid sample is the sum of the two values 

kh-A/c _ kspAsp kpAp 

H ~ H H ( ' 
or 

where the subscript sp denotes solid-porous, h the hybrid sam­
ple (Experiments F and G), and p the particulate sample (Ex­
periment H). The areas Asp and Ap represent the surface areas 
of the flux calorimeter below the solid-porous specimen (80 
percent) and the particulate sample (20 percent), respectively. 
By applying equation (7) to the data of Fig. 9, estimates for 
ksp as a function of temperature were made. Results are shown 
in Fig. 10, where the ratio of particulate sample conductivity 
kp to solid-porous conductivity ksp is plotted. This ratio clear­
ly shows that crushing the fouling deposit reduces the effective 
thermal conductivity at moderate temperatures {T < 1200°C). 
(The curve in Fig. 10 was drawn assuming that the thermal 
conductivities of both the particulate sample and the solid-
porous samples would be equal at 1350°C, i.e., when partial 
melt conditions exist.) The error in assuming that thermal con­
ductivities measured for the crushed sample are representative 
of those for the actual solid-porous fouling deposit is approx­
imately 100 percent at moderate temperatures (kp « 0.5 ksp at 
1100°C). 

While the curve in Fig. 10 was obtained for one specific 
fouling deposit, it is expected that similar trends will hold in 
general. The common practice of measuring thermal conduc­
tivities at moderate temperatures for crushed coal ash deposits 
in loose particle form appears to be of questionable value. Ef­
forts should be directed toward measuring thermophysical 
properties of deposits in their natural form when possible. The 
difference between solid and particulate sample effective ther­
mal conductivity will depend on the chemical composition, 
degree of sintering, and the experimental procedures used. 

Packed-Bed Heat Transfer Models 
Attempts to correlate the effective thermal conductivities 

shown in the previous figures using packed-bed heat transfer 
models were not successful. The main difficulties in applying 
packed-bed models to coal ash deposits include satisfying the 
model assumptions and obtaining a spatially uniform ash 
deposit sample with known properties. 

Of the many correlations appearing in the literature, most 
are restricted to constant-property materials having uniform 

particle size, uniform packing, and porosities which are well 
below those of the ash samples used in this study. In addition, 
unknown ash properties such as the solid-phase thermal con­
ductivity and surface emissivity, as well as local variations in 
porosity, particle shape, particle size, particle-to-particle spac­
ing, and the number of contact points per particle are difficult 
to account for. 

For these reasons, a detailed comparison of the experimen­
tal results with predictions from packed-bed correlations was 
not considered to be practical. Nonetheless, the packed-bed 
heat transfer models surveyed [16-21] were useful in explain­
ing, in a qualitative sense, the observed trends in ke for the fly 
ash, fouling, and slagging deposits. 

Conclusions 
An electrically heated kiln has been designed and con­

structed for steady-state heat transfer measurements of coal 
ash deposits at high temperature. The facility was used to 
measure the "effective" thermal conductivities of several ash 
samples under conditions similar to those existing in a large-
scale utility boiler. Both overall and local thermal conduc­
tivities were measured. 

Experiments were performed on samples of fly ash, boiler-
wall slag, and fouling superheater deposits. The maximum 
surface temperature was 1420°C. At temperatures less than 
1000°C, thermal conductivities of all samples were less than 
0.5 W/m-K and were relatively independent of temperature. 
Temperature gradients in the unsintered regions of the 
samples approached 100°C/mm. At higher temperatures, con­
ductivities increased significantly and irreversibly where parti­
cle sintering and fusion occurred. Local thermal conductivities 
for crushed slag samples increased tenfold upon melting. 

Particle size of crushed deposits was not an important 
parameter for Dp < 715 fim. For particles larger than 715 /an 
in diameter, the effective thermal conductivities increased with 
particle size. Conductivities at temperatures less than 1200°C 
for 1015 ftm particles were approximately 100 percent higher 
than those for particles smaller than 715 fim. 

Both the thermal history and structural form of the deposits 
(solid-porous versus crushed samples) were important 
parameters. Thermal conductivities in sintered or fused 
regions were considerably larger than those in unsintered 
regions at a given temperature. Crushing a sample of fouling 
superheater deposit reduced ke by 50 percent at moderate 
temperatures. 

Results for crushed slag deposits compared favorably with 
previously existing data at temperatures below 1000°C. 
Discrepancies above 1000°C clearly indicated the need to ex­
tend the measurement of thermal conductivities to 
temperatures well above the sintering range and into the 
melting range. 
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RANKINE: a Computer Software 
Package for the Analysis and 
Design of Steam Power Generating 
Units 
A software package has been developed for the analysis of steam power systems. 
Twenty-eight configurations are considered, all based upon the simple Rankine cycle 
with various additional components such as feedwater heaters and reheat legs. The 
package is demonstrated by two examples. In the first, the optimum operating con­
ditions for a simple reheat cycle are determined by using the program. The second 
example involves calculating the exergetic efficiency of an actual steam power 
system. 

Introduction 
Nearly all major electric-generating power systems run 

through a series of processes which is based upon the 
theoretical thermodynamic cycle called the Rankine cycle. 
Because the Rankine cycle is the basis for steam power cycles, 
its analysis is vital to the design of power systems and to ensur­
ing their proper operation. By introducing additional com­
ponents, such as feedwater heaters or reheat legs, or adjusting 
the operating temperatures and pressures, a Rankine cycle 
analysis can be used to maximize the thermal efficiency and 
exergetic efficiency (second law effectiveness) within the con­
straints of turbine exit quality and pump capacity. The process 
of analyzing these Rankine cycles and attempts at optimizing 
the operating conditions can be very complex as well as time 
consuming. Such an analysis dictates the use of the computer. 
A software package (RANKINE) has been designed and tested 
which will solve a wide range of Rankine cycle problems very 
quickly. This software package is the subject of this paper. 

Another use of the software package is in the instruction of 
undergraduate mechanical engineering students. Because the 
Rankine cycle is the basis for steam power cycles, it is a 
primary topic covered in an intermediate thermodynamics 
course. In order to provide the students with a feeling for how 
the ideal Rankine cycle may be modified in order to model any 
actual steam power cycle, a large number of examples need to 
be worked. With the RANKINE software package, the 
students will be able to gain a feeling for actual steam power 
cycles in a reasonable time period. 

Previous software packages dealing with Rankine or 
modified Rankine cycles fall into one of three groups. There 
have been some very simple programs developed which can be 
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Fig. 1 The simple Rankine cycle 

run on hand-held calculators (Whitehouse, 1984). These are 
normally restricted to considering only the simple Rankine cy­
cle and hence do not provide a realistic analysis of the power 
plant. The second group involves software packages that run 
on micro- or minicomputers. Preston et al. (1973) have written 
a program for the PDP-8 computer which analyzes the opera­
tion of the Rankine cycle for classroom use. Unfortunately, 
this second group is also restricted to only the simplest steam 
power cycles such as the Rankine or reheat cycle since the 
primary use of these programs is for classroom instruction. 
Finally, there are some massive computer programs available 
for the analysis of actual steam power plants, but these are 
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often very costly to run and are designed for a specific power 
plant. Among these codes are Pepsi, SNYTHA, and Therm 
(Babin, 1985). Recently, Rosen and Scott (1985) have 
modified the Aspen Plus code for energy-exergy analysis. A 
modular technique was employed by Sonnenschein (1982) to 
perform calculations involving power station energy balances 
and plant efficiency. The RANKINE program is sufficiently 
flexible to analyze a number of different power plants and is 
also sufficiently simple to be used for instructional purposes. 
The Rankine software package was developed by the authors 
from scratch using a cycle solution methodology employed by 
one of the authors in the classroom. 

This paper continues by providing a short theoretical 
background on the Rankine cycle, followed by a detailed 
description of the designed computer program. This will in­
clude an outline of the overall structure of the program, 
details of each subroutine, the operating structure of the pro­
gram (with appropriate flow charts), and a discussion on the 
acquisition of the physical properties of the working fluid 
(steam). The paper concludes by employing the software 
package to optimize the thermal efficiency of a simple reheat 
cycle subject to a constraint on the exit quality of the turbines. 
Finally, the software package is demonstrated by conducting a 
second law analysis on a more complicated steam power 
system. 

Theoretical Background 

The theoretical Rankine cycle is shown in Fig. 1 in a 
schematic diagram as well as a temperature-entropy diagram. 
In the ideal Rankine cycle the process from 1-2 represents a 
reversible isentropic pumping process, from 2-3 is a constant 
pressure transfer of heat in the boiler, from 3-4 is a reversible 
isentropic expansion in the turbine, and from 4-1 is a 
constant-pressure transfer of heat in the condenser. The 
temperature-entropy diagram shows the possible states at 
each node but due to friction or heat losses these states may 
not be as the diagram indicates. The area denoted by 
a-2-2'-3-b-a indicates the heat transferred to the working fluid 
QH (steam in this case) and the area denoted by a-l-4-b-a in­
dicates the heat transferred from the fluid QL. The net work is 
represented by the difference in the heat added and the heat re­
jected, or the portion of the diagram which is shaded. 

The major components of the Rankine cycle are: 

((') Boiler — converts the working fluid of the system from 
the liquid state into a vapor state through heat addition. 

(K) Turbine — converts the available energy of the steam 
into mechanical energy by an expansion process. 

(Hi) Condenser—converts the working fluid of the system 
from the vapor state into a liquid state with rejection of heat. 

(iv) Pump — raises the pressure of working fluid in liquid 
state. 

(v) Feedwater Heater — mixes extracted stream from the 
turbine with the liquid from the condenser. 

In modifying the simple theoretical Rankine cycle for steam 
power use, a reheat leg is often employed. This uses steam ex­
tracted off the turbine, passed back through the boiler and 
finally expanded through a second turbine. The reheat cycle is 
used to increase efficiency with higher pressures but avoids 
high moisture in the turbine. 

When a modified Rankine system is used to model an actual 
steam power cycle a number of deviations from ideal opera-

<A 

© 

- © • ^ 1 _ . 

© 

Fig. 2 Examples of cycle configurations 

tion must be incorporated. The principal losses considered in 
the software package are: 

(/') turbine losses 
(ii) pump losses 

(Hi) condenser losses 
(iv) piping losses, both pressure losses and heat losses 

These deviations from ideal performance are all incor­
porated into the program using the method outlined by Van 
Wylen and Sonntag (1974). Shaft and valve leakages are not 
accounted for in the program. 

Description of the Software Package 

The main program of the software package has been de­
signed to analyze 28 different cycle configurations. Some of 
these configurations are shown in Fig. 2 and range in complex­
ity from the simple Rankine cycle to a steam power cycle that 
includes three turbines, two reheat legs, and three feedwater 
heaters. Some generality of the program is lost by allowing a 
maximum of only three feedwater heaters, since the standard 
in today's large control station power cycles is seven feedwater 
heaters. For all the configurations extraction of process steam 
has been accounted for with makeup water being added at the 
condenser. For each cycle, the exit conditions of the boiler and 
the exit pressure of the turbine(s) are required inputs. 

Once the cycle to be analyzed has been selected, a noding of 
the cycle is carried out. Beginning with the condenser, a node 
is identified and numbered after every device. The piping be­
tween components is considered a device so that node 1 is at 

N o m e n c l a t u r e 

E = exergy 
h = enthalpy 
L = fluid state index 
P = pressure 

Pf = dimensionless intermediate 
pressure 

Q = quality 
QH = heat added 

QL = heat rejected 
5 = entropy 
T = temperature 

W = work 
e = exergetic efficiency 
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Fig. 4 Steam table subroutines 

the exit of the condenser, but node 2 is at the entrance to the 
first pump. This is, of course, the exit of the "pipe device." 
After the nodes have been numbered, the cycle is traversed, 
using the appropriate thermodynamic relations to obtain the 
state variables at the next node. At this time the required in­
puts of temperature T, pressure P, quality Q, and fluid state L 
are made. The fluid state index L takes on the values of 1 for 
subcooled liquid, 2 for two-phase mixture, and 3 for superheat 
vapor. Once all of the state variables are specified at each node 
the calculations for net work, thermal efficiency, and exergy 
can be performed. The results are all printed out in tabular 
form and the corresponding temperature-entropy diagram is 
drawn. Once all of the state variables are specified at each 
node the calculations for net work, thermal efficiency, and ex­
ergy can be performed. The results are all printed out in 
tabular form and the corresponding temperature-entropy 
diagram is drawn. 

A key element in determining the state variables at each 
node is employing the appropriate equation of state or fun-
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Fig. 5 Flow chart of subroutine FIVE 

damental relation for the working fluid. The equation of state 
for steam is represented by the steam tables. The steam table 
routines of RANKINE were programmed from the equation 
derived in the Keenan and Keyes edition of the Steam Tables 
(1947). 

A flow chart of the overall operation of the software 
package is shown in Fig. 3. In Fig. 4 a description of the Steam 
Table Subroutines is provided. The interaction of the Steam 
Table Subroutines is somewhat unique and an example is 
given in the flow chart of Fig. 5. 

Although this software package is multipurpose, it does 
have certain limitations. The numerical methods used to 
calculate the steam table properties introduce considerable 
errors whenever the pressure is greater than the critical 
pressure. Therefore, the maximum allowable input pressure is 
22.09 MPa. This prohibits use of the program to simulate 
systems with supercritical boilers. The maximum allowable 
temperature input is 1300°C. The software package also fixes 
the state at the exit of the condenser and exit of a feedwater 
heater to be saturated liquid. The input values for pressure 
and heat losses can be either positive or negative, but the 
pressure loss cannot exceed the pressure at the entrance of the 
pipe and the heat loss cannot exceed the enthalpy at the en­
trance of the pipe. Finally only open feedwater heaters can be 
incorporated, as closed feedwater heaters which require 
iterative solution schemes cannot be solved with RANKINE. 

Demonstration of the Software Package 

To demonstrate the usefulness of RANKINE for power 
plant design, we first consider the simple reheat cycle specified 
as configuration #7 and shown in Fig. 6. The design problem 
faced in considering the reheat cycle is to select the in­
termediate pressure, that between the turbines, so that the 
thermal efficiency i)th is maximized while the exit quality of 
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superheat and the condenser pressure is 0.01 MPa. A dimen-
sionless intermediate pressure is defined as 
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Fig. 7 

DIMENSIONLESS INTERMEDIATE PRESSURE, r I 

Thermal efficiency and turbine exit qualities for reheat cycles 

the turbine is maintained above 0.9. This optimization can be 
done very easily and quickly using RANKINE. To simulate ac­
tual conditions, pump and turbine efficiencies are taken to be 
85 percent. Further, it is assumed that the temperature at the 
exit of the reheat leg is 80 percent of that at the exit of boiler. 
The boiler exit conditions are set at 2 MPa and 100°C 

P1= 
P — P 
J Intermediate -* Condenser 

P — P 

(1) 

and the computer program is run over a range of values of P*. 
The results of these computer runs are shown in Fig. 7. The 
computer time required for these runs is very small with the 
program residing on a main-frame computer such as an 
IBM3033 or a VAX machine. 

The first use of Fig. 7 is to determine the range of P* for 
which the constraint of turbine exit quality greater than 0.9 is 
satisfied for both turbines. From the graph this range is seen 
to be 0.1 to 0.37. Now restricting our attention to this range of 
P*, we seek to maximize the thermal efficiency. Fortunately 
the global maximum of r\th occurs within this range of 
P*=0.315. This is in fair agreement with the rule of thumb 
used for optimum reheat pressure being 20-25 percent of 
throttle for large single reheat power plant cycles. For the 
given pressures of the boiler and condenser this translates to 
an actual pressure of 0.637 MPa. By operating the reheat cycle 
at this intermediate pressure its maximum efficiency will be 
achieved. 

Another question which may arise involving the reheat cycle 
concerns the reheat leg exit temperature. Normally, this 
temperature is some fraction of the boiler exit temperature 
(80-85 percent), the standard being 1000°F maximum reheat 
temperature. In the example just presented it was taken as 80 
percent. A question one may well ask is whether the improve­
ment in the thermal efficiency is worth the effort to raise this 
percentage to 85 or 90 percent. To increase this percentage 
usually involves a capital expenditure, such as an additional 
heat exchanger pass. The RANKINE package can be used for 
decision-making purposes via cost-worth analyses. 

Finally, the RANKINE software package can be used to 
conduct a second law analysis of a power system. To 
demonstrate this analysis, configuration #20, shown in Fig. 8, 
is employed, which does a reasonable job of modeling the 
power plant schematic given by Babcock and Wilcox in their 
handbook (1978). 
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Fig. 9 Computer results for Configuration 20 

The results of the computer run are shown in Fig. 9. The 
authors define an exergetic efficiency as 

exergy and work produced 

exergy and work used 
(2) 

This is a somewhat different efficiency than the second law ef­
fectiveness defined by Bejan (1982) and Paolino and 
Burghardt (1982). The advantage of using the exergetic effi­
ciency as defined by the authors in steam power cycle analyses 
is that the exergy used in delivering process or extracted steam 
can be easily incorporated. Exergy and work produced con­
note the outputs of the cycle such as process and extracted 
steam and turbine work. Exergy and work used include the ex­
ergy supplied from the boiler and reheat legs. For the problem 
being considered we have 

W„ + Wr,+ W-T\ 72" 73 (3) 
(A£)boiler + WpX + Wp2 + Wpi + Wp, + (A£)reheat 

The terms (A£)boiler and (A£)reheat represent the exergy change 

of the steam as it passes through the boiler or reheat leg. That 
is, 

(A£) = h0M - hin - T0(sout -sm) (4) 

where T0 is taken at 298 K. For the calculation of exergy at a 
node the definition is used 

E = h-ho-T0(.s-s0) (5) 

where h0 and s0 are taken for saturated liquid at 298 K. From 
Fig. 9 we can thus determine the exergetic efficiency as 

397.11+500.93 + 628.21 

1409.6 + 0.0122 + 0.0526 + 0.135 + 27.268 + 330.4 
= 0.864 

(6) 

Conclusions 

A software package called RANKINE has been developed 
to analyze 28 different steam power cycle configurations. The 
package allows for inefficiencies in the pumps and turbines 
and accounts for pressure losses and heat losses in the piping. 
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Results are provided in terms of the thermodynamic state 
properties before and after each device, the work of the pumps 
and turbines, heat added to and rejected by the cycle, and the 
overall thermal efficiency of the cycle. Along with these 
results, drawings of the cycle and the temperature-entropy 
diagram are also provided as output. 

The software package has been shown to be useful in power 
plant design and analysis through calculations performed for 
two cases. The package may also be used for classroom 
demonstration. 

Authors' Note 

For educational purposes, the authors are willing to make 
the RANKINE software package available to interested par­
ties at no charge. The program is currently running on a 
VAX/VMS system in Fortran 77. The KERMIT file transfer 
program will be used to transfer the package to a diskette for 
either IBM or DEC compatible machines. 
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Exergy Analysis of Combined 
Cycles: Part 1 — Air-Cooled 
Brayton-Cycle.Gas Turbines 
Quantitative analytical tools based on the second law of thermodynamics provide in­
sight into the complex optimization tradeoffs encountered in the design of a com­
bined cycle. These tools are especially valuable when considering approaches beyond 
the existing body of experience, whether in cycle configuration or in gas turbine 
cooling technology. A framework for such analysis was provided by the author [1-3] 
using simplified, constant-property models. In this paper, this theme is developed to 
include actual chemical and thermodynamic properties as well as relevant practical 
design details reflecting current engineering practice. The second-law model is ap­
plied to calculate and provide a detailed breakdown of the sources of inefficiency of 
a combined cycle. Stage-by-stage turbine cooling flow and loss analysis calculations 
are performed using the GASCAN program and examples of the resulting loss 
breakdowns presented. It is shown that the dominant interaction governing the 
variation of cycle efficiency with turbine inlet temperature is that between combus­
tion irreversibility and turbine cooling losses. Compressor and pressure-drop losses 
are shown to be relatively small. A detailed analysis and loss breakdown of the 
steam bottoming cycle is presented in Part 2 of this paper. 

Introduction 

Combined cycle power plants are gaining increasing accep­
tance as alternatives to conventional or nuclear steam systems. 
This is leading to the development of gas turbines dedicated to 
combined cycle applications, such as the AGTJ-100 
"Moonlight" project in Japan [4-6]. Traditionally, the 
power-generation gas turbine has been built to operate on the 
Brayton cycle with thermodynamic design constraints 
originating from its airborne counterpart. Thus the cycle has 
consisted of one adiabatic compression followed by combus­
tion and expansion through an air-cooled turbine. While 
heavy-duty utility gas turbines differ from aircraft engines and 
their derivatives in many design features, the basic ther­
modynamic processes outlined above are identical. Those pro­
cesses are not necessarily optimum for power-generation gas 
turbine systems for a given set of system performance re­
quirements and component performance characteristics. An 
optimum system for a given power generation duty may in­
volve alternate cycle configurations such as compressor inter-
cooling, turbine reheat [4-9], steam injection into the gas tur­
bine [10], steam cooling of turbine components [11, 12], use of 
gas turbine regenerators, integration with alternative bottom­
ing cycles [13], or a variety of other options and combinations 
thereof. 

Assessment and optimization of such complex thermal 

Contributed by the Gas Turbine Division and presented at the Joint 
ASME/IEEE Power Generation Conference, Portland, Oregon, October 
19-23, 1986. Manuscript received by the Gas Turbine Division July 31, 1986. 
Paper No. 86-JPGC-GT-9. 

systems is a complicated task. The traditional first-law cycle 
analysis based upon component performance characteristics 
coupled with energy balances can invariably lead to the correct 
final result. However, such analysis cannot locate and quan­
tify the sources of loss which lead to that result. This is 
because the first law embodies no distinction between work 
and heat, no provision for quantifying the quality of heat, and 
no accounting for the work lost in adiabatically throttling a 
pressurized gas. These inherent limitations of energy-balance 
analysis are not a serious drawback in the hands of experi­
enced engineers dealing with familiar systems, since an in­
tuitive understanding of the different parametric influences on 
system performance and a second-law qualitative appreciation 
of "grade of heat" and effect of pressure loss are developed. 
When analyzing novel and complex thermal systems, however, 
such experience needs to be supplemented by more rigorous 
quantitative analytical tools. Second-law analysis provides 
those tools. 

One reason second-law analysis has not gained widespread 
engineering acceptance is thought to lie in the fact that it has 
not been readily integrable into traditional first-law tech­
niques. The time-honored, practical definition of power plant 
efficiency as the ratio of work output to heat input 

Wm W„ 
i j , = -

Q mfAHr 

differs from the second-law definition 

Wn, wm '72 = -
m,AGr 

(1) 

(2) 
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since for most fuels the enthalpy of reaction (or heating value) 
differs slightly from the availability1 (or Gibbs free energy of 
reaction). In a previous paper [1], the author has circumvented 
this inconsistency by a hybrid methodology where a work/ex-
ergy balance of air-standard constant-property uncooled gas 
turbine cycles was drawn up with exergy losses expressed as 
fractions of the heat addition. By proposing a simplified 
model for the combustion irreversibility, wherein the exergy 
lost as a fraction of the heat added in combustion was ex­
pressed as the complement to the Carnot efficiency based 
upon the logarithmic-mean temperature of heat addition, the 
work/exergy-loss balances summed up to the heat addition. 
Thus the efficiency definition of equation (1) was preserved 
with the balance of the heat unconverted to work being quan­
titatively assigned to the irreversibility mechanisms responsi­
ble for its rejection. This is in contrast to the energy balance 
that assigns unconverted heat to the points of its rejection 
rather than to the causes therefor. 

In second-law analysis of gas turbine systems, models for 
the turbine cooling irreversibilities are required. The author 
has presented a simplified constant-property general model 
for the thermodynamics of cooled turbines in [2] and applied 
it to a wide-ranging comparative assessment of alternative 
cycles and cooling technologies in [3]. In the present work, the 
models presented in [1-3] are developed to account for actual 
variable chemical/thermodynamic properties, rather than 
constant-property air-standard cycles, and to incorporate 
stage-by-stage turbine cooling and thermodynamic analysis to 
a level of detail suitable for absolute performance calculations 
rather than the comparative results presented in [1-3]. Those 
models are applied to a Brayton cycle air-cooled gas turbine in 
simple and combined cycle modes, with detailed analysis of 
the bottoming steam cycle presented in Part 2 of this paper. 
The exergy balances for the cycle and its components are 
presented and compared to energy balances. The loss 
mechanisms in combustion and gas turbine cooling are iden­
tified, quantified, and broken down into their sources by com­
ponent and by thermodynamic process. Emphasis is placed 
throughout on realistic component modeling based upon cur­
rent technological constraints. 

Analysis 

Figure 1(a) shows a flow diagram for the cycle under con­
sideration and its thermodynamic state points are illustrated 
on temperature-entropy coordinates in Fig. 1(b). Ambient air 
is assumed to be at 1.013 bar, 289 K, 50 percent humidity. The 

fuel is assumed to be methane. All gaseous mixtures appearing 
in the calculations can be treated as mixtures of varying pro­
portions of three components. Those three components are: 
air (77.44 percent N2 , 20.76 percent 0 2 , 0.92 percent Ar, 0.85 
percent H 2 0 , 0.03 percent C0 2 ) ; water (100 percent H 2 0) ; 
and stoichiometric gases2 (70.16 percent N2, 19.58 percent 
H 2 0 , 9.43 percent C 0 2 , 0.83 percent Ar). Polynomial fits for 
the specific heats of each of those three components as a func­
tion of temperature are used in the calculations and plotted in 
Fig. Al of Appendix I. The specific enthalpy, entropy, and 
availability of all substances are treated as the sum of a 
chemical component and a thermomechanical component. All 
nonreacting gases3 are arbitrarily assigned zero thermo­
mechanical enthalpy, entropy, and availability at the ambient 
pressure and temperature regardless of chemical composition, 
thereby neglecting the entropy of mixing different gaseous 
components. Thus the enthalpy, entropy, and exergy of each 
nonreacting component can be calculated from the specific 
heat polynomials4 

h=\l CpWdT 

\ 
= Cn 

dT 

s = <f>-R\n (p/Pa) 

w = h~Tas = h-Ta<j> + RTaln(p/pa) 

(3) 

(4) 

(5) 

(6) 

It is convenient to think of the first two terms on the right-
hand side of equation (6) as the sensible component of the ex­
ergy and the last term as the pressure component. From the 
above relations and the polynomial fits for Cp(T), the en­
thalpy and exergy of all streams can be calculated as a func­
tion of their pressure, temperature, and chemical composi­
tion. The latter state variables can be calculated from the cycle 
parameters and component performance characteristics as 
discussed below. An interactive computer program, GASCAN 
(GAS turbine Cycle ANalysis), has been written to set up the 
gas turbine cycle, select the compressor bleed and turbine-
coolant source configuration, perform mass, energy, and ex­
ergy balances on each component, compute turbine cooling 

The terms "exergy," "availability," and "available work" are synonymous 
and shall be used interchangeably. 

It is assumed that a fraction r)g of the fuel is completely burned and that the 
small unburned portion has the same specific heat as stoichiometric gases. 

3 The only reacting component is taken to be CH4, but unburned methane 
resulting from incomplete combustion is treated as nonreacting. 

4In the current terminology, T and p refer to stagnation values. The property 
polynomials are based upon static temperatures. In calculations where the Mach 
number is sufficiently large to introduce appreciable property errors, correction 
to the static state is made before the polynomials are applied. 

Nomenclature 

Cp = specific heat at constant 
pressure, kJ/kgK 

E = effectiveness or second-
law efficiency 

h = specific stagnation en­
thalpy, kJ/kg 

m = mass flow rate, kg/s 
p = stagnation pressure, bar 
Q = heat flow rate, kW 
R = gas constant, kJ/kgK 
s = specific entropy, kJ/kgK 
T = stagnation temperature, K 

W = work rate, kW 
AHr = enthalpy of reaction 

(lower heating value) 

AG, 

V 

4> 

Q + = 

Gibbs function of reac­
tion, kJ/kg 
efficiency 
first-law efficiency 
second-law efficiency 
Keenan function, kJ/kgK, 
defined in equation (4) 
availability (or exergy) 
rate, kW 
increase in sensible exergy 
through combustion, kW 
specific stagnation exergy, 
kJ/kg 

c = 
f = 
i = 

J = 

L = 
LM = 

Q = 
TS = 

1 ,2 ,3 ,4 = 

compressor 
fuel 
index indicating a com­
pressor bleed stream 
index indicating a cooling 
stream entering a turbine 
stage 
lost 
logarithmic mean 
combustor 
turbine stage 
cycle state points, Fig. 1 

Subscripts 

a = ambient air 

Superscripts 

+ = added 
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Fig. 1(a) 

Fig. 1(b) 

flow rates and performance penalties for each component, 
and conduct a turbine pitchline thermodynamic analysis. The 
program methodology is given in [14]. The calculations 
presented in this paper are based upon the inputs described in 
the paper or given in Appendix I. Appendix II shows mass, 
energy, and exergy streams in an example cycle with a pressure 
ratio of 14 and combustor discharge temperature (T.I.T.) of 
1550 K. Reference to this table should facilitate the discussions 
of each component given below. All tabulated results refer to 
this sample cycle. 

Compressor. For a given polytropic efficiency, pressure 
ratio, and bleed point pressures, the temperature and thus 
other state variables for each stream can be calculated. Mass 
and energy balances yield the compressor work, and the 
availability balance for the compressor gives the exergy lost 

mx = m2 + Titnj 

Wc = m2h2 + tm^h, 

QLiC = Wc + mlwl -m2oo2 -£/»/«,-

(7) 

(8) 

(9) 

exergy due to the total pressure drop across the inlet 
filter/ductwork. The compressor effectiveness defined as the 
ratio of increased availability of the working substance to 
work input 

£ c = (m2o)2 + Lmioii — m1wl)/fVc 

has been related to the polytropic efficiency in [1]. 

(10) 

riQmfAHr 

Combustor. For a given discharge temperature, pressure 
drop, and combustion efficiency, the fuel flow is found from 
the mass and energy balances, and the availability lost from 
the exergy balance. Those are, respectively, 

mi=m2 + mf (11) 

-m3h3-m2h2 (12) 

^L,Q = m/lAGr + R/Taln (pf/pa)]-(m3u3-m2u2) (13) 

In equations (11) and (12), the fuel line is assumed to be at a 
pressure pj and ambient temperature. The first term on the 
right of equation (12) includes the thermomechanical 
availability of the pressurized fuel. Some rearrangement of 
equation (13), together with equations (6), (11), and (12), 
allows the availability lost in the combustor to be expressed as 

Q L,Q 
1 ®L,Q,FT + ®L,Q,IC + ®L,Q,PD + ®L,Q,TD (13«) 

where the terms on the right-hand side respectively represent 
the availability lost due to throttling the fuel frompy top2, in­
complete combustion, total flow combustor pressure drop in 
the combustor from p2 to p3, and thermal degradation of the 
heat released by combustion to a finite temperature. Those 
quantities are 

®L,Q,FT = mfRfTa In (Pf/P2) 

®L,Q,ic = mf (I-yQ)AGr 

Q, 

(136) 

(13c) 

^Q,PD^m3R3Taln(P2/P3) (13d) 
nL,e,ro = mf7iQ(AGr-AHr) + Ta{m3(j>3-m2<l>2) (13e) 

It is particularly interesting to form the ratio of (13e) to the 
heat-added quantity of equation (12). Such a manipulation 
gives 

Q L.Q.TD _ Ta(<t>l-4>2) 

riQmfAHr h3 (-£--)••(-£-) '»> 
where the last term represents miscellaneous terms of order 
(mf/m3), a small number in practical cycles. The next to last 
term is very small for most fuels. Thus the ratio of availability 
lost to heat added in the combustor can be approximated by 
the first term on the right. Neglecting property variations, this 
term can be written, in view of equations (3) and (4), as 

Ta(<t>3-<t>2) \n(T3/T2) Ta 

h3-h2 T3-T2 TLM
 ( 1 5 ) 

where TLM is the logarithmic mean temperature in the com­
bustor. Thus equation (15) can be recognized as the comple­
ment of the Carnot efficiency based on TLM. The heat-
addition effectiveness of a combustor defined as the increase 
of sensible thermal availability of the working fluid divided by 
the heat supplied is therefore reasonably approximated by the 
Carnot efficiency based upon TLM 

E$=l-
0 L.Q.TD _ j 

r)QmfAHr 

(16) 

This statement is validated by the results discussed below and 
justifies the simplified model presented in [1], The rigorous 
second-law definition of combustor effectiveness, which ac­
counts for all losses including incomplete combustion and 
pressure drops, is 

It should be noted that state 1 has zero enthalpy but negative £ Q = l-f2L,Q//w /AGr (17) 
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Turbine. For a cooled turbine stage, the mass, energy, and 
exergy balances may be written as 

(18) 

(19) 

(20) 

moM = min+T.mj 

Wrs=minh:, + EmJhJ-mmhoat 

$Jz,,re = /"in"i , + LrtijUj - ''out "out - WTS . 

where E/M,- represents the sum of all cooling flows to the stage: 
stator, rotor, and wheelspaces. Those flows may originate 
from different bleed points and have different properties. In 
contrast to the compressor5 and combustor, the mass and 
energy balances are in themselves insufficient to specify the 
thermodynamic state leaving a cooled turbine stage of a given 
pressure ratio since both the exit temperature and the work are 
unknown. Thus the availability losses cannot be determined a 
posteriori, and the second law must form an integal part of the 
solution. This may be accomplished by specifying stage 
cooling-loss efficiency penalties or through fundamental 
entropy-generation models as presented by the author in [2]. 
To further complicate matters, unlike the compressor and 
combustor, the mass balance is coupled nonlinearly to the 
energy and irreversibility equations through the cooling flow 
calculation and the cooling thermodynamic loss penalty. The 
calculation procedure used is described in [14]. Its key 
assumptions and results are mentioned here. In all the results 
presented, the turbine consists of three equal-pressure-ratio 
stages. This implies either a single shaft machine or a two-
spool engine without a free-power turbine, which would fur­
ther constrain the stage pressure ratios. 

The first step is to relate the cooling flows to the cycle 
parameters. In the illustrative examples given here, the 
wheelspace purge flows are taken as 0.6 percent by volume of 
the local gas flow. The gas path component flowrates are 
based upon the curves shown in Fig. 2 where cooling 
effectiveness 

$ = -
T i n " Tui 

(21) 
T—T 
* in ± coolant 

is plotted against the ratio (mcCp /mmCPin) for the blade row. 
Those curves are based upon the analysis of [15]. An addi­
tional coolant leakage flow is assumed as 0.4 percent of the 
local gas flow by volume per blade row. The curves of Fig. 2 
include endwalls and platforms for each blade row. The 
coolant for all rotors and the first stator is assumed to 
originate at compressor discharge. The second and third 
stators are supplied from two intermediate compressor bleeds 
at pressures 30 percent higher than those of gas inlet to the 
cooled stator. All wheelspace purge flows are taken from the 
same source as the adjacent stator row. 

The gas temperature Tia for determining the rotor cooling 
flowrate through equation (21) and Fig. 2 is taken as the rotor-
relative stagnation temperature.6 Calculation of this tempera­
ture requires specification of rotor pitchline velocity relative to 
the speed of sound at ambient as well as absolute backswirl 
velocity component at rotor exit relative to pitchline velocity. 
Those quantities also enable the pitchline degree of reaction 
and stage loading to be determined. In the results presented, 
rotor pitchline speed is taken as 1.05, 1.1, and 1.15 times the 
speed of sound at ambient and rotor exit backswirl at 14, 7, 
and 0 percent of pitchline speed for stages 1, 2, and 3, respec­
tively. Temperature pattern factors, representing the ratio of 
peak gas temperature above mixed mean to temperature rise 
through the combustor are taken as 0.12, 0.06, and 0.03 for 
the first three blade rows. Metal temperatures Tb used in the 
examples are listed in Appendix I. 

5Note that the second law is applied implicitly in the compressor analysis 
since T2 depends on the polytropic efficiency which is a second-law concept. 

6The recovery factor is assumed to be unity. 

-T 1 1 r- —i f 1 r-

BLAOE-flO* COOLAtfT/SAS HEAT CAPACITY RATIO 

Fig. 2 

Table 1 Cycle state points 

POINT 

Air Inlet (a) 
Comp. Inlet (1) 

Comp. Disch.(2) 

Comb. Qisch.(3) 

Inlet STATOR 1 
Inlet ROTOR 1 

Inlet STATOR 2 
Inlet ROTOR 2 

Inlet STATOR 3 
Inlet ROTOR 3 

Turb. Exit (4) 
Dlffuser Ex(4A) 

PRESSURE 
BAR 

1.013 
1.005 

14.076 

13.513 

13.513 
12.774 

5.873 
5.716 

2.552 
2.534 

1.109 
1.048 

TEMPERATURE K 
Absolute Rotor-

Relative 

289.0 
289.0 

652.7 

1550.0 

1550.0 
1469.3 

1235.0 
1202.9 

1003.8 
999.1 

825.7 
825.7 

1335.6 

1082.9 

893.8 

MASS 
FLOW 
% al 

100.00 
100.00 

75.49 

77.27 

77.27 
85.92 

91.70 
96.69 

100.13 
101.03 

101.78 
101.78 

MOLE 
air 

100.00 
100.00 

100.00 

57.60 

57.60 
61.80 

64.17 
65.99 

67.15 
67.44 

67.67 
67.67 

COMPOSITION % 
water St.gas 

0.00 
0.00 

0.00 

0.00 

0.00 
0.00 

0.00 
0.00 

0.00 
0.00 

0.00 
0.00 

0.00 
0.00 

0.00 

42.40 

42.40 
38.20 

35.83 
34.01 

32.85 
32.56 

32.33 
32.33 

Table 2 Turbine analysis 

BLADE ROW 

STATOR 1 
ROTOR 1 

STATOR 2 
ROTOR 2 

STATOR 3 
ROTOR 3 

COOLING 
EFFECT* 

0.620 
0.529 

0.343 
0.262 

0.000 
0.000 

COOLANT % OF ROW INLET 

Gaspath Gaspath Dnstrm 
Compnts w/Lekge Whspce 

9.490 
5.229 

4.003 
2.220 

0.000 
0.000 

10.089 
5.729 

4.518 
2.627 

0.000 
0.000 

1.105 
1.004 

0.916 
0.937 

0.900 
0.736 

STAGE 
EFF.% 

72.9 
88.0 

82.6 
91.3 

90.3 
95.9 

STAGE WORK 

KO/KG R.l. 
KJ/KG al 

253.160 
217.514 

227.338 
219.807 

201.077 
203.158 

CHARACTERISTICS 

React­
ion 

0.156 

0.264 

0.348 

Loading 

1.969 

1.612 

1.305 

The cooling thermodynamic loss mechanisms and calcula­
tion procedure adopted in GASCAN are physically similar to 
those given in [2]. However, greater differentiation between 
the gas momentum loss penalties arising from stator, rotor, 
foreward and aft wheelspace coolant mixing is provided. Also, 
unlike [2], a closed-form algebraic solution is not possible due 
to the property variations and the discrete rather than 
distributed model for staging. 

Tables 1 and 2 for the sample cycle illustrate the results, 
with Table 2 showing some details of the turbine cooling flows 
and stage characteristics. Several different definitions exist for 
the efficiency of a cooled turbine stage. The column on stage 
efficiency in Table 2 shows two values for each stage. The top 
value represents the actual temperature drop across the stage 
due to work extraction only (had it been "cooled" by coolant 
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at the local gas temperature) to the isentropic temperature 
drop based upon the total stage pressure ratio. This definition 
effectively accounts for the total pressure losses due to coolant 
injection as well as fluid friction. The lower value is the defini-

BS 

60 
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Fig. 5 

tion preferred by the author, the ratio of stage work to 
availability consumed 

ETS=WTS/(mh :^m+^mj^j-moM^out) (22) 

The next columns in Table 2 show the stage specific works per 
unit rotor inlet flow as well as per unit compressor inlet. The 
last two columns give the degree of reaction and stage loading 
parameters. Figure 3 shows cooling flow variation against 
T.I.T. for each stage at a cycle pressure ratio of 14. 

Cycle Results and Discussion 
Table 3 shows energy and exergy balances for the sample 

cycle with a pressure ratio of 14 and T.I.T. of 1550 K. This 
table is complemented by Figs. 4-8, which illustrate how those 
balances vary with T.I.T. and pressure ratio. The energy and 
exergy balances are presented as percentages of fuel heating 
value in the second and fifth columns of Table 3 and Figs. 4-6. 
Thus net work represents traditional first-law efficiency in 
those cases. The balances are presented as specific quantities 
in kJ/kg compressor inlet in the first and third columns of 
Table 3 and in Figs. 7 and 8, wherein the net work represents 
cycle specific power in kW/kg/s. Work quantities are identical 
in energy and exergy terms since work is entropy-free energy. 
The fourth column in Table 3 shows the exergy balance re­
ferred to fuel availability. This gives true second-law effi­
ciency as defined by equation (2). 

The rows showing steam cycle and combined cycle work in 
Table 3 and the dotted lines on Figs. 4-8 are based upon the 
optimized dual-pressure bottoming cycle discussed in Part 2 of 
this paper. The figures actually show two dotted lines, barely 
distinguishable from each other, representing optimized dual 
pressure steam cycles with maximum allowable throttle 
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Table 3 Energy and exergy balances 

FUEL SUPPLY LINE 

G.T. CYCLE NET WORK 

LOSSES :-
I n l e t pressure loss 
Compressor 
Combustotr 
Turbine 
Ex i t d i f f u s e r loss 

(Exhaust Gas Stream) 

ENERGY 

KJ/KG a l 

882.513 

276.941 

0.000 
0.000 
8.825 
0.000 
0.000 

596.747 

% of Fuel 
Enthalpy 

100.000 

31.381 

0.000 
0.000 
1.000 
0.000 
0.000 

67.619 

KJ/KG a l 

888.692 

276.941 

0.627 
22.424 

258.826 
59.493 

4.839 
265.543 

EXERGY 

* of Fuel 
Exergy 

100.000 

31.163 

0.071 
2.523 

29.124 
6.694 
0.545 

29.880 

« of Fuel 
Enthalpy 

100.700 

31.381 

0.071 
2.541 

29.328 
6.741 
0.548 

30.089 

STEAM CYCLE NET WORK 166.392 

COMBINED CYCLE NET WORK 443.333 

NET PLANT ELECTRIC WORK 428.941 

18.854 166.392 18.723 18.854 

50.235 443.333 49.886 50.235 

48.605 428.941 48.267 48.605 

temperatures of 1000°F and 1100°F. The bottom row in Table 
3 shows net combined cycle electric output based upon electric 
generator efficiency of 98 percent after subtracting 0.6 percent 
shaft losses for each of the gas and steam turbines. Motor 
driven auxiliaries are assumed at 0.5 percent and balance-of-
plant at 0.6 percent of gross output. 

The fuel exergy in those balances includes fuel line pressure, 
taken as 20.67 bar (300 psi), in addition to fuel chemical 
availability AGr, as shown in equation (13). 

It is interesting to contrast the second and fifth columns of 
Table 3 and Figs. 4 and 5. The "bottom lines" are identical in 
both cases; the information presented, however, is different. 
The energy balance indicates that roughly 2/3 of the heat not 
converted to work by the gas turbine is rejected at its exhaust, 

GAS TURBINE NET WORK 

1400 1450 1500 1550 1B00 1650 1700 1750 1B00 1B50 

COMBUSTOR DISCHARGE TEMPERATURE [TIT) K 

Fig. 7 
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Fig. 8 
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and that the steam cycle recovers less than 1/3 of that heat, the 
balance being rejected mostly at the condenser. It does not 
show why such a large amount of energy has to be rejected. 
Moreover, it indicates no losses in the system pressure drops 
and in compressor friction, turbine friction, and coolant mix­
ing, and just the 1 percent loss arising from incomplete com­
bustion in the combustor. All those processes, which produce 
obvious physical losses, conserve energy and do not appear 
significant as sources of loss on the energy balance. The 
availability balance, on the other hand, provides a detailed 
quantitative accounting for the sources of those losses. 
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Table 4 Turbine irreversibilities breakdown 

1800 1B50 

SOURCE OF 

IRREVERSIB IL ITY 

STATOR 1 c o o l i n g 

ROTOR 1 c o o l i n g 

Fwd.WS 1 coo l ing 
Aft WS 1 coo l ing 
Totals 
TOTAL STAGE # 1 

STATOR 2 coo l ing 
ROTOR 2 coo l ing 
Fwd.WS 2 coo l ing 
Af t US 2 coo l ing 
Totals 
TOTAL STAGE # 2 

STATOR 3 coo l ing 
ROTOR 3 coo l ing 
Fwd.WS 3 coo l ing 
Aft MS 3 coo l ing 
Totals 
TOTAL STAGE * 3 

coolant 
t h r o t t ­
l i n g 

0.577 
3.554 
0.069 
0.188 
4.389 

0.974 
3.596 
0.202 
0.198 
4.970 

0.000 
0.000 
0.202 
0.679 
0.881 

EXERGY LOSS 

mainstream 
pressure 

losses 

3.154 
4.728 
0.576 
0.508 
8.965 

1.555 
2.367 
0.565 
0.533 
5.020 

0.000 
0.000 
0.607 
0.438 
1.044 

KJ/KG a l 

thermal 
degrad­
a t i on 

6.876 
2.749 
0.711 
0.714 

11.050 

3.328 
0.674 
0.655 
0.805 
5.462 

0.000 
0.000 
0.793 
0.417 
1.210 

AND MECHANISM 

coo l ing 
t o t a l s 

10.607 
11.031 

1.355 
1.410 

24.404 

5.857 
6.637 
1.422 
1.536 

15.453 

0.000 
0.000 
1.602 
1.533 
3.135 

f r i c t i o n 
&aerody-
namic 

5.321 

5.595 

5.585 

STAGE 

TOTAL 

2 9 . 7 2 

2 1 . 0 4 6 

8 .72C 

It should be mentioned that the combustion-loss band in 
Figs. 5-8 includes the losses given by equations (136), (13c), 
and (13e). The loss due to combustor pressure drop of equa­
tion (13«0 is included in the pressure loss bands of Figs. 5-8. 

The dotted line appearing at the bottom of the combustion-
loss band in Figs. 5-8 represents the simplified, air-standard 
cycle model of sensible exergy addition to the cycle working 
fluid, i.e., 

N 1LM' 

in Figs. 5 and 6, and 

AH, Hr \ T,M) fe 

(23«) 

(236) 

in Figs. 7 and 8, TLM being the logarithmic mean temperature 
of the working fluid during the heat addition prcess. This line 
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lies very close to the solid line representing the actual com­
puted sensible exergy addition, validating the approximate 
model in the case of methane-fired gas turbines. 

To illustrate further the power of availability-balance 
analysis, Figs. 9-11 and Table 4 provide detailed magnifica­
tion of the exergy-loss bands shown in Fig. 5. Figure 9 shows 
the combustion-loss details, Fig. 10 the breakdown of the 
pressure drop irreversibilities, and Fig. 11a breakdown of the 
turbine loss band by stage. Table 4 provides a further 
breakdown of the turbine exergy losses by stage and by ir­
reversibility mechanism for the sample cycle. The heading on 
the top of each row indicates each of the four irreversibility 
mechanism discussed in [2]. The contribution due to the cool­
ing of each component is shown. The total column to the right 
shows the sum of cooling irreversibilities by component. The 
totals to the bottom show the sum by loss mechanism. Such a 
"spreadsheet" analysis can rapidly provide quantitative in­
sight into the potential thermodynamic impact of any pro­
jected design modification. 

Figure 5 shows that as T.I.T. increases the compressor and 
pressure drop exergy-loss bands are essentially constant. The 
combined cycle efficiency is governed mostly by the interac­
tion between the decreasing combustion irreversibility, 
brought about by raising the logarithmic-mean combustion 
temperature, and the increasing turbine irreversibilities 
resulting from the necessity of larger cooling flows and their 
associated losses. This tradeoff is illustrated in Fig. 12, which 
shows the variation of combustion effectiveness as well as tur­
bine effectiveness, for each stage and as a whole, with T.I.T. 
The graph also shows how the cooled-stage efficiency de­
scribed earlier varies with T.I.T. Thus cycle efficiency changes 
very slightly with T.I.T. Means of decreasing the cooling-loss 
penalties are essential if cycle efficiencies are to increase with 
T.I.T. Higher material working temperatures or improved 
cooling techniques can accomplish that. 

One way of decreasing combustion irreversibility without 
increasing T.I.T. is to employ reheat gas turbine cycles, where 
the logarithmic mean combustion temperature for the cycle 
can be increased without increasing T.I.T. The increased cool­
ing losses due to subjecting more turbine stages to elevated 
temperatures, however, must be traded off against those 
benefits. 

Journal of Engineering for Gas Turbines and Power 

1 The method of exergy-balance analysis presented 
enables the time-honored first-law definition of efficiency to 
be preserved, while detailing and quantifying the sources of in­
efficiency. This quantification, which cannot be performed by 
traditional energy-balance analysis, can be a valuable tool for 
system optimization. 

2 The simplified model for the combustion irreversibility, 
based on the Carnot efficiency at the logarithmic-mean com­
bustion temperature, is in good agreement with the detailed 
calculation. 

3 The dominant influence on cycle efficiency as turbine in­
let temperature is raised is the tradeoff between decreased 
combustion exergy losses and increased turbine cooling losses. 
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A P P E N D I X I 

I n p u t s n o t m e n t i o n e d in t h e b o d y o f t h e p a p e r b u t u s e d in 
t h e e x a m p l e s c i t ed a r e : 

Fractional total pressure drops: 
Atmosphere to compressor inlet = 0.0075 
Across combustor = 0.04 
Turbine exit to diffuser exit = 0.06 
Diffuser exit to stack (including waste heat boiler) = 0.035 
Compressor polytropic efficiency = 90.5 percent 
Combust ion efficiency = 99 percent 

Maximum metal temperatures: 
Stator #\: 1035 K Rotor #1 : 1000 K 
Stator #2: 1015 K Rotor #2: 970 K 
Stator #3: 1015 K Rotor #3 : 950 K 
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The polynomials used to express Cp(T) for each of the 
three gaseous components defined in the paper are plotted on 
dimensionless coordinates in Fig. Al. 

1 1 1 1 —i 1 1 1 r-

Steam 

Combustion gases^ 

T/Ti 

Fig. A1 

A P P E N D I X II 
CYCLE ENERGY 4 EXERGY STREAMS 

STREAM 

Atmosphere inlet 

Compr. Inlet (1) 
Bleed port # 1 
Bleed port # 2 
Bleed port t 3 

Compr. Disch.(2) 

Fuel supply line 
Comb. Disch. (3) 

STAGE 1 1 
Main Gasflow in 
STATOR coolant 
ROTOR coolant 
Fwd.wS coolant 
Aft WS coolant 
Stage shaft work 
STAGE 1 2 
Main Gasflow in 
STATOR coolant 
ROTOR coolant 
Fwd.WS coolant 
Aft WS coolant 
Stage shaft work 
STAGE 1 3 
Main Gasflow in 
STATOR coolant 
ROTOR coolant 
Fwd.WS coolant 
Aft WS coolant 
Stage shaft work 

Turbine exit (4) 
Diffuser exit 4A 

P 
BAR 

1.013 

1.005 
14.076 
7.634 
3.318 
14.076 

20.665 
13.513 

13.513 
14.076 
14.076 
14.076 
7.634 

5.873 
7.634 
14.076 
7.634 
3.318 

2.552 
3.318 
14.076 
3.318 
3.318 

1.109 
1.048 

THERMODYNAMIC S1ATE 

T 
K 

289.00 

289.00 
652.75 
543.10 
420.36 
652.75 

289.00 
1550.00 

1550.00 
652.75 
652.75 
652.75 
543.10 

1234.99 
543.10 
652.75 
543.10 
420.36 

1003.80 
420.36 
652.75 
420.36 
420.36 

825.70 
825.70 

h 
KJ/KG 

0.00 

0.00 
376.53 
260.41 
133.29 
376.53 

50187.34 
1498.56 

1498.56 
376.53 
376.53 
376.53 
260.41 

1083.67 
260.41 
376.53 
260.41 
133.29 

796.65 
133.29 
376.53 
133.29 
133.29 

586.32 
586.32 

omega 
KJ/KG 

0.00 

-0.63 
352.85 
242.07 
122.23 
352.85 

50538.73 
1159.88 

1159.88 
352.85 
352.85 
352.85 
242.07 

762.20 
242.07 
352.85 
242.07 
122.23 

479.61 
122.23 
352.85 
122.23 
122.23 

265.66 
260.90 

STREAM/KG COMPR 

Mass 
KG 

1.00 

1.00 
0.16 
0.06 
0.03 
0.75 

0.02 
0.77 

0.77 
0.08 
0.05 
0.01 
0.01 

0.92 
0.04 
0,03 
0.01 
0.01 

1.00 
0.00 
0.00 
0.01 
0.01 

1.02 
1.02 

Enthalpy 
KJ 

0.00 

0.00 
60.67 
15.22 
3.40 

284.25 

882.51 
1157.94 

1157.94 
29.35 
18.53 
3.22 
2.25 

217.51 

993.77 
10.79 
9.56 
2.19 
1.21 

219.81 

797.71 
0.00 
0.00 
1.20 
0.99 

203.16 

596.75 
596.75 

. INLET 

Exergy 
KJ 

0.00 

-0.63 
56.85 
14.15 
3.12 

266.37 

888.69 
896.24 

896.24 
27.51 
17.37 
3.01 
2.09 

217.51 

698.97 
10.03 
8.96 
2.03 
1.11 

219.81 

480.25 
0.00 
0.00 
1.10 
0.91 

203.16 

270.38 
265.54 

Compressor effectiveness = 93.83185 % 
Combustor effectiveness = 71.3719 % Fuel enthalpy 70.87566 % Fuel exergy 
Turbine Stage 1 effectiveness s 87.97719 % 
Turbine Stage 2 effectiveness = 91.26108 % 
Turbine Stage 3 effectiveness = 95.88434 % 
Turbine effectiveness as a whole= 91.50059 % 
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Exergy Analysis of Combined 
Cycles: Part 2—Analysis and 
Optimization of Two-Pressure 
Steam Bottoming Cycles 
Results of a study for selecting the optimum parameters of a dual-pressure bottom­
ing cycle as a function of the gas turbine exhaust temperature are presented. 
Realistic constraints reflecting current technological practice are assumed. Exergy 
analysis is applied to quantify all loss sources in each cycle. Compared to a single 
pressure at typical exhaust gas temperatures the optimized dual-pressure configura­
tion is found to increase steam cycle work output on the order of 3 percent, prin­
cipally through the reduction of the heat transfer irreversibility from about 15 to 8 
percent of the exhaust gas energy. Measures to further reduce the heat transfer ir­
reversibility such as three-pressure systems or use of multicomponent mixtures can 
therefore only result in modest additional gains. The results for the efficiency of op­
timized dual-pressure bottoming cycles are correlated against turbine exit 
temperature by simple polynomial fits. Sensitivity of the results to variations in the 
constraint envelope are presented. 

Introduction 

Thermal optimization of steam bottoming cycles operating 
on gas turbine exhaust heat differs from that for directly fired 
boilers in that the heat supply is of relatively low grade. Table 
1 of Part 1 of this paper illustrates and quantifies this fact by 
displaying the relatively low exergy content of typical turbine 
exhaust gas relative to its energy content. The decreasing 
temperature of the heating gas as energy is extracted 
therefrom necessitates careful matching of the steam-side 
heating curve to maximize the availability transferred between 
the streams and minimize the exergy lost in the heat transfer 
process. This matching can be improved by increasing the 
number of evaporator pressures on the steam side from one to 
two or more, or by application of developments such as the 
Kalina cycle [1], currently under development, wherein a 
water-ammonia mixture boils at a temperature which varies 
with composition. Either of those means to reduce the heat 
transfer exergy Joss introduces additional cost and complexity, 
which have to be weighed against the performance 
improvement. 

One purpose of this paper is to provide a basis for quantify­
ing the improvements to cycle performance that can be 
brought about by adopting measures which reduce heat 
transfer irreversibility as well as variation of the design 
parameters or constraints. This basis is provided by the 
presentation of detailed exergy balances of steam cycles based 

Contributed by the Gas Turbine Division and presented at the Joint 
ASME/IEEE Power Generation Conference, Portland, Oregon, October 
19-23, 1986. Manuscript received by the Gas Turbine Division July 31, 1986. 
Paper No. 86-JPGC-GT-10. 

upon practical performance constraints. Thus the extent of 
improvement made possible by reducing (or in the theoretical 
limit, eliminating) any of those sources of availability loss can 
be assessed. 

The second purpose of this paper is to provide results of an 
optimization study on a two-pressure evaporator cycle con­
figuration. This is selected since it is thought to provide a 
reasonable tradeoff between performance improvement and 
complexity, and the model includes as a subset the perfor­
mance of a single-pressure system. The results show the op­
timum selection of evaporator pressures as a function of gas 
turbine exhaust temperature. The optimization is carried out 
within a constraint envelope representative of current 
technological limitations. Sensitivity of the final results to 
departures from the optimum evaporator pressures and to 
variations in the constraint envelope are also presented. 

Cycle Description and Analysis 

The cycle model is a two-pressure steam Rankine cycle with 
reheat running off of a gas turbine exhaust at a specified 
temperature T4A. Due to energy losses in the connecting duct­
work, this gas reaches the boiler at a temperature T4B and no 
additional firing in the exhaust gas is assumed. A single-
pressure system is a subset of the model and results are 
presented for this case also. At each pressure the steam 
streams are superheated to the same temperature, as shown in 
the temperature-entropy cycle diagram of Fig. 1. In that 
figure, the high-pressure stream mixes with the low-pressure 
stream at a temperature below Tsat|Hl the saturation 
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cond 

E N T R O P Y 
Fig. 1 Temperature-entropy diagram ol the steam cycle for the case 

temperature corresponding to the high pressure. A corre­
sponding heat transfer diagram (Fig. 2) shows the fraction of 
energy transferred from the gas stream to the steam side above 
any temperature. This arrangement implies that part of the 
high-pressure stream economizer surface is in parallel with the 
low-pressure superheater tube bank. Note that the change in 
slope that occurs at the mixing temperature Tmix is below 
Tsat//. For a fixed high pressure, if the low pressure is high 
enough the two streams will mix at a temperature above TsaUH, 
resulting in a heat transfer diagram with Tmix slope change 
above TsiUH, in contrast to the case depicted in Figs. 1 and 2. 
In each of those two cases, a different algorithm is used to per­
form an energy balance. 

For given values of T4A, Ttr, both pressures and the set of 
constraints given in the Appendix and discussed below, it is 
possible to find the properties at all the necessary steam cycle 
state points. The only unknowns on the steam side then are the 
low pressure mass flow fraction mL and the total steam mass 

0,0 0.1 0.2 0.3 0,1 0,5 0,6 0.7 0,8 0,9 1,0 

F R A C T I O N OF HEAT TRANSFERRED 

Fig. 2 Heat transfer diagram for the case TsaiH Tmix 

flow per unit of gas flow m. On the gas side, the only 
unknown is the stack temperature. Introducing the definitions 

T* = ^sat,// + A7p/>, H 

T, = TssXL +ATppL 

A = fraction of energy used to heat steam at or above TsalL 

_<lst-\mH(h1- hMH )+mL( hJX - hML) ] 

1st 
where 

Qsl=mL(hmix- hJvlL )+mH(hsh,H- h/w,H) 

+ (hh,L - Amix) + blowdown 

blowdown = BD[mL (hM - hML ) + mH{ hfJ1 - hfwM) ] 

and 

B = fraction of energy used to heat steam at or 
above rsat_A 

_ mH(hshiH-hf.H) + {hshiL-hi0)
1 

Qst 

This expression is for the case where Tm i x < 7*sat H. For the other case 
another heat balance is used. 

BD 

AP 
A^apr 

ATPP 

Vi 
Vi 
?l2 
h 

h* 

K 
m 

mL 

= blowdown factor = 2 
percent 

= pressure loss 
= exhaust gas approach 

temperature difference to 
boiler 

= pinch point temperature 
difference 

= internal cycle efficiency 
= first-law cycle efficiency 
= second-law cycle efficiency 
= enthalpy 
= enthalpy of gas at T* 
= enthalpy of gas at Tt 

= dimensionless mass fraction 
of steam per unit 

= dimensionless fraction of 
steam mass flow in low-
pressure stream 

% = 
Q = 
q = 
T = 

r = 

w = 
Q = 
01 = 

Subscripts 

44 = 
4B = 

a = 
cond = 
duct = 

/ = 

\-mL 
heat 
heat per unit mass of flow 
absolute temperature 
nondimensional 
temperature = T/Ta 

work 
availability 
availability per unit mass 

gas state at turbine exhaust 
gas state at boiler inlet 
ambient 
condenser 
ducting between gas turbine 
exit and boiler inlet 
saturated liquid 

fw = 
H = 

HT = 
L = 

min = 
mix = 

pipe = 

sat = 
sh = 
st = 

stk = 
sub = 

T = 
tr = 

feedwater 
high pressure 
heat transfer 
low pressure, loss 
minimum 
where high-pressure stream 
mixes with low-pressure 
stream 
piping between superheater 
exit and throttle 
saturation 
superheater 
steam 
stack 
subcooled 
turbine 
throttle 
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Fig. 3 Gas stack temperature and mass flow fractions as a function of 
Tsa\,L 

The steam enthalpies h-, and hl0 are for states 7 and 10, respec­
tively, as defined in Fig. 1. Referring to Fig. 2, it can be seen 
that the fraction of heat on the gas side above Tt must be 
equal to A, giving 

Similarly, 

B-

-K, 

•h* 

(1) 

(2) 
" 4 f l "s tk 

Finally by performing a heat balance for the entire cycle one 
obtains 

m = -
m.„ 
m„ 1st 

(3) 

If we assume ATpP: L is equal to the minimum pinch point 
temperature difference, then for a given mL equation (1) can 
be solved for hstk, the enthalpy of the gas at the stack. Using 
equation (2), T* and thus i r W i H is found. 

A computer program was constructed to perform the cycle 
analysis according to the above methodology. The steam 
properties were determined according to the equations given in 
Irvine and Liley [2]. The exhaust gas properties were assumed 
to be those for CH4 burned with 250 percent theoretical air. 

It was found that the best cycle efficiency was achieved 
when both pinch point temperature differences were at the 
minimum allowed by the specified constraints. So for a given 
set of inputs, the program iterates through mL until both 
pinch point temperature differences are equal to the minimum 
allowable ATPP. Then an overall energy balance is performed 
using equation (3) and the mass fraction ratio m is found. The 
results of the iterations are shown in Fig. 3. For the reference 
case example defined below, the mass flow fractions are found 
for each low pressure, then the stack temperature, work of 
each turbine and pump, availabilities, losses, and all other 
quantities of interest can be calculated directly for the cycle. 

In an optimizing loop, given T4A and the high pressure, the 
program will iterate through low pressures and save the TsaUL 

that gives the highest net cycle work. If a cycle constraint is 
reached during an iteration, the program goes to the next 
logical loop. With the fixed inputs the program lowers TsaUL 

by a decrement of 2 K for each iteration. So if the quality in 
the condenser falls below the minimum allowable quality, the 
program stops further calculations and goes to the next TsaUL. 
If the quality of the mix state is below the minimum or if the 
stack constraint is reached, the program stops the TsatL loop. 

Cycle Constraints and Reference-Case Parameters 

The operating constraint and parameters are summarized in 

T 

^sub 

AT' 
A7;„; 

d p i 

T 

Abduct 
Abduct 
A^pipe 
APS„ 

Boiler radiant loss 
Blowdown loss 

Exhaust gas supply 
pressure 

V/w 
above Pa 

289 K 
0.0677 bar 
303 K 
367 K 
14 K 
42 K 
166.5 bar 
867 K 
- 2 . 2 K 
3.5 percent 
6 percent 
5 percent 
5 percent 
1.5 percent of total 
2 percent of {hf — hjv 

pressure 

3.5 percent of Pa 
70 percent 

(60°F) 
(2.0 in. HgA) 
(86°F) 
(200°F) 
(25 °F) 
(75 °F) 
(2400 psig) 
(1100°F) 
( - 4 - F ) 

) for each 

Table 1. The maximum throttle temperature of 867 K (1100°F) 
is not a set cycle parameter. The throttle temperature will be at 
this maximum only if the gas temperature TAB is sufficiently 
high to satisfy the minimum gas approach temperature dif­
ference. Otherwise, the throttle temperature is taken as 

The effect of decreasing the maximum throttle temperature 
constraint to 811 K (1000°F) will be examined later. 

It was found that the cycle had the highest efficiency at the 
highest throttle pressure. Therefore, for all program runs, the 
maximum allowable throttle pressure of 166.5 bars (2400 psig) 
was assumed for the high-pressure stream. Again, the max­
imum is later decreased to quantify its effect on the cycle 
efficiency. 

The minimum stack temperature of 367 K (200 °F) is based 
on the assumption that clean natural gas is the fuel for the gas 
turbine. 

The low-pressure turbine efficiency is assumed to be 87.0 
percent. The high-pressure turbine efficiency is 79.18 percent 
for the reference-case cycle. A correlation for the change in 
steam turbine efficiency as a function of inlet temperature and 
pressure was presented by Foster-Pegg [3] based upon the 
results of Spencer et al. [4]. A subroutine was generated to ad­
just the turbine efficiency according to the curves given in the 
former reference. 

Results and Discussion 

The internal steam cycle efficiency is defined as 

W„, w„ 
Vi=- (4) 

Qgas /wgas("<U "stk) 

However, in this study we use the definition of the overall bot­
toming cycle first-law efficiency as 

W W„, 
v\=- (5) 

heat available rniSLS(hM —ha) 

Therefore the cycle efficiency is penalized for the available 
heat that the cycle does not recover. Thus, the latter definition 
incorporates the conventional efficiency with the efficiency 
with which the heat recovery boiler recoups the gas turbine ex­
haust energy. 

The second-law bottoming cycle effectiveness is given by 

W„. W„ 
V2 = available work mzas(°>4A • 

• « « ) 

(6) 

Effect of Low Pressure Selection. The efficiency of the bot­
toming cycle is plotted versus Tsat L for several combinations 
of maximum throttle pressures and throttle temperatures in 
Fig. 4. The lowest low pressure (TsM L) at which each curve 
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Fig. 4 First-law cycle efficiencies for two-pressure cycles with various 
throttle constraints 
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Fig. 6 An availability flow diagram for the two-pressure bottoming 
cycle 
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Fig. 7 An availability balance for the 166.5 bar/867 K throttle constraint 
two-pressure cycle with 74 / ,=911 K, with exergy and work terms 
divided by thermal energy of gas at state 44 

ends corresponds to the pressure at which the stack 
temperature constraint is reached. 

In Fig. 5, an energy balance is given for the case corre­
sponding to the highest efficiency curve in Fig. 4, namely the 
case with maximum throttle pressure of 166.5 bar (2400 psig), 
throttle temperature of 867 K (1100°F) and gas turbine exit 
temperature T4A of 911 K. This energy balance illustrates the 
tradeoff between energy losses in the condenser and 
unrecovered heat rejected through the stack. However, the 
figure does not show to which components these losses can be 
attributed. An availability flow chart for the steam cycle is 
shown in Fig. 6. The U for each steam stream are total exergies 
of that stream per unit of gas mass flow. By performing an ex­
ergy balance for the control volume we get 

^<U - Wnet + fistk + &L,HT + ^i.cond 

where 

wna = wrM+wTiL-wpump 

fistk = exergy of stack gas 

QHT = exergy lost in heat transfer 

(7) 

O L.cond "cond -o., 
QL T = exergy lost in turbines 
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Fig. 8 An availability balance for the 166.5 bar/867 K throttle two-
pressure cycle with 74 > )=911 K, plotted as a function of the low 
pressure 

fiietc= exergy losses in blowdown, radiant loss ducting, 
piping, and irreversibility in feedwater pump 

The heat transfer exergy loss term occurs because the 

240/ Vol. 109, APRIL 1987 Transactions of the ASME 

Downloaded 01 Jun 2010 to 171.66.16.73. Redistribution subject to ASME license or copyright; see http://www.asme.org/terms/Terms_Use.cfm



1,00 

0,90 -

- • 0,70 

0,60 

-

-

— 

-

1 
STACK 

1 

1 1 1 1 

HEAT TRANSFER LOSS 

CONDENSER LOSS 

^ — — OTHER LOSSES 

^ ^ - - - - ^ H 7 P 7 T U R 8 I N E _ _ J ^ ! 1 — 

, - — - ~ ~ ~ ~ L J \ TURBINE LOSS 

NET WORK 

i l i i 

~ ~ : • 

i 

-

-

~ 

-

700 750 D30 850 SCO 950 1000 

GAS T E M P E R A T U R E , ™ ( K ) 

1050 

Fig. 9 
bar/867 

An availability balance for the two-pressure cycle, with 166.5 
K throttle constraint 

0.34 

0,32 

0,30 

0,28 

0.26 

0,21 

0,22 

0,20 

-

-

700 

i i. i i i i . 

166.5 bar / 811 K ~?<£*^^' 

125.2 bar / 867 " " - > ^ g ^ , 2 5 . 2 / 811K 
125.2 bar / 811 K —y^y^C^^"^ fixed L.P. 

/•^f -S*,/ LF> " 21 bar 

/y^y 
// s 

jf/ / * 166.5 bar / 867 K 
^ / / single-pressure _ 

/ 
\ ' 1 1 I 1 1 

750 800 850 900 950 1000 1050 

GAS T E M P E R A T U R E , ™ ( K ) 

Fig. 12 First-law efficiencies for various throttle constraints as a func­
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cycle with throttle constraints of 166.5 bar/867 K 
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K throttle constraint 

"quality" of energy at the gas temperature is degraded during 
the process of transferring it to a lower temperature stream. 
Figures 7 and 8 present graphic representations of the 
availability balance of equation (7). In Fig. 7 the availabilities 
are divided by Qgas, such that the cycle net work corresponds 
to the first-law efficiency definition in equation (1) and is iden­
tical to the efficiency curve for that cycle shown in Fig. 4. The 

narrow band at the top of the figure labeled "Pressure Drop 
Loss" is the fraction of availability lost through the pressure 
drop in the duct between the gas turbine exit and the boiler in­
let as well as in gas flow through the boiler to the stack. All the 
other bands represent exergy losses within the steam cycle and 
sum up to the sensible thermal exergy contained in the gas 
stream. Figure 8 presents the same availability balance, 
availabilities in this case being normalized by dividing them by 
the availability of the exhaust gas. Thus cycle net work cor­
responds to the second-law efficiency definition of equation 
(6). Here the small pressure drop loss is incorporated in the 
"Duct loss" term with the loss in the duct due to the 
temperature drop. 

Correlation of Optimized Cycles Versus Exhaust Gas 
Temperature. In Fig. 9 an availability balance is given for a 
class of cycles having the high throttle pressure constraint of 
166.5 bars (2400 psig) and maximum throttle temperature of 
867 K (1100°F). Each cycle has been optimized by the selection 
of the best low pressure at the given gas exhaust temperature, 
which is plotted as the abscissa. As an example, the optimum 
choice of the low pressures for the 166.5 bar/867 K (2400 
psig/1100°F) case is given in Fig. 10. For each gas temperature 
the highest allowable throttle temperature consistent with the 
minimum approach temperature-difference constraint is used. 
For comparison, the availability balance for the single 
pressure cycle with the same cycle constraints is shown in Fig. 
11. Note that the heat transfer exergy loss in the two-pressure 
case is nearly one-half the heat transfer loss in the single 
pressure. 

The steam cycle efficiency as defined in equation (1) is plot­
ted against the gas exhaust temperature for various combina­
tions of throttle conditions in Fig. 12. Note that for a set of 
curves with the same maximum throttle pressure, the cycle 
with the higher maximum throttle temperature constraint 
gives better efficiencies unless the gas temperature T4B is too 
low to satisfy the minimum gas approach temperature dif­
ference. Under such conditions the two efficiency curves coin­
cide. Also given in the figure is a comparison of efficiencies 
between the optimized low pressure and fixed low pressure for 
the 125.2 bar/811 K (1800 psig/1000°F) case. The difference 
of approximately 0.8 percent is attributable to reduced stack 
loss, as the optimized cycle brings the low pressure down to 
the stack constraint. This reduction in stack loss is large 
enough to overcome the increased condenser loss associated 
with the lower low pressure. An efficiency curve for a single-
pressure cycle with the same constraints is also included for 
comparison. 
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Fig. 13(b) The change in efficiency of the baseline case as the 
assumed T are varied 

The 166.5 bar maximum throttle pressure represents the 
typical constraint based upon current technological practice. 
A polynomial curve fit for the first-law efficiency of the two-
pressure cycle with this throttle pressure constraint and max­
imum throttle temperature of 867 K (1100°F) as a function of 
nondimensional gas temperature gives 

r), = -0 .5915 + 0.4801 T -0.06064 T2 (8) 

2.337 < T <3.513 

For the same cycle, except with a throttle temperature con­
straint of 811 K (1000°F), the equation is 

rll = -0.7365 + 0.5925 T-0.08229 T2 (9) 

2.337 < T < 3.306 

The lower limits of T represent the lowest T4A that would be 
practical to be considered for a bottoming cycle. However, the 
high limits are not the highest temperatures encountered in 
practice. Instead, these limits represent the gas temperatures at 
which the dual-pressure cycle effectively becomes a single-
pressure cycle with reheat, as the mass fraction in the low-
pressure stream goes to zero in the cycle optimization. In order 
to find the cycle efficiencies for the entire temperature range 
of interest, the single-pressure with reheat cycle must be 
analyzed for the higher temperature range [5]. Combining the 
results of single-pressure reheat cycles and the dual-pressure 
cycles, the optimized cycle efficiencies for the entire 
temperature range are found. These efficiencies for the two 
throttle temperature constraints are as follows: 
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Fig. 13(d) The efficiency of the cycle as the minimum pinch point 
temperature difference is increased 

r) j=-0.6327 + 0.5094 T -0.06578 T2 (10) 

2.337 < T <3.652 

r,! = - 0.7285 + 0.5855 T - 0.08081 T2 (11) 

2.337 < T < 3.652 

These polynomials can be used to approximate the optimum 
bottoming-cycle efficiency, given a gas turbine exhaust 
temperature, thus aiding combined cycle analyses. 

Finally, the sensitivity of the cycle efficiency to various cycle 
parameters is revealed in Fig. 13(a-d). The base case for the 
sensitivity curves is the 125.2 bar/811 K (1800 psig/1000°F) 
cycle with T4A of 911 K. In Fig. 13(a) the reference pressure 
drops are 6, 5, and 5 percent for the throttle pressure drop, 
reheat pressure drop, and superheater pressure drop, respec­
tively. The base efficiency for the reference case is 29.97 per­
cent and the figure shows the change in efficiency as the 
pressure drops are changed. The reference temperature drops 
for Fig. 13(6) are 2.2 K (4°F) for the exhaust gas temperature 
loss between gas turbine flange and boiler inlet, and 2.8 K 
(5 °F) for the steam temperature drop in the piping between the 
superheater exit to the throttle. 

The sensitivity of cycle efficiency to the throttle state is 
shown in Fig. 13(c). It is seen that the cycle efficiency increases 
nearly linearly with increasing throttle pressure and throttle 
temperature. 
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The effect of the minimum pinch point temperature dif­
ference constraint on the cycle efficiency is illustrated in Fig. 
13(d). Clearly, a smaller difference results in a higher efficien­
cy. In the limit with infinite heat transfer surface area, the dif­
ference becomes zero and all of the exergy from the gas side is 
transferred to the steam side. However, a reasonable dif­
ference must be chosen for economic reasons. 

Conclusions 

The energy balance approach to cycle analysis makes no 
distinction between heat and work and thus does not quantify 
the "quality" of the heat. Therefore, this method of analysis 
does not show which system components the cycle losses 
should be attributed to. The exergy balance method of 
analysis enables all loss sources to be quantified. 

An exergy balance analysis of steam bottoming cycles shows 
that the selection of a two-pressure evaporator cycle results in 
an efficiency improvement principally through the reduction 
of the heat transfer irreversibility from that for a single-
pressure system. For typical turbine exhaust gas temperatures 
of 800-850 K, using two evaporator pressures instead of one 
reduces the exergy loss in heat transfer from approximately 15 
percent of the exhaust gas availability to 8 percent. This cor­
responds to a gain of about 3 percentage points in first-law ef­
ficiency. Further reductions of heat transfer irreversibilities 
are possible through increasing the number of evaporator 
pressures or using binary fluid mixtures, but the im­
provements over an optimized two-pressure system at typical 

exhaust temperatures are unlikely to exceed 3-4 percent of the 
exhaust gas availability, which corresponds to about one 
percentage point gain in first-law efficiency. 

With cycle parameter constraints and assumptions consis­
tent with current technology, the first-law efficiency of op­
timized two-pressure steam bottoming cycles are correlated by 
equations (8) and (9) given above. 
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